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Zusammenfassung

Die Elektrifizierung der Luftmobilitat stellt Propellerhersteller vor neue Herausforderungen und
ermoglicht zugleich neuartige Lufttransportkonzepte. Diese Disseration analysiert und opti-
miert elektrisch angetriebene Propeller mit dem Fokus auf Propeller der allgemeinen Luftfahrt,
Auftriebs- und Kipp-Propeller. Die Herausforderung besteht darin, Lirm und Energiebedarf

iiber verschiedene Betriebsbedingungen hinweg gegeneinander abzuwégen.

Zu Beginn wird eine erweiterte Blatt-Elemente-Impuls Theorie (BEMT) zur Leistungsprognose
bewertet und validiert, indem sie mit Windkanalversuchen und CFD RANS Simulationen vergli-
chen wird. Die Validierung zeigt, dass die BEMT Schub und Drehmoment mit einer Genauigkeit

von 10% vorhersagt.

Anschlieflend werden verschiedene aeroakustische Modellierungsansétze vorgestellt. Das tona-
le Larmmodell von Farassat sowie das Breitbandlarmmodell von Brooks, Pope und Marcoli-
ni (BPM) werden anhand experimenteller Daten validiert und erreichen eine Genauigkeit von
+7 dB. Die tonalen Larmmodelle von Gutin und Hanson werden unter verschiedenen Flugbe-
dingungen untersucht und mit dem vorab validierten Farassat-Modell verglichen. Die Bewertung

zeigt, dass die Modelle von Gutin und Hanson tonalen Larm nicht zuverlassig vorhersagen.

Darauf folgend wird die BEMT mit den Modellen von Farassat und BPM sowie einem geneti-
schen Algorithmus zu einer multidisziplindren Optimierungsverfahren (MDO) kombiniert. Die
MDO balanciert die Larmemissionen und den Energieverbrauch iiber eine gesamte Flugmission
hinweg. Ergénzt wird sie durch Modelle zur Abschéitzung des Motorwirkungsgrads, der Motor-
und der Propellermasse. Im ersten Schritt werden Blattzahl und Durchmesser optimiert, im

zweiten Schritt folgen Sehnenléngen- und Verwindungsverteilung.

Die MDO wird auf eine generische Flugmission mit Schwebe-, Transitions- und Reiseflugphase
angewendet. Nacheinander werden die Einfliisse der verschiedenen Modelle auf die Optimie-
rungsergebnisse bewertet. Die Bewertung unterstreicht die Notwendigkeit eines multidiszipli-
nédren, mehrstufigen Verfahrens zur Optimierung von Larmemissionen und Energieverbrauch.

Der Vergleich eines Fest- mit einem Verstellpropeller zeigt, dass letzterer nur 6,5% effizienter ist.

Diese Dissertation leistet einen Beitrag zur Weiterentwicklung elektrisch angetriebener Propeller
durch die Einfiihrung eines validierten Optimierungsverfahren und zeigt notwendige Schritte zur

weiteren Verbesserung des Optimierungsprozesses auf.

Schlagworte: Doktorarbeit, Propeller, Aerodynamik, Akustik, Optimierung






Abstract

The electrification of air mobility presents challenges for propeller manufacturers while enabling
new air transport concepts. This dissertation analyses and optimises electrically driven pro-
pellers, focusing on general aviation propellers, lift propellers, and tilt propellers - those that
benefit the most from the electrification. A central challenge is balancing noise emissions and

energy consumption across varying operating conditions.

The thesis begins by evaluating and validating an extended blade element momentum theory
(BEMT) for performance prediction by comparing it with wind tunnel tests and CFD RANS
simulations. The validation demonstrates that the BEMT predicts thrust and torque with an

accuracy of 10%.

Subsequently, different aeroacoustic modelling approaches are introduced. Farassat’s tonal noise
model and the broadband noise model of Brooks, Pope, and Marcolini (BPM) are validated
against experimental data, demonstrating reliable noise predictions within an accuracy of 7 dB.
The tonal noise models by Gutin and Hanson are assessed under various flight conditions and
compared to the previously validated Farassat model. The assessment reveals that Gutin’s and

Hanson’s model do not reliably predict the tonal noise emissions.

A genetic algorithm is used for multidisciplinary optimisation (MDO), combining BEMT with
Farassat’s tonal and BPM broadband noise models. The MDO compares noise emissions and
energy consumption over a flight mission to identify the optimal balance between them. The
MDO is extended to include models for the motor efficiency, the motor mass, and the propeller
mass prediction. In the first step, blade number and diameter are optimised followed by the

optimisation of chord and twist distribution.

The MDO is applied to a generic flight mission comprising hover, transition, and cruise phases.
The influence of each model is assessed individually. The assessment highlights the need for
a multidisciplinary, step-wise approach to optimise noise emissions and energy consumption.
Comparing fixed- and variable-pitch propellers for the reference mission shows that the variable-

pitch propeller is only 6.5% more efficient.

This dissertation advances the development of electrically driven propellers by introducing a
validated optimisation framework and outlines the necessary steps to further improve the opti-

misation process.

Keywords: PhD-Thesis, Propeller, Aerodynamics, Acoustics, Optimisation
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1 Introduction

HALLENGES of climate change, advancements in battery technology, and the European
Commission’s "Flightpath 2050" initiative [47] are driving the transition towards the elec-
trification of air mobility. The "Flightpath 2050" initiative and the corresponding initiative
of the Federal Aviation Administration (FAA) "Next Generation Air Transportation System"
(NextGen) [44] both aim to significantly reduce noise pollution and greenhouse gas emissions.
Electrification eliminates direct CO9 emissions and has the potential to reduce noise emissions
[126]. Moreover, it has opened new possibilities for air mobility, such as advanced air mobil-
ity (AAM), which involves unmanned and manned aerial vehicles for transport within cities,
between city centres and between mobility hubs [101, 119]. AAM vehicles share the common
characteristic of short or vertical take-off and landing capabilities (STOL or VTOL) and are

mainly driven by propellers.

In order to achieve the emission reduction targets of the "Flightpath 2050" and NextGen ini-
tiative, highly efficient, low-noise propellers are required, as the propellers are key contributors
to both the noise emissions and energy consumption. The electrification comes with challenges
in energy storage and nowadays results in lower energy density compared to conventional com-
bustion engines [29, 149]. Furthermore, the electrification of general aviation (GA) and AAM
demands new propeller designs tailored to the specific requirements of electric motors, as the
electric motors have different characteristics then combustion engines [62]. Electric motors and
combustion engines differ not only in their mode of operation but also in the following aspects
[84]:

o The rotational speed range

e The torque - rotational speed relationship
o The efficiency map

e The motor mass and size

o The scalability capabilities

The propeller converts the rotation generated by a motor into thrust by accelerating a fluid.
This principle is used for remote controlled micro-drones up to large helicopters and transport
aircraft. Within this thesis, propellers are categorised in groups to handle these different kinds
of applications. The following enumeration describes typical characteristics of each propeller
category. The descriptions are by no means complete and there are propellers which could be
sorted in different categories. These categories are created by the author based on the assessment

of the requirements for different kind of propellers and rotors.
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1. Low Reynolds number propellers operates at Reynolds numbers below 50,000. They
are typically used for small drones with high thrust-to-weight ratios.! Due to the low
Reynolds numbers, these propellers often use flat-cambered plates as airfoils. Deformations
are less important, but weight is crucial, as drones are controlled by adjusting rotational

speed. Therefore, moment of inertia is essential. Typical diameters are below 50 cm.

2. Lift propellers are similar to low Reynolds number propellers in the application, with
diameters ranging from 1 m to 4 m. The higher Reynolds numbers require typical airfoils
instead of flat plates. This type of propeller must operate at the limits of its design envelope
in terms of deformation, weight, aerodynamic performance, and noise emissions for optimal
efficiency and compliance with operational requirements. Therefore, these propellers have
high aspect ratios and typically two blades for optimal aerodynamic performance. Due to
the critical system mass, lift propellers generally have fixed roots. Lift propellers are used
for controlling the aircraft, which is achieved through (sudden) variations in rotational

speed. Therefore, the moment of inertia of the lift propellers must be kept low.

3. GA propellers are well known and must provide sufficient thrust for both take-off and
high-speed operations. The aspect ratio of GA propellers is significantly smaller than that
of lift propellers. Conventional GA propellers can be operated as fixed-pitch, variable-speed
propellers or as variable-pitch, fixed-speed propellers. Electrification allows for variable-
pitch, variable-speed GA propellers. System mass is less critical than in VTOL operations,

which is why ground-adjustable pitch propellers are feasible.

4. Tilt propellers combine the requirements of both lift and GA propellers, regardless of
the tilting mechanism (tilt-wing, tilt-prop, tail-sitter). Recent developments show that tilt
propeller have multiple blades with moderate blade solidity compared to lift propellers.
Additionally, the opposing design goals of cruise and hover are addressed by a variable-

pitch system.

5. Turbo propellers (or turbo-props) are highly loaded propellers designed for high-speed
aircraft. The tips of the propeller blades may operate in the transonic regime, necessitating
blade sweep to reduce wave drag. Since turbines do not allow for significant changes in

rotational speed, variable pitch propellers are required.

6. Open-fans (or open-rotors) represent a transition from a typical propeller with high
aspect ratio and low solidity to a fan. Propeller blades can be considered as independent
of each other, while fan blades interact with each other, requiring all blades to be designed

together to account for all relevant effects.?

!There is a range of applications in other planet’s and moon’s atmospheres where low Reynolds number propellers
are limited in performance. For such applications, accurate prediction and high-fidelity simulations are required.

*If the ratio of blade spacing (s) to chord length (c), (£), is less than 3, the blades interact with each other. This
value can be derived from potential theory.



7. Rotors are similar to a lift propeller. However, the key difference between a lift propeller
and a rotor is the rotor’s elastic hub connection, which allows for heave and lead-lag
motion, while the propeller has a rigid hub connection. This makes rotors more complex
than propellers. Helicopters are controlled by cyclic and collective pitch adjustments rather

than by changes in rotational speed, as is the case with lift propellers.

This work focuses on the categories lift propeller, GA propeller, and tilt propeller, as
these fields are most relevant for the GA and AAM. Turbo-props and open-fans are typically
analysed with high-fidelity simulations and are less affected by electrification. Rotors usually
operate at a constant rotational speed, so they do not benefit as much as other propellers from
electric motors, which can operate at variable speeds. Low Reynolds number propellers, mainly
used in small drone applications, face fewer performance limitations than other propellers, as the
effective capacity of the batteries decreases with power consumption, resulting in higher relative
battery-to-aircraft mass ratios [6, 151]. Therefore, they do not require prediction methodologies

as accurate as those needed for the other categories.

Fig. 1.1 depicts an exemplary aircraft for each relevant propeller category. The aircraft on the
left side of fig. 1.1 is the VoloCity from Volocopter GmbH, which uses lift propellers for VT OL
missions. The VoloCity flies with 18 two-bladed fixed-pitch propellers with diameters of around
2.1 m. The aircraft in the middle of fig. 1.1 is the GA aircraft Velis Electro of Pipistrel d.o.o.
with an electric-driven propeller. The Velis Electro flies with a three-bladed fixed-pitch propeller
that has a diameter of approximately 1.65 m. The third aircraft on the right side of fig. 1.1 is the
VTOL Joby S4 aircraft with a tilt-propeller configuration by Joby Aviation Inc. The propeller
are tilted for VITOL and cruise. The Joby S4 flies with six five-bladed variable-pitch propellers,

each with a diameter of approximately 1.85 m.

Lift propeller: GA propeller: Tilt propeller:
Volocopter — VoloCity Pipistrel —Velis Electro Joby Aviation — Joby S4

© Martina Heintzen © Ole Bergmann © United States Air Force
230920-F-CC248-1015

Figure 1.1: Exemplary aircraft representing the relevant propeller categories

Fig. 1.1 highlights the diverse electric-driven AAM propeller applications. All three vehicles are
airborne and either already certified or undergoing certification. These novel propeller systems

introduce novel challenges [79], which we will outline in the next sections.
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1.1 Motivation

Albert Betz is considered the pioneer of numerical propeller design [13, 95]. He was the first
to publish what’s known as the "minimum induced loss" (MIL) condition which states the rela-
tionship of parameters for an optimal propeller blade. The key parameters for optimal propeller
design are the twist and chord distributions, which can be determined by applying the MIL
condition. The required thrust, blade number, diameter, and operational condition must be
specified as input in order to solve the MIL condition for obtaining the twist and chord distri-
butions. The required thrust and diameter are usually specified by the aircraft manufacturer,

while the remaining design parameters must be defined using appropriate engineering methods.

However, Betz considered only aerodynamic constraints, whereas propeller design is inherently
a multidisciplinary task. As Ohad Gur states, "Only by harnessing all analyses into a holistic
design framework might the designer find an optimised design." [63], underscoring the necessity
of a multidisciplinary optimisation approach. A comprehensive design process must account for
aerodynamic performance, noise emissions, structural integrity, mass, motor efficiency, system

complexity, costs, producibility, and integration into the overall aircraft concept.

This comprehensive list of requirements demonstrates that propeller design is a complex ven-
ture, which must be tackled using multi physical solvers that account for different engineering
disciplines. NASA has compiled a summary of propeller design procedures in three reports [2,
18, 135]. These reports from 1973 present state-of-the-art procedures with a focus on propellers
for GA and civil aviation. At that time, the oil crisis drove the need for more efficient open-rotor
concepts [83]. Propellers were primarily made of steel, and research efforts were directed towards
increasing the speed and efficiency of propeller-driven aircraft, while noise was considered less

important.

Nowadays, manufacturing techniques, materials, applications, simulation capabilities, and de-
sign requirements have significantly evolved. However, a comprehensive new report series that
considers all of these factors is not yet available. The aim of this thesis is to present a design

procedure for highly-efficient low-noise propellers.

On the one hand, most propeller manufacturers supply the GA market, where they have ex-
tensive knowledge of pairing specific engine types with propellers for specific speed ranges and
diameter requirements. This experienced-based matching is possible because only a few com-
bustion engines are available for the GA, which operate in known speed ranges. Therefore, the
number of possible combinations between motors and propellers is manageable. However, the
emerging field of electric-driven AAM presents challenges beyond the experience of these estab-
lished manufacturers. Electric engines can be easily tailored to different torque and rotational
speed requirements, resulting in a wider variety of electric engines than combustion engines [35,
105]. Thereby, the number of possible combinations between motors and propellers increases

drastically. As a consequence, the applicability of traditional design approaches is uncertain for
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the new requirements placed on propellers by novel electric-driven AAM vehicles, emphasising

the need to re-evaluate conventional design methods.

On the other hand, electric aircraft must be tailored to specific missions due to the significantly
lower energy density of batteries compared to conventional fuels [29, 149]. As a result, each
flight mission requires a dedicated aircraft, and each aircraft, in turn, requires a mission-specific
propeller. Such a propeller is only optimal for that particular mission, which is why a unique
propeller should be designed for every AAM vehicle. Since propeller performance directly im-
pacts overall vehicle performance, a novel propeller design methodology is essential to support

decision-making during the aircraft’s conceptual design phase.

Summarising both sides leads to the following findings. The propeller manufacturers cannot
provide the needed information for the conceptual design of an aircraft, due to the lack of
experience in the field of electric-driven air mobility. This gap of experience can be covered
by a suitable design environment, which provides the required information within a reasonable
time-frame during the concept phase, without relying on high-fidelity simulations. One possible
solution is a multidisciplinary optimisation (MDO) approach, comprising the following three

disciplines:

1. Aerodynamics
2. Structural mechanics

3. Aeroacoustics

The first aspect of a multidisciplinary optimisation framework must cover the aerodynamic
design. The external shape of the propeller, which is described by the diameter, the number
of blades and the distribution of airfoils, twist, chord, lean and sweep distributions, determines
the aerodynamic performance. These parameters must be optimised within a design approach
in appropriate time, as the aerodynamic performance is required in the aircraft’s conceptual
phase. An aerodynamic optimisation is required, as the reduced energy density requires highly
efficient propellers over the flight mission. Methods for the purely aerodynamic optimisation
in the conceptual design exists [17, 20, 22], but they are not coupled with the following two

disciplines.

The aerodynamic efficiency of propellers can be significantly improved by increasing the aspect
ratio of the blades. Propellers with higher aspect ratios exhibit increased aerodynamic and
structural coupling [143], which necessitates structural considerations in the design process.
This is only one of several reasons why structural considerations are required. The structure
can only sustain the loads if the aerodynamic design of the propeller provides sufficient space

for the structural layout.

Therefore, the second aspect must cover the structural analysis. Loads during operation can lead
to significant deformations, impacting aerodynamic performance [142, 152]. The close coupling
of aerodynamic and structural considerations enables the analysis of the interaction between

structural deformations and aerodynamic response. This interaction is known as aeroelasticity
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and must be taken into account to ensure structural integrity at all operating points. The
structural design of propellers is addressed in the NASA designed reports mentioned before [2].
To determine the aeroelastic performance of propellers, coupled aeroelastic simulation codes were
developed by several researchers or industrial groups [14, 67, 90]. However, these approaches are
coupled with higher-fidelity aerodynamic solvers, which are too time-consuming for optimisation

procedures. Furthermore, they do not account for the third discipline.

The third important aspect is the noise emissions and the human perceptions. Flightpath
2050 postulated a 65% reduction in perceived noise emissions. The linkage between human
perception and noise emissions, which are described in engineering metrics like sound pressure
level (SPL), is under investigation. An appropriate noise weighting is required to translate noise
emissions into perceived noise. Recent studies show that annoyance is a key measure for AAM
noise and is closely related to loudness [4]. Therefore, the SPL as a metric for loudness is an
appropriate indicator for annoyance and the human perception. Furthermore, hovering is the
phase of a VTOL flight mission associated with the highest noise pollution [4], though other
phases also contribute. Therefore, noise emissions of a VIT'OL should be evaluated mainly in
hover conditions. Nevertheless, noise reduction is also important for GA, which operates in lower
airspace near residential areas. Electrification eliminates engine noise, leaving propeller noise
as the primary noise source for the GA. Aeroacoustic optimisation can be employed to reduce
propeller noise [31, 146, 153]. These methods manipulate the twist and chord distribution using
a numerical scheme to reduce propeller noise. Another approach is the use of swept blades
[34, 74, 76, 106]. However, propeller sweep is effective in case of high blade passing frequencies
(appendix D.2). The benefit of sweep is therefore limited in both AAM and GA applications,
as the blade number is comparatively low and the rotational speed should be low to minimise
noise. Furthermore, sweep introduces strong aeroelastic coupling effects that must be considered
in the design process [10, 114]. Even if sweep may not contribute significantly to noise reduction
of GA or AAM propellers, the acoustic optimisation should be able to consider sweep, as swept
blades may offer other benefits® [27, 80, 87].

In conclusion, a coupled aeroelastic and aeroacoustic optimisation, or aero-elasto-acoustic opti-
misation, has not yet been developed or described in the literature. A first attempt was made
by Ref. [67], involving the optimisation of a fixed-pitch propeller with constant diameter and
blade number, considering a combustion engine. However, it does not address the wide variety
of electrically driven propellers with varying sizes and blade numbers. Further studies have
shown interactions between aeroelastic effects and noise emissions in helicopter rotors [52, 78]
and open-fan concepts [40]. On the one hand, helicopter studies were conducted under flight ma-
noeuvres or oblique inflow conditions. However, their findings are limited to rotor systems and
cannot directly be applied to the emerging field of electrically driven propellers. On the other
hand, open-fan concepts are applied in the civil aviation. Open-fans differs from conventional
propellers in terms of operational and structural requirements as well as the required analysis

tools.

3Reduction of vibrations; Reduction of blade vortex interactions; Improved aerodynamic efficiency



1.2 Research Questions 7

The author, together with collaborator Felix Mohren, addresses the complex challenge of devel-
oping a novel optimisation approach for the analysis and design of electrically driven propellers.
The focus is on reduced-order models to enable fast turnaround times during the conceptual
aircraft design phase. Complexity is reduced by considering freely rotating propellers without
interaction with the aircraft itself. The co-thesis of collaborator Felix Méhren [112] focuses on
aeroelastic design, while this thesis concentrates on the aeroacoustic design and optimisation
of propellers. Accordingly, this study investigates appropriate aerodynamic and aeroacoustic

methods, with their constraints detailed in the next section.

1.2 Research Questions

The author addresses three research questions (RQ) in this thesis regarding the aeroacoustic and
aeroelastic optimisation of electrically driven propellers for the selected categories: lift-propeller,

GA-propeller, and tilt propeller.

RQ 1 - How applicable are reduced order aerodynamic simulation methods for
electrically driven GA and AAM propellers in conceptual design?

In conceptual design, various geometries must be analysed within a reasonable time frame to
identify optimal solutions. Thus, a robust and accurate calculation method is necessary, capable
of predicting performance across different flight conditions and types of propellers. This question
focuses on the integrated variables thrust and torque, which results in the power consumption
and propulsive efficiency. The prediction method must yield accurate results not only at the

propeller’s design point but also under off-design conditions.

On the one hand, an accurate aerodynamic prediction methodology is required for aeroelastic
and aeroacoustic simulations, as these disciplines are coupled. In aeroelastic simulations, the
aerodynamic and structural models are closely coupled, whereas in aeroacoustic simulations,
the aerodynamic and acoustic models are loosely coupled. The reduced aerodynamic simulation
model provides the input for the acoustic simulation, which is why the answer of the first RQ
is required for the continuing aeroacoustic analysis. On the other hand, the reduced-order
model must be reliable across multiple geometries and operating conditions, as it is intended for

integration into an multidisciplinary optimisation (MDQO) approach.

RQ 2 - Which aeroacoustic simulation method enables accurate prediction of noise
from electrically driven GA and AAM propellers in conceptual design?

Accurate noise prediction is essential in conceptual propeller design to control noise emissions,
primarily influenced by loudness. A range of noise prediction methods is available, from empirical
correlations to high-fidelity simulations. Each method demands different levels of aerodynamic
simulation fidelity. Therefore, this question seeks a method that is accurate for noise emission
prediction over multiple operating points and geometries, computational efficient for conceptual

design application, and does not increase the required aerodynamic fidelity.
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The second RQ delivers an acoustic method which could be applied in an MDO. The accuracy
of the method is known, which is important to quantify the results of the third RQ.

RQ 3 - How can electrically driven propellers be designed with aerodynamic, aero-
acoustic, and aeroelastic considerations for a complete flight mission during con-
ceptual design?

Performance and noise prediction represent only one side of the challenge. The other side in-
volves designing the propeller for the mission requirements. AAM missions bring new design
conflicts that must be solved to achieve efficient, low-noise aircraft. A novel design strategy for

electrically driven propellers is needed, as there is no procedure describes in literature.

The answer to the third RQ outlines how an MDO approach should be structured, and which

effects must be considered to optimise the propeller for a specific flight mission.

1.3 Thesis Structure

The present thesis is structured in five main chapters. The introduction has outlined the needs
for a novel optimisation and design framework and has focused the research scope to open
propellers for the GA and the AAM.

Chapter 2 provides the physical and operational background of propellers in section 2.1. The
reference propeller, introduced in section 2.2, serves as a basis for evaluating the effects of
different physical models. It is analysed both numerically and experimentally in two-, three-
, and four-bladed configurations, as well in hover and cruise conditions. The aerodynamic
modelling of propellers is presented in section 2.3. A blade element momentum theory (BEMT)
with tip loss correction and sweep correction is presented as a reduced-order model for the
aerodynamic analysis of propellers. Different high fidelity CFD RANS simulation approaches
are described and compared against each other. Finally, the reduced order model and the CFD
RANS simulations are validated against wind tunnel tests in section 2.4. The wind tunnel tests,
conducted by the author, are described in section 2.4. Chapter 2 addresses the first RQ. The

derived reduced-order model is used in subsequent calculations.

Chapter 3 continues with the acoustic modelling of propellers. Similar to chapter 2, it begins
by discussing the physical background of sound, followed by an examination of various noise
sources and their characteristics. In section 3.1, three different tonal noise models are described
in detail, and subsequently, a strategy for modelling the broadband noise is presented in sec-
tion 3.2, addressing the second RQ. Farassat’s formulation 1A (F1A) for tonal noise modelling
and the Brooks, Pope, and Marcolini (BPM) broadband noise model are validated against three
experimental data sets from literature in section 3.3. Gutin’s and Hanson’s tonal noise mod-
els are analysed under different operational conditions using the validated tonal noise model of
Farassat. Chapter 3 addresses the second RQ and presents a suitable noise model for use in

subsequent calculations.
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Chapter 4 discusses the propeller design process. Section 4.1 outlines the state-of-the-art aero-
dynamic design procedure for a single operating point. The procedure is applied to redesign the
introduced reference propeller. Section 4.2 provides a brief overview of the propeller’s structural

design.

A comparison between the reference propeller and a redesigned version highlights the benefits
and drawbacks of single-point optimisation. These drawbacks demonstrate the need for a mul-
tidisciplinary optimisation (MDO) approach, which is detailed in section 4.3. This new method

considers the effects of the electric motor, propulsion system mass, and pitch system.

Chapter 5 presents two different design studies for a mission based propeller design. In sec-
tion 5.1, the influence of different design parameters on the aerodynamic and aeroacoustic per-
formance is assessed. In section 5.2 and 5.3, the MDO approach is applied to find the optimal
geometry for a generic mission. In the MDO study, different models are applied stepwise, to
assess the influence of different modelling approaches. This assessment is utilised in section 5.4
to answer RQ3.

Chapter 6 concludes this thesis by summing up all findings and answering the related RQ’s,

followed by an outlook including recommendations for related future work.
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2 Propeller Aerodynamics

THIS chapter summarises the aerodynamic behaviour of propellers and presents an accurate
and efficient performance prediction modelling approach. This approach is later used for
aeroacoustic simulations and optimisation. First, the fundamental mode of action is discussed.

Different operational modes and their impact on propulsive efficiency are explained.

Secondly, a reference propeller is introduced, which serves both for validation and for assessing
the impact of different modelling approaches. This propeller is utilised in experimental inves-
tigations conducted in a wind tunnel as well as in numerical simulations using different CFD

RANS methods to evaluate the modelling strategies and validate their accuracy.

Third, the different performance modelling approaches are discussed. The discussion is separated

into three sections.

1. The blade element momentum theory (BEMT), along with its correction methods, is
explained, and the impact of the different correction methods is assessed.

2. The influence of 2D airfoil data on performance prediction is evaluated. Two modelling
approaches (XFOIL and 2D RANS) are compared, and the effects of two different stall
model are examined.

3. High-fidelity CFD RANS simulations are presented, and the results of various modelling

approaches are compared.

Finally, wind tunnel experiments are conducted for validation. The predictions of both RANS

and BEMT method are compared to the wind tunnel results.

2.1 Basic Propeller Theory

As explained in section 1.2, a propeller converts rotational movement into thrust 7'. The rotation
generates a moment around the propeller axis, known as torque (). The engine must overcome
this torque to maintain the propeller’s rotational speed. The required shaft power, to sustain

the propeller’s speed, is calculated by multiplying the angular velocity w by the torque:
P=Q w=Q -2r-n (2.1)

where n represents the rotational speed in Hz.
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In simple terms, the propeller sucks air and accelerates it to generate thrust. Fig. 2.1 illustrates
the ideal streamlines around a propeller in cruise conditions, from far upstream (section 0) about
the propeller plane (section 1) to far downstream (section 2). Upstream, in the far-field of the
propeller (section 0), the incoming air has a uniform velocity distribution and the static pressure
iS Poo- The acceleration of the air can be explained by a pressure jump across the propeller
plane (section 1), resulting in accelerated airflow across the plane due to the pressure difference
Ap. According to free-stream theory, the pressure returns to po, far downstream (section 2).
However, the air has been accelerated to a higher velocity vo. This theoretic approach was first
described by Rankine [128] and finalized by Froude [48]. By applying the momentum theory in

axial direction, the resulting thrust can be calculated using eq. (2.2):
I—L =) F=T (2.2)

The lower part of fig. 2.1 presents the ideal velocity and pressure distribution along the propeller
axis. The air accelerates smoothly from section 0 to section 2, while the pressure experiences
a jump Ap across the propeller disk. Since the static pressure in the far field must remain at
Poo and the propeller introduces a pressure jump Ap, the pressure distribution along the axis
can be derived. Directly in front of the propeller disk the static pressure must be lower than
Do, Whereas behind the disk, the static pressure is higher than p.,. The principle sketch further
shows the axial induced velocity w, in the propeller plane, which is a measure for the sucked air

by the propeller.

UOO’ pOO

SRR 2222

Figure 2.1: Principle sketch of the propeller’s mode of action

Applying momentum theory from section 0 (far upstream) to section 2 (far downstream), as

described by eq. (2.2), allows for the calculation of thrust based on the velocity in the propeller’s
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wake. The area swept by the propeller is given by:

Ap = —R? (2.3)

T
4
where R is the propeller radius. Using this, the thrust equation can be expressed as:

T=1-Av=ps-Ap-v1- (V2 — V) (2.4)

where poo represents the free field air density, vy is the velocity in the propeller plane, vo is the

velocity in the far-field wake, and vy, is the upstream velocity.

The momentum theory can also be applied more locally, specifically from a section just before the
propeller disk (section 1’) to a section just after the propeller disk (section 1”). This approach,
expressed in (eq. (2.5)), yields a thrust calculation based on the propeller area multiplied by the

pressure jump across the propeller disk.

/

T = Ap-Ap=Ap-(p; —p1) (2.5)

The static pressure terms can be replaced with velocity terms by applying Bernoulli’s principle
from section 0 (far upstream) to 1’ as well as 1”7 to 2 (far downstream). Bernoulli’s principle can
be derived from the conservation of energy under the assumption of incompressible, frictionless,
and steady flow. This allows the static pressures to be related to the upstream free-stream and
downstream wake velocities. Both derived equations can be used to calculate the propeller’s
thrust.

T= %’O - Ap - (V3 — %) (2.6)

By equating the thrust expressions derived from momentum theory applied from section 0 to sec-
tion 2 (eq. (2.4)) and from section 1’ to section 1”7 (eq. (2.5)), a relationship between the velocity
in the propeller plane and the far-field velocities can be established (eq. (2.7)). Eq. (2.7) enables
the calculation of one set of velocities given the other, ensuring a comprehensive understanding

of how the propeller interacts with the surrounding airflow to generate thrust.
1
v = 5(1}2 + Voo) (2.7)

V9 = 201 — Vo (2.8)

As shown in the lower part of fig. 2.1, the velocity in the propeller plane can be divided into the

axial induced velocity w, and the free-stream velocity vuo.
V] = Voo + Wy (2.9)
Substituting the wake velocity into eq. (2.4) leads to the final thrust equation in eq. (2.10).

T =2poo - Ap - v1(V1 — Vo) (2.10)



14 Chapter 2. Propeller Aerodynamics

Eq. (2.10) is reformulated to obtain the axial velocity in the propeller plane (eq. (2.11)).

2
Voo Voo T
=4+—=4 — 2.11
s 2 \/< 2 ) * 2pAp (211)

In case, that the propeller operates in static or hover conditions, eq. (2.11) simplifies to eq. (2.12).

T
QpAp

V1,hover = (212)

To compare the key performance indicators of propellers, it is necessary to normalise the gen-
erated forces and moments. The key performance indicators of propellers are the thrust coeffi-
cient, torque coefficient, and propulsive efficiency. In addition to the conventional normalisation
methods used in classical aerodynamics, it is essential to normalise the propeller speed. This is
because propeller performance is influenced by two key velocities: the rotational speed of the

propeller and the free-stream velocity of the incoming air.

Fig. 2.2 provides an overview of the geometry (r, ¢, 8), velocity components (voo, V¢, Vg, W, W),
and resulting aerodynamic forces (L', D', T, Q) relevant for the following explanations. The
parameters shown are partially already defined, and relevant for the description of the propeller
performance. The geometric parameters include the local blade radius r, chord length ¢, and
twist angle 8. Fig. 2.2 also illustrates the tangential velocity v; at radius r, resulting from blade
rotation at angular velocity w and the resulting velocity w from the superposition of axial and
tangential velocity. In addition, fig. 2.2 shows the aerodynamic forces acting on the blade section
at r: the two-dimensional lift L’ and drag D’. Finally, the propeller generates not only thrust
T, but also torque (), both indicated along the propeller axis.

Figure 2.2: Overview about the propeller geometry, velocities and resulting forces and mo-
ments
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In propeller and rotor applications, this dual velocity dependence is managed through the use of
the advance ratio (J). The advance ratio is a dimensionless parameter that normalises the free-
stream velocity relative to the rotational velocity of the propeller (eq. (2.13)). This normalisation
enables consistent comparisons of propeller performance across different operating conditions

and configurations.

Voo
= 2.13

Where Dp is the propeller diameter. In helicopter applications, the advance ratio is normalized

with the tip speed leading to the following equation:

Voo
= 2.14
lu’z ﬂ—'n'DP ( )

The advance ratio describes the distance a propeller or rotor travels per revolution.

Various definitions for this normalisation exist in the literature; however, in this thesis, thrust,
torque, and power consumption are normalised according to the following equations. In these
equations, the respective quantity is divided by the air density, a reference measure for the
propeller area, and a measure for the blade tip speed. These chosen normalisation methods

ensure dimensional consistency.

The dimensionless coefficients for thrust cr, torque cq, and power cp are defined as follows:

T

cr = DR ()2 (2.15)
Q

cQ = W (2.16)
P

cp = W (2.17)

However, since power P equals the torque @) times the rotational frequency w, the torque and

power coeflicients have equivalent values.

The propulsive efficiency 7 of the propeller is described by eq. (2.18). This efficiency metric indi-
cates how effectively the propeller converts power into forward motion, essentially representing
the advancing velocity per unit of power consumption, or how far a propeller or aircraft travels
for a given amount of power used.

(Voo ' T)  (Voo-T) J Cp

In helicopter applications, the efficiency is expressed as the Figure of Merit (FoM), stated in
eq. (2.19). It is calculated as the ratio of ideal power consumption to actual power consumption.
The FoM is derived for hover conditions, meaning the free-stream velocity is zero (voo = 0),
which simplifies the calculation of the induced power to eq. (2.12). The FoM expression can be
further simplified by substituting eq. (2.15) and (2.17). Eq. (2.19) indicates that higher disk
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loadings result in higher FoM.

3/2
FoM = jjideal _ (T . Ul,hover) _ Z T _ CT/
Preal Preal P 2,0AP \/i -cp

(2.19)

The comparison of the propeller performance is typically done by plotting the torque or power
coefficient, thrust coefficient, and propulsive efficiency against the advance ratio as presented
in fig. 2.3. The torque coefficient is typically two orders of magnitude smaller than the thrust
coefficient, so it is multiplied by 100 for better visibility. The propulsive efficiency reaches its
maximum at approximately 80% of the advance ratio range in which the propeller produces
thrust. In this case, the propeller is producing thrust up to an advance ratio of 0.76. Beyond
this advance ratio, the propeller is producing drag. At an advance ratio of 0.76, the torque
coefficient and therefore the power consumption is still positive, which means the propeller is
consuming energy to maintain the zero thrust condition, while it does not further accelerate the
air. The operating point where the torque coefficient crosses zero is known as wind-milling. The

propeller rotates solely due to incoming airflow without engine power.
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Figure 2.3: Generic propeller performance

The reference propeller used in this analysis is a three-bladed design with a diameter of 74 cm,
operating at a nominal rotational speed of 4500 rpm and a pitch of 5°. Details of the propeller can
be found in section 2.2. To expand the propeller’s operational range, two potential modifications
can be made. The first involves adjusting the propeller pitch, resulting in a variable-pitch
propeller. By altering the pitch, the propeller can achieve higher advance ratios, enhancing
its performance across a wider range of operating conditions. As illustrated in fig. 2.4, the
operational range increases as the propeller pitch is varied between -5° and 25°. At higher pitch
settings, the propeller’s optimal operating point shifts toward higher advance ratios, which is
crucial for aircraft that need higher top speeds. This ensures that the propeller delivers sufficient

thrust and maintains efficiency throughout the entire operational range.
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Figure 2.4: Generic variable-pitch constant-speed propeller performance

The second method to expand the operational range involves adjusting the rotational speed,
resulting in a variable-speed propeller. This approach is particularly feasible with electric motors,
as they allow for a wide range of operational rotational speeds. However, since the advance ratio
is normalised with the rotational speed, efficiency plots remain unchanged when represented
against the non-dimensional velocity. Consequently, the efficiency of variable-pitch propellers
must be shown in relation to the flight speed. Fig. 2.5 displays the efficiency against the flight
speed for rotational speed settings ranging from 3000 to 6000 rpm. As the rotational speed

increases, compressibility effects begin to reduce the propeller’s maximum propulsive efficiency.
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Figure 2.5: Generic variable-speed fixed-pitch propeller performance
2.2 Reference Propeller

In the aerodynamic validation and assessment of the prediction methodology, three propellers

from Helix carbon GmbH are used as references. The reference propeller is a subscale model
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of a GA propeller. All three propellers have the same blade geometry but use two, three and
four blades respectively, with a diameter of 74 cm. The diameter and thrust levels fit the wind
tunnel of FH Aachen University of Applied Sciences, which is why the propellers are selected

for validation purposes.

Fig. 2.6 shows the planform of the reference blade (cf. diagram a)) and its twist, chord and
thickness distribution (cf. diagram b)). Diagram a) depicts the leading-edge (LE), quater-chord
line (¢/4) and trailing-edge (TE). Additionally, the 75% radius section location is visualized in

diagram a). The airfoil of this section is shown in fig. 2.15.

Twist reduces from 22° at the hub to 7° at the tip of the blade. The chord length is approximately
5 cm along the complete radius and the thickness reduces from 15% at the root to 10% at the tip.
The propeller was designed by the Helix Carbon GmbH as a reference propeller for comparisons
between experimental tests and numerical simulations. The LE of the reference propeller has

an S-shape. The S-shape increases complexity in the assessment of the numerical approaches.
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Figure 2.6: Reference propeller’s planform and properties
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The reference condition for the analysis is a rotational speed of 3500 rpm at standard atmospheric

conditions:
e Reference temperature: T = 288.15 K
o Reference pressure: p=1013.25 hPa
¢ Reference density: p=1.225 kg/m?

 Reference kinematic viscosity: p = 1.48 1075 m?/s

These standard settings are used for all further calculations and analyses except in case of wind

tunnel experiments.

An accurate description of the geometry is essential for the comparison of different propellers.
In this work, the geometric parameters are divided in global and local propeller parameters.
The global propeller parameters are the blade number and diameter. These two parameters are
crucial for the overall performance of a propeller, but they are often dictated by the aircraft
manufacturer. However, propellers with the same diameter and blade number can be designed
for different applications, such as AAM or GA. Therefore, the intended operation of the propeller

is essential for its design.

The local propeller parameters defines the shape of the propeller. The most important aspects
are the twist, chord, and thickness distribution, which drive the overall aerodynamic perfor-
mance, acoustic emissions and structural integrity. Further details about the airfoil, sweep and

lean distribution are essential for a detailed analysis of the propeller performance.

2.3 Propeller Performance Modelling

Propeller performance modelling covers a wide range of applications. The specific application
determines the requirements for the modelling approach. Fig. 2.7 shows an overview of typical
simulation approaches and gives quick information about the modelling effort, the level of physics
modelled, and the level of physics resolved by the methods. The list is not complete but offers
an overview of the most commonly used approaches for propeller performance prediction. Multi-

fidelity methods are also available, coupling different levels of fidelity.

The suitable simulation method depends on the design phase of the aircraft, the operating
environment, and the parameters to be determined. These parameters include the pressure field
in the wake, the pressure on the blades, the forces at the hub, the pressure field induced by
the propeller on other structures, and structural, or aeroacoustic analyses. In the following

paragraphs, the main advantages and disadvantages of the most common models are presented.

The first stage of the pyramid shown in fig. 2.7 consists of blade element theory methods (BET).
The BET is typically coupled with a momentum approach to predict the axial induced velocity
resulting in the blade element momentum theory (BEMT). BEMT methods are easy to imple-
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ment, fast, and accurate for freely spinning propeller, as shown in Ref. [23, 28, 65]. Details
about the BEMT are provided in subsection 2.3.1. Therefore, BEMT is used in early design
stages and multi-disciplinary optimisation. The BEMT requires 2D airfoil data to predict pro-
peller performance. The 2D data can capture viscous effects, which is an advantage compared
to potential flow solvers. However, BEMT does not resolve the flow field, which can be both
an advantage and disadvantage. Since they do not resolve the flow field, the BEMT is fast and
robust, but on the other hand, BEMT methods:

1. cannot physically capture interactions with surrounding structure

2. cannot capture 3D effects on the blade

However empirical or other correction models can be easily implemented to improve performance

prediction under these conditions.

The second to fourth stages are potential flow solvers. Potential flow solvers can capture interac-
tions between the propellers and surrounding structures such as struts, ducts, other propellers,
or stator blades. They require some kind of wake description to solve the potential flow problem.
Different types of wake models are used in the literature. The most common ones are the fixed
wake, semi-prescribed wake, free wake, and vortex particle wake [65]. These first three wake
models describe the wake by non-viscous vortex sheets. Therefore, these wake models cannot
account for dissipation, which is important for the calculation of the propeller wake. In the case
of the fixed wake, the propeller’s wake is prescribed by the rotational speed and the flight veloc-
ity. For a semi-prescribed wake, the wake’s form is prescribed by the rotational speed but it can
be stretched depending on the operational conditions and therefore the axial movement of the
wake screw. A free wake model allows complete distortion of the wake sheet. A second drawback

of these wake models is singularities at the tip vortex, making them numerically unstable [141].

A fourth way to describe the propeller wake is the vortex particle method (VPM). The VPM
describes the wake as free vortex particles, which move independently from each other. There-
fore, the VPM allows more complex wake interactions compared to vortex sheet methods, as
they have fewer problems with singularities. Furthermore, VPM allows for viscous dissipation,
enhancing the prediction accuracy [96]. Additional wake models e.g. for helicopter applica-
tions in horizontal flight, or other flight states also exist, but are less relevant for the propeller

performance prediction [134].

Stage two of the pyramid is the lifting line theory (LLT) method. LLT’s advantage lays in
its direct use of a wake model compared to the BEMT. Appropriate wake models capture
many kinds of interactions. Blade-vortex interactions are of particular interest for performance
prediction in hover conditions. Similar to the BEMT, the LLT requires 2D airfoil polars and can
thereby account for viscous effects. The increase in simulation effort compared to the BEMT
varies depending on the wake model. However, LLT, like BEMT, cannot predict 3D effects on
the blade [5]. The disadvantages of LLT compared to BEMT are the increased simulation effort,
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reduced robustness, and greater overall complexity. LLT and BEMT are strip theories that

discretise a blade along its span into small strips. At these strips the flow is assumed to be 2D.

Stage three of the pyramid is the vortex lattice method (VLM). VLM is the first stage that can
resolve 3D flow on the blade. VLM does not require 2D airfoil data, but 2D data can be used
to take viscosity effects into account. The computational effort is further increased because the

VLM requires a certain panel density in chord-wise direction [20].

The fourth stage is an extension of the potential flow solver to a 3D panel method that resolves
the complete propeller geometry. This model does not need 2D airfoil data. Modern 3D panel
methods use boundary layer correction methods to consider viscous flow effects [20]. A 3D
method is able to capture differences between suction and pressure side, which is not possible
with the VLM, as VLM uses only one vortex sheet for both sides [133].

The fifth stage of the pyramid consists of CFD RANS methods. RANS-based CFD methods
solve the Navier—Stokes equations by applying turbulence models alongside spatial and tempo-
ral discretisation. Turbulence models average the viscous effects in time and space, and provide
information about velocity fluctuations [140]. In comparison to the previous stages, RANS re-
quires not only the discretisation of the blade geometry, but also a sufficient fine discretisation
of the complete flow field around the propeller. Therefore, the numerical effort increases signif-
icantly. RANS methods offer varying levels of fidelity, as they can be performed as steady or
unsteady simulations, and they can resolve the blade or uses surrogate models to represent the
blade. Furthermore, the propeller motion can be modelled in multiple ways, depending on the
scope of interest. The applied CFD RANS methods are presented in 2.3.3.

The final two stages of the pyramid include large eddy simulations (LES) and direct numerical
simulations (DNS). Many other simulation methods exist but won’t be discussed here in detail,
such as wall-modelled large eddy simulations (WMLES), detached eddy simulations (DES), de-
layed detached eddy simulations (DDES), and Lattice-Boltzmann methods [82]. LES replaces
classical turbulence models and resolve parts of the turbulent structures. Small turbulent struc-
tures are still modelled by turbulence models. Therefore, the flow field needs to have a much
finer discretisation compared to RANS simulations. In short, WMLES, DES, and DDES differ
in how they divide the flow into into resolved and modelled turbulent kinetic energy. Therefore,
DNS solves the Navier—Stokes equations without any turbulence modelling by resolving all rel-
evant spatial and temporal scales of the flow. Therefore, DNS needs no modelling of any kind
of turbulent phenomena, and therefore forms the top of the pyramid. Unlike RANS methods,
which solve averaged forms of the Navier—Stokes equations, Lattice-Boltzmann methods recover
the Navier—Stokes equations in the macroscopic limit of a mesoscopic particle model. The
Lattice-Boltzmann method models fluid motion at the mesoscopic scale and computes macro-
scopic flow quantities from particle distributions, while the RANS method solves time-averaged
Navier—Stokes equations using turbulence models [111]. However, these higher-order models are
of limited relevance for propeller performance prediction due to their intensive computational

cost.
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Figure 2.7: Aerodynamic simulation methods for propeller performance prediction

Moreover, empirical methods [37, 71] and methods based on the momentum theory exist. How-
ever, these methods do not resolve the blade geometry, which is why they are not suitable for

detailed propeller performance modelling.

This study utilises BEMT for analysing propeller performance, multidisciplinary optimisation,
and aero-elasto-acoustic coupling. BEMT offers the shortest run time while maintaining high
accuracy in the prediction of integrated forces and moments. Higher-order models do not nec-
essarily yield better accuracy in this regard, but they require significantly more computational
time [23, 28, 65]. Therefore, the BEMT is described in detail in the following section.

Section 2.3 is organised in three subsections. Subsection 2.3.1 provides insights into the blade
element method. The modelling approach with its required correction schemes is explained.
Subsection 2.3.2 assesses the influence of 2D airfoil data on the overall performance prediction,
including insights into correction schemes for performance modelling. The 2D modelling and
its influence are assessed in this step, because a basic understanding of the applied BEMT is
required to evaluate the influence of the data on the performance prediction. Subsection 2.3.3

presents different blade-resolving RANS approaches, which will be used for validation purposes.

2.3.1 Blade Element Theory

In a first step, the propeller blades can be treated as rotating wings, as Froude did in 1878 [49].
In this rotary wing approach, each propeller blade is analysed individually. The propeller blades

are sliced radially into 2D airfoil sections with each strip treated as an infinite wing.

At each section, the tangential velocity v; due to rotation is calculated. The axial velocity v,
known from the flight state corresponds to the free-stream velocity v.,. The axial and tangential

velocity are superposed to determine the resulting velocity w (eq. (2.20)).

w = \/vZ +v? (2.20)
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The information about axial and tangential velocitiy are used to determine the helix angle ®,
which represents the angle of the wake screw. ® represents the angle of the wake screw. It can
be approximated by substituting the advance ratio (eq. (2.13)) into eq. (2.22). However, this

approximation is only valid as a first-order estimation.

J
& = arctan -% & arctan = (2.21)
(0 s
Next, the angle of attack o (AoA) relative to the airfoil section is calculated (eq. (2.22)). The
local section’s twist § and the helix angle ® (eq. (2.21)) results in the AoA.

a=4-0 (2.22)

These parameters are used to calculate the sectional airfoil forces, lift L’ (eq. (2.23)) and drag
D' (eq. (2.24)). Reynolds and Mach number effects are considered by the used 2D airfoil polars.
The AoA-dependent 2D lift coefficients ¢;, and drag coefficients ¢4, are applied to calculate the
sectional lift L’ and drag D’ of the blade element.

L'=Cw?.¢ ¢ (2.23)

o

D=L w? cq, e (2.24)

a

NI NI

Fig. 2.8 depicts the relationships between the present velocities, resulting angles, and resulting
sectional forces. To contextualise the 2D section, the simplified 3D illustration from fig. 2.2 is
also shown. The illustrated 2D section corresponds to the section on the upper blade at radius

r, with the local velocity u resulting from the rotation at frequency n.

Figure 2.8: Velocities and forces at a 2D blade section

L' and D' are transformed into sectional thrust 77 (eq. (2.25)) and sectional force @' in the

propeller plane (eq. (2.26)). As shown in fig. 2.8, 7" and @’ are normal and tangential forces
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relative to the propeller axis.
T' =L cos(¢) — D' - sin(¢) (2.25)

Q' =L -sin(¢) + D' - cos(¢) (2.26)

The propeller thrust 7" is obtained by integrating T’ over the span multiplied by the number of
propeller blades Np (eq. (2.27)). The final torque is obtained by integrating " multiplied by
the section radius and the number of blades (eq. (2.28)).

Tti

T=Ng-[ T.dr (2.27)
Thub
Ttip
Q=Ng- Q. -rdr (2.28)
Thub

For the structural analysis of the propeller, the torsional moment along the propeller blade
is necessary and can be derived from the moment coefficient of the 2D airfoil. Additionally,
structural and aerodynamic sweep and lean effects must be considered when analysing curved
propellers. Lift and drag forces act at the aerodynamic centre (AC) of the blade section as

shown in fig. 2.8.

2D aerodynamic data of an airfoil are required for the application of the BEMT theory. These
data can be obtained through experiments, high-fidelity, or low-fidelity CFD simulations, or
basic assumptions based on potential flow theory. The potential flow theory shows that the
maximal lift slope of an infinite wing is 2. This lift slope is frequently used in unsteady airfoil

theories, or unsteady simulations for rough estimations of the dynamic response.

As in CFD RANS simulations, spatial discretisation is required for the aerodynamic predictions
with BEMT methods. To achieve reliable results, a mesh independence study is necessary to

determine the number of sections needed for a mesh-independent solution.

Fig. 2.9 shows the thrust and torque coefficients for the reference propeller at a rotational speed
of 3500 rpm and an inflow velocity of 10 m/s. The x-axis represents the number of sections, while

the left y-axis shows the thrust coefficient, and the right y-axis displays the torque coefficient.

This comparison demonstrates that a minimum of 32 sections is required to achieve a mesh-

independent solution.
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Figure 2.9: Spatial discretisation independence study for BEMT simulations

The BEMT does not consider any cross-flow between sections, which is the major drawback
of this method. Accurate three-dimensional flow can only be predicted by high fidelity CFD
simulations. However, the BEMT can be improved by different correction methods, which are

presented in the following subchapters:

1. The correction of the induced velocities
2. The tip loss correction

3. The sweep correction model

4. The influence of different 2D airfoil data

2.3.1.1 Momentum Correction

The most important step in the performance prediction using BEMT is calculating the induced
velocities, as these affect the AoA. The induced velocities w; and w, can be determined using
momentum theory. Blade element theory (BEMT) with momentum corrections leads to the
blade element momentum theory (BEMT).

The momentum theory can be applied in two forms. A closed scheme iterates the momentum
produced by the propeller thrust and torque with the induced velocities. The simple momentum
theory calculates only the axial induced velocity, while the general momentum theory calculates

both axial and tangential induced velocities.

Fig. 2.10 shows the modified 2D velocities, angles, and segment forces under the assumption of

axial and tangential induced velocities.
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Figure 2.10: Velocities and forces at a 2D blade section with induced velocities

The induced velocities w, and w; arise from the forces acting on the fluid and the distortion
of the streamlines. The momentum theory was introduced in eq. (2.11) and is reformulated to
express the axial induced velocity in eq. (2.29). It is called simple momentum theory (SMT)

and assumes that the tangential induced velocity is zero.

The application of the momentum theory to each section results in the general momentum

theory. The general momentum theory determines radial-dependent axial and tangential induced
velocities for each section. The solidity o is introduced in eq. (2.31) to simplify the relations of
the axial and induced velocity factors eq. (2.34) and 2.33. The mean solidity ¢ quantifies the

propeller’s projected area.
o NB + Cr

= 2.30
or 27r ( )
N R
o= —B/ " Car (2.31)
2 Jryy T

The derivation of the axial and tangential induction factors a, (eq. (2.32)) and a; (eq. (2.33))
is presented in detail in appendix A, along with insights into the governing equations. The
complete derivation is not found in the literature, which is why it is stated in appendix A. The
induction factors are derived under hover conditions rather than cruise conditions to enhance

prediction accuracy.

ta = (14 ag) Coj(sﬁgqf)d ) (2:32)
o= (1+ aa)a e 811(;?1)1;;;; cos(9)] ‘ 1%0 (2.33)

The axial and tangential velocities, multiplied by the induction factors, result in the induced
velocities (eq. (2.35) and (2.34)).
Wy = Voo * Qg (2.34)
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Wy =u-ay (2.35)

The new induced velocities result in new relative velocities and, consequently, lead to new
relations between the angles, as shown in fig. 2.10. ® and AoA are determined using eq. (2.21)
and (2.22) along with the modified velocities given by eq. (2.36) and (2.37).

Vg = Voo + Vg (2.36)
vy =u—+ vy (2.37)
w = /(0o + wa)? + (u + w,)? (2.38)

At this point, it is important to note that alternative theories can be applied to calculate the in-
duced velocities. Potential flow theory, particularly the LLT, is frequently used for this purpose.
The LLT provides a method for calculating 3D induced velocities. However, in potential flow the-
ory, all propeller blades and the complete wake must be modelled, which increases significantly

the calculation effort. The section-wise bound circulation is calculated using eq. (2.39).

1
in-cla'cr-w (2.39)
The circulation of a segment dl induces, according to the Biot-Savart law (eq. (2.40)), a vectorial
induced velocity at an arbitrary point located at the distance 7;. The induced velocities of all

circulation filaments must be summed to determine the total induced velocity at a specific point.

o r d_'lXTl
W= —
B GE

(2.40)

2.3.1.2 Tip and Hub Loss Corrections

The BEMT assumes that all sections act like infinite wings. However, vortices at the tip and
root of the blade violate the infinite wing assumption. Hub and tip losses need to be considered
to enhance the simulation results of the BEMT. Due to the vortex formations at the blade tip
and hub, the propeller’s lift is altered. This reduction in lift must be accounted for to increase
prediction accuracy. Prandtl first developed a tip loss correction in 1919. The model was derived

from the interactions between staggered vortex filaments.

Eq. (2.41) defines the tip loss factor as a function of the radial position, the blade number, and

the helix angle. The tip loss factor is normalised to the peak value of 1.

2 Np Rtip—r>>
Fijp = — - - 241
tip acos <exp< 2 rsin(g) ( )
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Similarly, the model is extended to account for hub losses. However, the hub loss extension is
less relevant due to the lower loading at the hub. Eq. (2.42) defines the hub loss factor.

2 Npr— Rhub>)
Fo.o—Z. _BC b 2.42
hub = — + acos (exp < 2 7 sin(0) (2.42)
The overall correction factor is defined by combining both factors in eq. (2.43).
F = Fiip - Fhup (2.43)

The tip and hub loss factor manipulates the axial and tangential velocities according to Prandtl
and Glauert as stated in eq. (2.44).

Wapp, = Wq - F (2.44a)

Wtpp, = Wt * F (244b)

However, the author observes a better correlation to wind tunnel data when the lift coefficient
of the propeller is adjusted instead of the induced velocities. Applying the loss factor directly to
the forces results in a reduction in propeller thrust and torque. However, the reduction of the
of the axial induced velocity increases the AoA and therefore might increase the loading at the
tip, even if the resulting velocity w is reduced. Airfoil drag remains unchanged because pressure
and friction drag are less affected as long as flow separation is not accounted for. Therefore,
only the airfoil lift is corrected by the loss factor, as stated in eq. (2.45).

=q-F (2.45)

Clprr,

2.3.1.3 Sweep Correction Method

Propeller noise can be mitigated through various measures. One feasible approach to reducing
propeller noise for a fixed diameter and a fixed number of blades, which are often specified as
top-level aircraft requirements, is to apply a sweep variation. Additionally, sweep can be used

to reduce dynamic loads caused by propeller-wing interactions or oblique inflow.

Propeller noise evaluation using a computational acoustic solver requires precise aerodynamic
performance data. However, the classical BEMT cannot accurately model swept propellers due
to theoretical limitations. As a result, sweep correction models become essential for the accurate

analysis of swept propellers and the effective conduction of noise emission optimisations.

The author developed a geometric correction model for BEMT methods presented in [8]. Buse-
mann’s swept wing correction model [21] is adapted for application to swept propellers. In the
fixed-wing model, the reference axis for the sweep correction is the aircraft fixed y-axis. In the
propeller application, however, the reference axis must be the section’s radius vector. Therefore,

the reference axis changes due to sweep, as shown in fig. 2.11. Fig. 2.11 illustrates the differences
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between a straight (unswept) and a swept propeller blade. Furthermore, the global Cartesian
coordinate system is defined with the x-axis pointing radially and the z-axis pointing in the
thrust direction. The right blade represents a straight blade, while the left blade represents a
swept blade. The circumferential velocity ur.. results from the rotational movement and can
be calculated with eq. (2.46).

U=0 X TLoe (2.46)

Therefore, the rotational velocity is altered for the swept blade compared to the unswept blade,
because it must be orthogonal to the local radius vector (r7..) and is no longer orthogonal to

the global x-axis. The subscript Loc is related to the local sweep.

N
straight blade-,

\ :uLoc
\

Figure 2.11: Difference between a straight blade and a swept blade (front view)

Fig. 2.12 illustrates the sweep definitions of the section at rr,.. The author introduces the
global sweep Agj, and the local sweep Apoc. The global sweep is defined as the angle between
the global propeller x-axis and the local radius vector pointing towards the quarter-chord point
of the airfoil. The local sweep is defined as the angle between the local radius vector and the

tangent of the quarter-chord line — the connection of all quarter-chord points.

Figure 2.12: Sweep definition at a blade section (front view)
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According to Busemann’s derivation, the inflow velocity has to be turned to be normal to the
quarter chord line of a wing. Therefore, the tangential velocity must also be turned accordingly
as shown in eq. (2.47).

Ut ,, = Ut - c08(ALoc) (2.47)

The turned velocity results in a quadratic change of the acting forces. The change in velocity is
transformed into a change of ¢; and ¢4. Eq. (2.48) and (2.49) show the cosine square dependency

of the resulting coeflicients due to sweep.
Clioe = CLoc * COS2(ALOC> (248)

CdLoc =Cq - C082 (ALOC) (249)

The forces in the rotation plane act, by definition, in the turned velocity system. This leads
to Qroc acting normal to the quarter-chord line instead of normal to the local radius. It is

calculated using the adopted coefficients and eq. (2.50).

Q,Loc = L,Loc ' Sin(d)Loc) + D/Loc ' COS((ZSLOC) (2.50)

As the Qro. force was calculated in the turned system it does not directly result in the torque
(which acts globally). For the torque prediction, the Qr.. force must be transformed to be
normal to the local radius by eq. (2.51).

Ql = Q/Loc ' COS(ALOC) (251)

Fig. 2.13 depicts the dependencies between the resulting tangential force due to the swept velocity
and the tangential force relative to the radius. Furthermore, fig. 2.13 reveals that a radial force

is introduced due to sweep.

Figure 2.13: Action of tangential forces at a swept blade (front view)

The radial force does not affect the overall performance but could influence deformations. Axially

acting forces are not influenced by the local sweep, except for the changes in the coefficients.
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The results of the presented model are detailed and validated through CFD RANS simulations
in [8].

2.3.1.4 Influence of Correction Methods on Performance Prediction

The influence of the different correction methods on the performance prediction is analysed in the
following paragraphs. The impact of the correction methods is assessed through a comparison

of the performance predictions for the four-bladed reference propeller presented in section 2.2.

The comparison in fig. 2.14 shows the predicted performance curves of the reference propeller.
The left side of fig. 2.14 presents the thrust curves, while the right side displays the predicted
torque curves. The black curve represents the prediction using the simple momentum theory
(SMT) according to eq. (2.11). With the application of the higher-order general momentum
theory (GMT), along with the Prandtl tip loss correction (PTL) and the sweep correction (SC),
as described in section 2.3.1.1 - 2.3.1.3, thrust and torque are reduced. The correction models
are applied sequentially, leading to a combination of GMT with PTL, as well as GMT with PTL
and SC. PTL and SC primarily reduce the lift by manipulating ¢;. The reduction in ¢; decreases
the thrust, as described in eq. (2.25), and torque, as described in eq. (2.26). Additionally, the
SC further reduces the predicted torque.

The GMT changes the slope of the performance curves and results in a less pronounced curvature
in the mid-range of the advance ratio. The PTL further reduces the loading, thereby decreasing
both thrust and torque. The zero-thrust crossing remains unaffected by all models, as a reduction

in loading also decreases the induced velocities and subsequently reduces ¢;.

In the given case, the SC has only a minor effect on the overall performance due to the small
propeller sweep. However, previous studies demonstrate the model’s effectiveness for propellers

with greater sweep [8, 9].
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Figure 2.14: Performance predictions of the four-bladed reference propeller with different cor-
rection methods
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The comparison of the different correction methods for performance prediction reveals significant
deviations in thrust and torque estimations. The deviation in thrust and torque predictions
between the highest and lowest results is approximately 10% at an advance ratio of 0.1. This
error remains nearly constant across the entire advance ratio range. Further studies comparing
BEMT modelling approaches with various induced velocity corrections report similar levels of
deviations [23, 65, 107].

In the following thesis, blade element momentum theory (BEMT), which combines blade element

theory with general momentum theory, is applied unless stated otherwise.

2.3.2 2D Airfoil Data for Blade Element Methods

The infinte wing slices of the blade, require aerodynamic data. The airfoil coefficients ¢;, ¢4, and
cm of the infinite wings can be calculated using 2D aerodynamic solvers. Simple BEMT methods,
or those applied within the framework of aeroelasticity, often utilise the 27 assumption for the
calculation of unsteady phenomena [32]. However, BEMT always requires 2D aerodynamic data

as input to calculate thrust, power, and efficiency.

The 2D airfoil data directly affects performance prediction. During in-flight operations of a
propeller, some sections of the propeller may operate under stalled conditions. In such stalled
conditions, the accurate prediction of lift and drag becomes crucial for determining the overall

propeller performance.

The 2D aerodynamic data can be estimated using various tools, ranging from potential flow
theory to higher-fidelity CFD simulations or wind tunnel tests. Potential flow theory is fast and
provides reliable accuracy under moderate Reynolds and Mach number conditions, as well as in
unstalled conditions. CFD RANS simulations improve predictions in stalled regions but require

significantly more computational time compared to potential flow results.

Wind tunnel tests, however, face challenges in covering a wide range of Reynolds and Mach
numbers. Furthermore, wind tunnel tests have inherent accuracy limitations that must be well
understood. Due to these constraints, wind tunnel tests cannot be performed for every airfoils
needed in a numerical analysis, as more than 30 sections (and therefore 30 airfoils) must be
characterised for mesh independent solutions (cf. fig. 2.9). However, wind tunnel tests are

essential for validating the tools, as demonstrated in Ref. [7].

Furthermore, the boundary layer properties can significantly influence aerodynamic performance
predictions, which have to be defined for reduced order potential flow solvers, high fidelity CFD
simulations as well as wind tunnel test. Laminar boundary layers tend to separate earlier and
more abruptly than turbulent ones, which resist separation longer due to enhanced momen-
tum exchange. Typically, a laminar boundary layer has lower drag coefficients compared to a
turbulent boundary layer. These phenomena must be accurately captured by the airfoil data

prediction methodology.
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The following subchapters introduce different modelling and correction methods and compare
their prediction results. First, section 2.3.2.1 presents the results of 2D RANS simulations
for tripped and untripped conditions. Second, section 2.3.2.2 discusses the XFOIL results for
tripped and untripped conditions. Third, section 2.3.2.3 introduces a 2D and 3D airfoil polar
correction. Finally, section 2.3.2.4 compares the propeller performance predictions derived from

the different airfoil data sources.

The results are provided for the airfoil at the reference propeller’s 75% section. Fig. 2.15 il-
lustrates the selected airfoil geometry, which is analysed with XFOIL and RANS simulations.
Since the airfoil was cut from a CAD file, details such as its family, thickness ratio, camber, and

the positions of maximum camber and maximum thickness are unknown.
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Figure 2.15: Reference airfoil at 75% of the radius

2.3.2.1 2D RANS Airfoil Simulation

One way to obtain the required 2D force and moment coefficients is through RANS simulations.
RANS is not limited to attached flow regions, but for deep stall conditions, unsteady RANS
(URANS) or large eddy simulations (LES) are necessary. LES must be applied to finite-width
strips rather than purely 2D elements, since eddies are inherently three-dimensional and can-
not be captured in 2D. The same applies to other methods that resolve eddies. While direct
numerical simulation (DNS) is possible for airfoil studies, its high resolution is unnecessary for

computing force and moment coefficients [136].

The 2D RANS airfoil simulations are conducted with the commercial CFD solver Simcenter
Star-CCM+. The physics is modelled by a compressible coupled flow solver, incorporating
Menter’s Shear Stress Transport (SST) model [109], non-linear constitutive relationships, and
controlled turbulence decay [144]. Additionally, a comparison is made between a fully turbulent
simulation and a simulation using the v — Re — 6 transition model [110]. Further details on the
mesh settings, the mesh independence study, and the validation of the applied approach can be
found in Ref. [7, 41, 58].
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The boundary layer is resolved using a low-y+ approach with 40 prism layer cells. Boundary
layer settings are determined based on the following equations and Schlichting’s skin-friction

correlation [137].

Re, = 1 (2.52)
14
0.37c
099, turb = Re0? (2.53)
¢t = (2logyo(Rey) — 0.65)~%3 (2.54)
Tw
Uy = 4| — 2.55
p (2.55)
+
Yy v
= 2.56
=" (2.56)

The resulting near wall thickness y is the height of the first cell in the prism layer.

The reference velocity is calculated using the distance from each airfoil section to the rotation
point and the rotational speed. The reference Reynolds number is determined using the airfoil’s

chord length and the circumferential velocity.

The reference parameters for the given airfoil are listed below and are calculated using standard

atmospheric conditions.

e Chord length c =48 cm
e Reynolds number Re, = 333,000
e Mach number Ma =0.3

o Displacement thickness oggyry, = 1.4 mm

e Near wall thickness Y =31 nm

The first step of all RANS simulations is a mesh independence study to ensure that the simu-
lation results are not influenced by its spatial discretisation. A polyhedral unstructured mesh
is generated using the integrated meshing tool in Simcenter Star-CCM+. A temporal discreti-
sation study is unnecessary because the solution converges to a static result, making the time
step irrelevant to the outcome. This assumption is valid in the attached flow regime without
significant flow separation. Similarly, a study about different turbulence models is unnecessary

because the SST model has demonstrated its accuracy in numerous simulations [41, 88, 132].

Fig. 2.16 illustrates the mesh independence study for the given airfoil. The x-axis represents the
number of cells in increments of 100,000, while the y-axis shows the relative error of ¢; and ¢y
compared to the predictions obtained with the finest mesh. Mesh independence is achieved at
1 million cells. The ¢; converges significantly faster compared to c¢4y. To the left of the vertical
line, the results are mesh-dependent, whereas to the right of the vertical line, the results are
mesh-independent. These results are obtained using the reference velocity and a 0° AoA. To

ensure comparability across different AoA values, the same mesh settings are used for each AoA.
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However, the wake refinements are attached to the surface of the airfoil, aligned with the AoA,

and have a spread angle of 10°. Therefore, the mesh is updated for each AoA.
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Figure 2.16: Mesh independence study of 2D RANS simulations

Fig. 2.17 compares the fully turbulent and v — Re — 6 2D RANS simulations. Diagram a)
of fig. 2.17 displays the ¢; — « polars, while diagram b) shows the ¢; — ¢4 polars. The black
curves represent the fully turbulent flow, and the cyan curves correspond to the simulation with
v — Re — 0 transition model. The fully turbulent simulations run for 5,000 iterations, while the
simulations with transition models run for 8,000 iterations. The convergence with the v — Rey

model is worse compared to the fully turbulent simulation and the simulation is less stable.

The figure includes error bars, indicating the maximum and minimum values over the final 1,000
iterations of the RANS simulation. These error bars represent the fluctuations in the converged
solutions. As separation on the airfoil increases, the fluctuations become more pronounced.
Consequently, the error bars are larger in the stalled regions. Complete flow separation occurs
on the suction side at angles of attack below -8° and above 17°, which leads to large ¢; and ¢y
fluctuations. However, in the linear region of the ¢; polar, the fluctuations about the last 1,000

iterations are negligible.

Diagram a) shows that in the linear region of the airfoil lift curve, both the fully turbulent and
the transitional simulations predict nearly identical values of ¢;. Although the transition point
does not visibly affect the results in this region, it’s worth noting that a turbulent boundary
layer causes a slight decambering effect, which can slightly reduce ¢;. A comparison between
the lift predictions with and without th ey — Reg transition model confirms this effect, though
the difference remains below 0.005. The transition model also predicts earlier stall, occurring at
around 11° AoA, compared to 13° without it. A similar trend appears at negative AoA, where
stall begins about 0.5° earlier when the transition model is used. In the negative AoA region,
¢; exhibits an upward jump caused by flow separation. This jump in the transient simulation
occurs 1° earlier compared to the fully turbulent simulation. As the AoA decreases further, ¢

continues to decline.
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The highest lift is reached at an angle of attack (AoA) of 13° for the turbulent simulation, with
a ¢; of 1.55, and at 12° with a ¢; of 1.47 for the simulation with transition. Beyond this AoA,
the lift decreases and breaks down suddenly at 19° and 16° AoA, respectively. With further
increase in AoA, the lift begins to rise again, an effect known as secondary lift. This secondary
lift corresponds to the behaviour of a flat plate, which generates lift primarily through pressure

on the lower surface, rather than suction on the upper surface.

Diagram b) reveals that drag is reduced in the linear region of the polar due to decreased skin
friction drag. At the ¢; of 0.5 the ¢4 of the transient simulation 5e — 3 smaller than of the fully
turbulent simulation. In contrast, the error bars indicate that the transition model leads to
fluctuations in drag about the last 1,000 iterations. The fully turbulent simulations show no
drag fluctuations in the region of attached flow. Fluctuations occur only in stalled conditions,

but this region lies beyond a c4 of 0.1.
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Figure 2.17: Comparison of 2D RANS simulations with and without transition model

The comparison of both models shows that, in the current case, the v — Re — 6 model slightly
affects the drag prediction and the separation point. Lift prediction, however, remains almost
unaffected in the attached flow regime. This suggests that transition modelling under the given
operational conditions might not significantly influence the overall performance prediction, as it
mainly depends on the lift curves. Therefore, transition modelling is not further investigated in
this thesis.

2.3.2.2 XFOIL Simulation

XFOIL is a two-dimensional potential flow solver, enhanced with viscid models. It incorporates
the compressibility correction based on the Karman-Tsien approach and includes a boundary
layer model to account for friction drag and separation. The boundary layer model employs
the displacement thickness concept, while transition prediction relies on the €™ approach [129].
XFOIL allows the analysis of both laminar and turbulent airfoil behaviour within the BEMT
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calculation scheme, although it is restricted to purely subsonic operations. The BEMT procedure
limits the propeller’s tip Mach number to 0.7 to address this constraint. The transition model
estimates the laminar-turbulent transition, which influences stall behaviour [33, 38, 39] However,
the laminar-turbulent transition can also be fixed at a specified location on the airfoil surface.

In simulations of fully turbulent flow, the transition is set at the LE of the airfoil.

Due to the inherent characteristics of potential flow solvers, XFOIL remains limited to regions
of attached flow, even when the boundary layer model provides stall predictions. Studies con-
ducted on various airfoils indicate an accuracy of approximately 10% for ¢; predictions in the
unstalled region [33, 58]. The accuracy for ¢4 predictions is comparatively lower. To enhance the
potential flow solver’s simulation accuracy, XFOIL offers options to adjust boundary layer set-
tings. The empirical n factor in the e model, which depends on the airfoil shape and Reynolds
number, plays a critical role in these adjustments. The presented results use an n factor of §,

as recommended in the XFOIL manual.

Fig. 2.18 shows the comparison of the XFOIL results (with and without transition) to the 2D
RANS (cf. fig. 2.17) simulations. As in fig. 2.17, diagram a) shows the ¢; — a polars and
diagram b) shows the ¢; — ¢4 polars. However, the RANS simulations are presented without

error-bars.

The comparison between XFOIL and RANS results reveal that XFOIL predicts a higher ¢
slope than RANS. The ¢; polars align closely around the zero lift coefficients. However, the
curves’ slopes differ significantly. While the RANS simulation shows the decambering effect as a
reduction in ¢; between laminar-turbulent transitional and fully turbulent results, XFOIL does
not show this behaviour. Furthermore, XFOIL predicts a more favourable flow separation than
the RANS simulations, featuring a pronounced plateau of constant ¢; in the high AoA regime.
XFOIL does not exhibit the jump in ¢; observed in the negative AoA stall region. Despite
this, the post-stall slope of ¢; is similar to that predicted by RANS. The ¢; variation due to
laminar-to-turbulent transition is of reduced magnitude in both methods. However, the XFOIL
transition model does not influence the stall characteristics, whereas the RANS transition model
affects the stall region. The XFOIL transitional model slightly reduces ¢; in the linear region,

whereas the RANS transitional model slightly increases ¢;.

Diagram b) illustrates that the ¢; in XFOIL remains unaffected by the transition model, as the
laminar-turbulent transitional and fully turbulent ¢4 are equivalent. Therefore, the comparison
reveals that the natural laminar-turbulent transition is located at the LE according to XFOIL,
and therefore fully turbulent. The RANS prediction, in contrast, shows a higher ¢4 in case of
the fully turbulent simulation, suggesting that the boundary layer is not fully tripped. The
XFOIL ¢g4 predictions match the RANS predictions with laminar-turbulent transition in the
linear region. This discrepancy indicates an incorrect tripping location in XFOIL, which may

be influenced by the n factor in the €™ method.
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Figure 2.18: Comparison of 2D RANS and XFOIL simulations

2.3.2.3 Pre- and Post-Stall Modelling

A wide AoA range is required for the performance modelling of propellers to cover various oper-
ational conditions. For GA propellers in particular, stall typically occurs at low advance ratios
during take-off. In helicopter applications, reverse flow at the hub is a common phenomenon
during high-speed cruise conditions. Therefore, airfoil polars in the stalled region are essential.
However, XFOIL cannot provide airfoil coefficients in the stalled and post-stall regions. Thus,

a model is required to extend the unstalled airfoil polars into the stalled region.

An empirical stall model based on [145] is employed for this purpose. This model is derived
from wind tunnel experiments conducted on a variety of airfoils. It predicts post-stall behaviour
using the airfoil’s thickness ratio and the propeller blade’s aspect ratio. In addition to these

ratios, the model requires specific polar characteristics as inputs, including:

o zero-lift AoA ay,,
o linear slope of the ¢; — a polar (de;/da)

e maximum and minimum ¢; and ¢4 and their respective AoA

(Cl,min/maza ey min/maxs Cd,min/max> acd,mam/min)

These parameters are used to predict the theoretical maximum lift coefficient at o, maqe Without
stall. Adjustments based on additional empirical parameters are used to determine the post-stall
region. For stability purposes, the model truncates the airfoil polars beyond its maximum lift
coeflicient. Since XFOIL is known to perform poorly in the stalled region, the model limits the

polars at this point.

A second correction adjusts the airfoil data in the pre-stall region to account for the finite aspect
ratio. This model is referred to as the 3D stall model (3D stall) [118]. Similar to fixed-wing
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applications, the finite aspect ratio modifies the linear slope of the 2D airfoil ¢; — a polar, with

lower aspect ratios resulting in reduced slopes.

Fig. 2.19 shows the airfoil polars of XFOIL without transition, the stall model, and the 3D stall
model for the reference propeller and a propeller with an infinite aspect ratio. The black curve

in fig. 2.19 represents the previously presented XFOIL polar from fig. 2.18.

The cyan dash-dotted curves illustrate the post-stall correction, which begins at the maximum
c; predicted by the XFOIL simulation. The model does not modify the pre-stall region but in-
troduces adjustments to the post-stall region. The reference propeller’s aspect ratio significantly
influences the post-stall behaviour. Diagram a) shows that beyond the maximum ¢;, the curves
drop abruptly. After this sudden breakdown, the curve transitions smoothly into a sinusoidal
shape, a feature added by the author to improve the model. The sinusoidal curve extends the

airfoil polars to cover the full 360°. Diagram b) depicts the corresponding increase in drag.

The model does not perfectly fit the negative stall region, but this area is typically irrelevant

during propeller operations.

The magenta dashed lines in diagram a) and b) represent the 3D stall corrected results for an
infinite aspect ratio. The infinite wing assumption does not affect the pre-stall ¢; in diagram a).
However, the ¢4 increases quadratically with ¢;. The infinite aspect ratio also raises the height

of the second post-stall ¢; maximum compared to the cyan post-stall correction.

Finally, the blue dash-dotted lines represent the 3D stall corrected polars for the reference
propeller with an aspect ratio A = 11.5. Due to the finite aspect ratio, the ¢; slope is reduced.
The second ¢; maximum returns to the level of the cyan post-stall peak. The quadratic cg

increase in diagram a) exceeds that of the infinite wing assumption.
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Figure 2.19: Comparison of 2D XFOIL results with post-stall and 3D stall corrections
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2.3.2.4 Influence of 2D Data on Performance Prediction

The correction models are evaluated through a performance prediction comparison using differ-
ent 2D databases. The performance calculations are conducted using the same radial sections.
The bottleneck for the number of radial sections are the CFD RANS simulations, which limit

the calculations to only 17 sections.

Fig. 2.20 illustrates the thrust and torque coefficients in diagrams a) and b) based on the various
2D datasets. The black curves show the performance prediction using the 2D RANS data, which
was obtained as described in section 2.3.2.1, without applying the v — Re — # transition model.
The magenta dashed lines correspond to XFOIL simulations without transition. The cyan dash-
dotted line represents the post-stall model, which matches the representation in fig. 2.19. The
blue dotted line depicts the 3D stall prediction using the propeller’s real aspect ratio. The
vertical line represents the advance ratio at which detailed blade distributions are shown in
fig. 2.21.

Initially, 2D RANS and XFOIL results are compared. The thrust prediction with 2D RANS
polars is significantly lower compared to the XFOIL polars. The same trend applies to the
torque prediction, except in the high advance ratio region. The slope of the torque prediction
differs between RANS and XFOIL polars. With XFOIL polars, the torque prediction’s slope
increases significantly, while with RANS polars, it remains unchanged. Consequently, RANS
polars result in higher torque values during high advance ratio operations compared to XFOIL

polars. This is caused by increased drag values in the low AoA region.

The post-stall extension does not modify the XFOIL results, indicating that the propeller oper-
ates in unstalled conditions across its entire advance ratio range. The 3D stall model significantly
reduces thrust and torque due to adjustments in ¢;. At an advance ratio of 0.1, the 3D stall
model predicts a 15% reduction in both thrust and torque compared to XFOIL results. How-
ever, it slightly changes the slope of the torque curves, resulting in higher torque values at high

advance ratios compared to predictions based on XFOIL polars.
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Figure 2.20: Performance predictions of the four-bladed reference propeller with different 2D
data bases

The ¢; is a key parameter in overall propeller performance, playing a crucial role in torque and
thrust predictions, as detailed in Ref. [7]. Fig. 2.21 illustrates detailed information along the
blade radius for all four airfoil polar types at an advance ratio of 0.1. The first row shows the
axial induced velocity (w,), the second row presents the AoA, the third row illustrates the ¢
distribution, and the fourth row depicts the ¢4 distribution along the non-dimensional radius.
The ¢4 in diagram d) is displayed on a logarithmic y-axis to enhance readability. The vertical

line marks the position of the presented airfoil polars.

The wq, AoA, ¢, and ¢4 are selected for comparison because they are interdependent and
collectively influence propeller performance. The w, serves as a direct measure of the propeller
thrust.

Fig. 2.21 shows that, in all four diagrams, the trends between the 2D data sources are closely
aligned. At an advance ratio of 0.1, the propeller root exhibits a positive w, even though the
AoA at the root is negative. Due to the highly cambered airfoils, ¢; remains positive even in
the AoA region below -7°. The small AoA leads to a reduced ¢; and a significantly increased cg.
Towards the tip, w, decreases, the AoA increases, and ¢; approaches zero as a result of the PTL

correction.

The reasons for the differences in performance predictions can be derived from comparing the
2D data sources in each diagram. XFOIL and the post-stall distribution aligns from the hub to

the tip in all four diagrams, resulting in equivalent aerodynamic performance.

The 3D stall model significantly reduces ¢; along the entire blade, leading to lower w, and higher
AoA. The ¢4 differs at the tip compared to XFOIL but remains approximately the same along
the rest of the blade.
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The differences between the 2D RANS and XFOIL simulations are most pronounced at the tip
and root of the propeller, with smallest variation in the middle part of the blade. The 2D RANS
simulation produces a lower w, distribution, resulting in an increased AoA but still lower ¢; due
to differences in the 2D polars, as shown in fig. 2.18. The ¢4 distribution is higher at the root

but approximately half as large from a non-dimensional radius of 0.4 to the tip.

[— 2D RANS — - XFOIL post-stall - 3D stall |
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Figure 2.21: Influence of 2D data bases at the advance ratio of 0.1

The dominance of lift over drag is evident in eq. (2.25) and (2.26). The ¢ is two orders of
magnitude higher than the ¢ across most of the propeller. Additionally, drag is multiplied by
sin(®) in the thrust prediction, where the helix angle ® is typically small in the advance ratio

region below 1. As a result, variations in drag have a reduced impact on thrust prediction.

For torque prediction, a clear dependency on lift or drag cannot be directly inferred from
eq. (2.26) because the sine and cosine terms are swapped, balancing the differences in mag-
nitude between ¢; and c¢g. However, fig. 2.21 illustrates that cy4 is nearly identical between the
XFOIL, post-stall, and 3D-stall predictions. This observation suggests that at an advance ratio

of 0.1, the ¢; predominantly influences torque prediction.

' can be approximated using eq. (2.21), with the advance ratio. An advance ratio of 1 corresponds to a helix
angle of approximately 20°.
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A sensitivity study on ¢y is performed in Ref. [7, 61] and in fig. 2.22. Fig. 2.22 quantifies
the influence of ¢; and ¢4 changes on the performance prediction. The XFOIL results are
artificially manipulated to show the influence of the 2D data prediction on performance. Three

manipulations are applied:

1. The ¢4 is set to zero.

2. The ¢q is set to a constant value of 0.05, approximately doubling it compared to the XFOIL
prediction (cf. fig. 2.21).

3. The ¢ is increased by 10%.

Diagram a) of fig. 2.22 shows the relative changes in ¢p, while diagram b) shows the changes in
cQ, both relative to the XFOIL prediction in fig. 2.20. Since zero thrust is reached at J = 0.55,
the relative errors escalate at the zero crossing. Torque reaches its zero crossing at a higher

advance ratio, reducing the divergence.

Diagram a) illustrates that setting ¢4 to 0 has a minor influence on c¢7 prediction at low advance
ratios. The error due to ¢y = 0 remains below 5% up to J = 0.45. A similar trend is observed
when ¢y is increased to 0.05. However, ¢y decreases instead of increasing. Increasing ¢; by 10%
results in a 5% increase in ¢ across a wide range of advance ratios. The ¢ of 5% compared to
the 10% ¢; increase highlights the impact of higher induced velocity, which reduces AoA along

the blade and, consequently, ¢;.

Diagram b) shows the influence of manipulated 2D data on torque prediction. Unlike the thrust
prediction, drag manipulation significantly impacts torque prediction. Setting ¢4 to zero results
in a 10% reduction in torque. The relative deviation grows with higher advance ratios. The
constant ¢4 of 0.05 raises cg by 30% at the advance ratio of 0.1. Once again, the deviation grows
with the advance ratio. The 10% larger ¢; results in an increase of cg, similar to the effect of
cr. At J = 0.05, ¢ increases by 8%, and at J = 0.4 by 5% due to the ¢; manipulation. The
higher induced velocities result in a larger helix angle, which rotates the lift vector further into

the propeller plane. These observations have also been reported in Ref. [7].
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Figure 2.22: Influence of artificial ¢; and ¢4 changes on the performance prediction
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The comparison of different 2D data sources reveals that significant differences in prediction
results arise depending on the source and stall modelling approach. The deviation between the
lowest and highest prediction results at an advance ratio of 0.1 is 18.5% for both thrust and

torque predictions.

2.3.3 3D Blade Resolving RANS Simulations

In the field of RANS methods, various modelling approaches are available. These include blade-
resolving approaches and virtual propeller model approaches. Virtual models, such as actuator
disc or actuator line models, do not resolve the blade geometry but are useful for simulating
interactions with other structures. However, for propeller performance modelling, only blade-

resolving approaches can be used.

The commercial CFD RANS solver Simcenter STAR-CCM+ offers several blade-resolving pro-
peller modelling approaches. The following paragraphs describe these strategies in order of

increasing simulation effort.

. Moving reference frame (MRF) with defined interfaces
. Moving reference frame with periodic boundaries (Periodic MRF)
. Rigid body motion (RBM) with defined interfaces

. Overset mesh with overlaying meshes

GV

In general, RANS simulations can be conducted as time-dependent (unsteady) or time-independent
(steady) simulations. Operating conditions with detached flow require time-dependent simula-
tions, as discussed in section 2.3.2.1. In contrast, for attached flow, stationary simulations can
be performed if the chosen modelling approach supports them. For a rotating propeller with

mesh motion, a time-dependent simulation is required, even if the flow is mainly attached.

As outlined in the introduction of chapter 2, this section focuses on the most commonly used
approaches. Other methods, such as morphing mesh or multi-fidelity approaches, exist but are

of less relevance for propeller performance modelling.

The MRF technique requires two mesh domains. One domain is static, while the other is
rotating. The mesh domains are connected by interfaces. Within the rotating mesh domain, the
airflow rotates around the propeller, defined by a rotating coordinate system. Therefore the mesh
domain does not move, and as a result, no unsteady simulation is required. Information from
the moving reference frame domain is transported cell-by-cell across the mesh interface between
the rotating and non-rotating regions. A steady simulation approach reduces computational
effort but does not resolve unsteady effects. This procedure enables steady-state simulations,
significantly reducing computational costs. A more comprehensive review of RANS and URANS

propeller simulations is provided in Ref. [7].



2.3 Propeller Performance Modelling 45

The drawback of this method is that helical slipstream velocity information becomes smeared
across the interfaces. As a result, this simulation technique cannot model any kind of inter-
actions, and the wake in the non-rotating domain is not accurately represented. However, the
MRF approach can also be solved using a time-marching simulation method, which is required

in cases of severe flow separation on the propeller blade.

The MRF technique simplifies the problem of propeller performance modelling significantly by
reducing it to stationary flow conditions. Additionally, it can be further simplified by utilising
the axial symmetries of the propeller through the use of so-called periodic boundaries. In this
approach, a sector (or "piece of cake") is extracted from the rotating moving reference frame.
This results in two cut surfaces between one blade and the neighbouring blade. These cut
surfaces (or interfaces) are linked in such a way that the flow entering one interface exits the

other in the same manner. This approach significantly reduces the mesh domain’s size.

The sliding mesh technique with rigid body motion (RBM) is used to simulate the real motion
of the rotating mesh domain. As with the MRF technique, a part of the flow domain around
the propeller is separated. However, unlike MRF, this part performs a mesh motion, requiring
a time-marching unsteady simulation approach. For each time step, new interpolation between
the rotating and non-rotating domains is necessary. This interpolation is not necessary in the

MRF approach, as the cell dependencies are already defined.

The advantage of the RBM over the MRF method is that information are not smeared across
the interfaces. As a result, the propeller wake is transported into the non-rotating flow domain

without loss of information.

Alternatively, an overset mesh technique (also known as the Chimera approach) can be used in-
stead of the sliding mesh technique. While the sliding mesh approach relies on defined interfaces
at specific surfaces, the overset mesh utilises a background mesh combined with a local mesh
surrounding the propeller. Information is exchanged through overlapping volumina, enabling
the transfer of flow quantities between the non-rotating and rotating domains without relying
on predefined interfaces. At each time step, new overlapping volumina are calculated, enabling

the seamless exchange of information between the non-rotating and rotating regions.

Tab. 2.1 provides a comparison of these CFD RANS methods against each other. It compares
simulation results for a single operating point, including the required computational effort. The
computational effort depends on the number of cells, the number of iterations, and the time
required per iteration step. Time-resolving schemes, which capture the propeller wake dynamics,

require significantly more iterations compared to steady approaches, as the wake must develop.

The four-bladed reference propeller operates at a rotational speed of 3500 rpm with a free-stream
velocity of 21.55 m/s, corresponding to an advance ratio of J = 0.5 under standard conditions.

The aerodynamic performance is presented in absolute values.
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As shown in Tab. 2.1, the MRF approach predicts the highest thrust. The periodic approach
predicts slightly less thrust compared to the MRF approach, but with slightly higher torque.

Both the sliding mesh and overset mesh approaches predict the same mean thrust.

The RANS simulations were conducted on a workstation with 265 GB RAM and 128 AMD
EPYC Rome CPU cores, using Simcenter STAR-CCM+ Version 2306. The time per iteration

depends on the available computational power.

Appendix B provides details on the physical settings for all four simulation approaches, along
with additional insights into the mesh domains and mesh independence studies. The base mesh
size for all simulations is equivalent to that of the MRF approach, ensuring consistent spatial

discretisation and minimising discretisation errors.

Table 2.1: Overview about blade resolving 3D RANS methods

MRF Periodic MRF RBM Overset mesh
Steady Yes Yes No No
Wake interactions No No Yes Yes
Req. Cells (mio.) 60 49 52 39
Iteration time (s) 32 30 29 18
Req. iterations (k) 3 4 18 18
Req. time (h) 27 33 145 90
Pred. thrust (N) 11.87 10.60 10.50 10.25
Pred. torque (Nm) | 3.28 3.33 3.49 3.532

Fig. 2.23 shows the vorticity in the propeller plane for all four modelling approaches. Mathe-
matically, as stated in eq. (2.57), vorticity is the curl of the flow, indicating where turbulence
and vortices are generated:

vorticity =V X v (2.57)

The vorticity is presented on a logarithmic scale in fig. 2.23.

The results of all four simulation approaches are combined by extracting one quarter of each
simulation and rejoining the sections into a composite image. For the periodic simulation, only
one quarter of the propeller was simulated. The left section represents the MRF results, the
upper section shows the periodic MRF results, the right section represents the RBM results,

and the lower section shows the overset mesh results.

In all four diagrams, the vorticity within the propeller radius is significantly increased. However,
the MRF and RBM approaches exhibit additional vorticity generation within the moving frame
but outside the propeller radius. The diagrams clearly show the tip vortex leaving the blade
tip with high vorticity, which decreases as the vortex travels further before interacting with the
next blade. Increased vorticity is also observed along the blades, though these vorticity sheets

disappear from the evaluation plane as they move downstream.
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The comparison reveals that increased modelling effort leads to increased vortex generation.
The periodic MRF approach, which requires the highest modelling effort, shows significant in-
teractions at the periodic boundaries and the static/rotating MRF boundary. In the standard
MREF simulation, these static/rotating MRF boundary interactions are reduced compared to the
periodic MRF approach. This artificial vorticity generation is further reduced in the RBM ap-
proach but still persists. Only the overset mesh approach shows no significant artificial vorticity

production.

The results within the propeller disk are similar across all four approaches. A comparison of
the MRF approaches with and without periodic boundaries shows no significant differences.
However, the RBM and overset mesh simulations exhibit significantly lower blade vortex inter-
actions?. The tip vortex in the overset mesh simulation is the smallest, resulting in reduced
interactions. Furthermore, the vorticity along the blade is lower compared to the other three

simulation approaches.
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Figure 2.23: Comparison of vorticity in the propeller plane for the RANS approaches in hover
conditions

While table 2.1 presents the results for a single operating point, fig. 2.24 shows the results
across different advance ratios. As for each unsteady simulation only three operating points are
simulated, the points are not connected by a line. The MRF simulation is represented in the
black solid line, while the period simulation is displayed in the magenta dashed dotted line. The
RBM simulation is displayed with triangles and the overset mesh simulation with diamonds. The
RBM and overset simulations fit together perfectly, which is why they cannot be differentiated

in the diagram.

2Blade vortex interactions are visible in front of the blades in each quarter section.
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The comparison reveals that the MRF and the periodic MRF approach predicts a similar perfor-
mance. Thrust and torque of the periodic approach is slightly lower compared to the standard
MRF approach.

As the unsteady simulation approaches consider time-dependent results, error bars must be
shown. The time-dependent flow separation cannot be accurately captured with a steady ap-
proach, which is why error bars are not shown for the MRF approaches. The error bars represent
the fluctuations over the last two revolutions of the propeller. However, fig. 2.24 shows that the

error bars are negligible.

The RBM and overset mesh simulations align perfectly. At an advance ratio of 0.1, the thrust
predictions from the unsteady approaches are significantly higher compared to the steady ap-
proaches. With the increased thrust, the torque also increases. At an advance ratio of 0.5, the

thrust prediction of all simulations matches, but the torque of the unsteady approaches remains

higher.
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Figure 2.24: Performance predictions of the four-bladed reference propeller with different CFD
RANS methods

The comparison of the different RANS models shows overall good agreement among the ap-
proaches. The MRF approach without periodic boundaries demonstrates its validity compared
to the other simulation methods. It is at least three times faster than the overset mesh approach,

making it the method of choice for the following comparisons.

2.4 Aerodynamic Validation of Performance Prediction Methodology

Finally the aerodynamic prediction methodology with the BEMT model is compared to results
of the RANS prediction and aerodynamic data from the wind tunnel experiments. At first, the
conducted wind tunnel experiments are described, before in a second step, the numerical results

are compared to the experimental results.
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2.4.1 Wind Tunnel Experiments

The wind tunnel experiments are conducted in the wind tunnel at FH Aachen University of
Applied Sciences. The Eiffel-type wind tunnel has been aerodynamically analysed in conceptual
studies to determine the operating limits of propellers and their impact on the wind tunnel [77].
These studies are crucial, as standard correction methods cannot be directly applied to this
wind tunnel [16, 36, 55].

The facility is an open-circuit, free-jet, subsonic wind tunnel. The jet exhausts into a depression
camber, with a measured circuit length of 4.1 m. The wind tunnel is powered by two fans
located downstream of the test section, each with a power of 45 kW. This configuration allows
for a maximum nozzle velocity of approximately 40 m/s. The polygonal nozzle has a total
surface area of 2.2 m?, with a maximum vertical extent of 1.4 m and a maximum horizontal

extent of 2 m.

The studies in Ref. [77] conclude that the reference propeller can operate as a four-bladed
propeller at a maximum rotational speed of 4500 rpm within the wind tunnel. This decision
was based on maintaining a minimum core-jet to blade-tip distance of 10 cm, as evaluated using
RANS simulations. As stated in Ref. [77], a propeller with a diameter of 80 cm can operate at
10.3 m/s, producing a thrust of 130 N. The tip clearance between the propeller and the core jet

for the reference propeller is ensured at 16 cm at a wind speed of 10.3 m/s.

The propeller is mounted on a sting. A six-degrees of freedom (DoF) force balance is positioned
at the tip of the sting, between the sting and the electric motor, which drives the propeller.
The electric motor is a brushless outer-runner (Q-100-38-7 48V), controlled by the SPIN 200
Pro Opt electronic speed controller (ESC).

Fig. 2.25 presents an image of the experimental setup within the wind tunnel. Spacers are
installed between the electric motor and the force balance to facilitate cooling. The six-DoF
force balance (K6D80 500N /20Nm/MP11) features an accuracy class of 0.2% for a nominal force
of 500 N and a nominal torque of 20 Nm. This results in error bands of 1 N in the forces and

0.04 Nm in the moments.
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Figure 2.25: Picture of the experimental setup

The force balance operates with a sampling frequency of 12.5 kHz. The experimental data are
processed using a low-pass and a band-pass filter to remove measurement noise originating from

the motor, the electronic speed controller, and the wind tunnel.

To ensure high-quality data, the experiments are repeated three times under varying atmospheric
conditions, with the setup disassembled and reassembled between runs to avoid systematic errors.
The comparison of the different measurement series is presented in appendix C. This comparison
demonstrates that the experimental data are consistent, with repeatability confirmed and error
bars of negligible magnitude. The measurement accuracy of the force balance is also negligible.

As a result, no error bars are included in the experimental results.

Since the wind tunnel lacks an air-conditioning system, the test results depend on the prevail-
ing atmospheric conditions. The final experimental results are obtained under the following

atmospheric conditions:

e Atmospheric temperature: T=2990 K
e Atmospheric pressure: p=984.1 hPa
e Atmospheric density: p=1148 kg/m?

For a comparison of absolute thrust (N) and torque (Nm), the atmospheric conditions of the
wind tunnel experiment must be considered. Alternatively, dimensionless parameters such as the
thrust and torque coefficient as functions of the advance ratio can be compared. However, under
hover conditions, where different rotational speeds are analysed, these dimensionless coefficients

are not applicable.

Fig. 2.26 illustrates the thrust and torque of the two-, three-, and four-bladed propellers under
wind-off conditions as functions of rotational speed. Wind-off conditions indicate that the wind
tunnel is turned off, but the propeller remains positioned inside the wind tunnel and drives the
airflow. Under these conditions, the highest resulting wind tunnel speed stays below 4 m/s.

Diagram a) presents the thrust, while diagram b) displays the torque for the three propeller
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configurations. The advance ratio is assumed to be zero, even if the propellers operate inside

the wind tunnel under wind-off conditions.

The rotational speed is varied from 1000 rpm to 3500 rpm for the four-bladed propeller and up
to 4000 rpm for the two-bladed propeller. The difference in maximum rotational speeds arises

from the power limitations of the electric motor and the ESC.

Diagram a) reveals that thrust increases with both the number of blades and the rotational
speed. At 3500 rpm, the two-bladed propeller generates a thrust of 87 N, while the four-bladed
propeller produces 132 N. Delivering 110 N of thrust, the three-bladed propeller lies between the
two-bladed and four-bladed configurations, exceeding the former by 23 N and falling short of
the latter by 22 N Over the full range of rotational speeds, the four-bladed propeller generates
approximately 50% more thrust compared to the two-bladed propeller.

Diagram b) shows that torque increases with both rotational speed and blade number, following
the trend of the thrust curves. However, torque is increased by approximately 90% from the

two-bladed to the four-bladed configuration, while thrust increases by approximately 50%.

This increase is primarily due to the higher thrust. Greater thrust values lead to higher induced
velocities, which, in turn, result in larger helix angles ¢. With larger helix angles, the lift
vectors of each 2D airfoils tilt more towards the plane of rotation, thereby increasing the torque
generated by the lift. Even though ¢; and ¢4 decrease because the higher induced velocity reduces

the AoA, the tangential force increases.

150 . : 8
—o— 2 blades
—o - 3 blades Jui
4 blades o 6
— 100t
&
7
=
o
<
+ 50t
0 : : 0 : :
1000 2000 3000 4000 1000 2000 3000 4000
a) rotational speed (rpm) b) rotational speed (rpm)

Figure 2.26: Measured performance of the 2, 3 and 4-bladed propeller in hover conditions

Fig. 2.27 illustrates the thrust and torque characteristics at different advance ratios. Diagram a)
depicts ¢r, while diagram b) shows cg. The experiments are conducted at the maximum achiev-
able rotational speed for all propellers of 3500rpm. Due to the dimensionless representation,
these results are valid across a range of rotational speeds, provided compressibility effects and

Reynolds number changes remain small.
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The experiments begin at the lowest feasible advance ratio within the wind tunnel. An advance
ratio of zero cannot be achieved, as the propeller produces a self-induced flow under wind-off

conditions within the wind tunnel. As the advance ratio increases, both c¢r and cq decrease.

Diagram a) shows that all three propellers exhibit a zero-thrust crossing at J = 0.55. Thus,
the number of blades does not affect the maximum achievable flight speed. The observed thrust
difference of approximately 50% between the two- and four-bladed propellers under wind-off
conditions, as well as the torque increase of about 90%, remains consistent at higher advance

ratios.

Diagram b) reveals that the torque curve flattens with increasing advance ratio. At the zero-
thrust condition, the cg value is 0.4 x 1073 for the two-bladed propeller and 0.8 x 1073 for the
four-bladed propeller.

Extrapolation of the cg curve towards higher advance ratios predicts a zero crossing at J = 0.7.
This zero-crossing is referred to as the windmilling condition, where the propeller operates
without consuming power and is instead driven by the incoming airflow. However, under these

conditions, the propeller generates a significant amount of negative thrust.
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Figure 2.27: Measured performance of the reference propellers at different advance ratios

The comparison of thrust and torque indicates that doubling the blade number significantly
reduces the thrust-to-torque ratio. However, the effect on the figure of merit (FoM) in hover
conditions or the propulsive efficiency (1) cannot be directly derived. To address this, fig. 2.28

presents the hover efficiency as the FoM in diagram a) and the propulsive efficiency in diagram b).

Diagram a) shows that the FoM drops significantly at low rotational speeds. For the three- and
four-bladed propellers, the FoM stabilises at a rotational speed of 1500 rpm. Following a steep
increase from 1000 to 1500 rpm, the curve flattens but continues to rise gradually. The FoM of

the three-bladed propeller is approximately 1% higher than that of the four-bladed propeller.
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The two-bladed propeller exhibits distinct behaviour compared to the other propellers. Between
1000 and 1800 rpm, the FoM of the two-bladed propeller matches that of the four-bladed pro-
peller. Beyond 1800 rpm, however, the FoM of the two-bladed propeller increases significantly
more than the others. Up to 2800 rpm, the three-bladed propeller demonstrates the highest
FoM, but above this rotational speed, the two-bladed propeller overtakes.

Diagram b) reveals that increasing the blade number decreases 7. The peak efficiency of the
two-bladed propeller is 8% higher than that of the four-bladed propeller. The three-bladed
propeller’s peak efficiency is 5% lower than the two-bladed propeller’s. The absolute efficiency

difference depends on the advance ratio and diminishes at both low and high advance ratios.
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Figure 2.28: Measured static and propulsive efficiency of the reference propellers

The comparison of the efficiency measures reveals a different relationship compared to the thrust-
to-torque ratio. While the thrust-to-torque ratio decreases by approximately 30% when moving

from the two- to the four-bladed propeller, the efficiency measures show only a slight decrease.

However, these curves cannot be directly compared, as the design point is defined by both a
thrust requirement and a flight speed requirement. As a result, the presented curves cannot
be used to evaluate the propeller’s performance at a specific operating point, where thrust and

flight speed must align.

2.4.2 Comparison of Wind Tunnel Experiments and Performance Prediction

For the aerodynamic validation of the described procedure, the three propellers are evaluated
using the reduced-order BEMT method. Additionally, the four-bladed propeller is analysed at

various advance ratios to demonstrate its accuracy.
The performance predictions are carried out using the BEMT method with the following settings:

o Atmospheric conditions from wind tunnel experiments
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e General momentum theory
e 3D stall model correction
e Without tip and hub loss correction method

e With sweep correction method

Hub and tip loss correction method is not used because of the forward swept geometry and

therefore an increased tip loading.

Fig. 2.29 and 2.30 present the comparison of the two-, three-, and four-bladed propellers between
wind tunnel experiments (WT) and BEMT simulations. Fig. 2.29 depicts the rotational speed

variation under wind-off conditions, while fig. 2.30 illustrates the advance ratio sweep.

Diagram a) of fig. 2.29 compares the dimensional thrust, and diagram b) compares the dimen-
sional torque. The lines without markers represent BEMT results computed at rotational speed
intervals of 50 rpm, whereas the lines with markers correspond to the wind tunnel results, as

shown in fig. 2.26.

Since the propeller operates inside the wind tunnel, the BEMT results are adjusted to account
for the lowest possible advance ratios of the propellers by modifying the inflow velocity. The
comparison in both figures demonstrates an excellent agreement between BEMT simulations

and experimental results.

The thrust and torque predictions from the BEMT simulations are within 5% of the experimen-
tal data. In diagram a), the two-bladed propeller’s thrust is slightly underpredicted, whereas the
thrust of the four-bladed propeller is marginally overpredicted. In diagram b), the torque pre-
diction aligns well for the three- and four-bladed configurations, but shows a slight discrepancy

for the two-bladed configuration.
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Figure 2.29: Performance comparison between the BEMT simulation and experimental data
at static conditions
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Fig. 2.30 presents the comparison of the predicted and experimental data over the advance
ratio. The colour scheme from fig. 2.29 is applied to these diagrams, with the experimental data

corresponding to fig. 2.27.

The comparison indicates that the relative error in thrust prediction is below 5%. However, the
relative error in torque prediction increases to a maximum of 10%. The results show that torque
tends to be underpredicted, while thrust is either overestimated or underpredicted, depending

on the advance ratio.

The BEMT predictions exhibit straighter curves compared to the experimental data in both
diagrams. This difference is particularly evident in the torque curves of diagram b), where
the experimental data show significantly more curvature than the BEMT simulation results.
Furthermore, the experimental torque measurements flatten after the zero-crossing of the thrust,

a behaviour not captured by the BEMT simulations.

The analysis in 2.3.1.4 and 2.3.2.4 highlights that the BEMT results can vary significantly
depending on the simulation approach. The highest thrust and torque predictions are obtained
using the simple momentum theory (SMT) without corrections or stall modelling. In contrast,
the lowest thrust and torque predictions result from the general momentum theory (GMT)
with 3D stall modelling, as well as tip, hub, and sweep corrections. When most corrections

are applied, the overall agreement between the simulation and experimental results becomes

excellent.
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Figure 2.30: Performance comparison between BEMT simulation and experimental data at
different advance ratios

The final step in the validation process involves comparing the BEMT results with the moving
reference frame RANS (MRF RANS) simulations and experimental data. To minimise compu-

tational effort, this comparison is performed only for the four-bladed propeller.

As in fig. 2.30, an advance ratio sweep is analysed, with thrust predictions shown in diagram a)

and torque predictions in diagram b). The black line represents the four-bladed wind tunnel
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results, the magenta dashed line represents the BEMT results, and the cyan dotted-dashed line

represents the MRF RANS simulations, with each marker indicating a simulation result.

Diagram a) shows that the MRF RANS simulations’ thrust prediction is significantly lower than
the experimental and BEMT results. The relative error is approximately 10%. Compared to
the BEMT simulation, the MRF RANS curve exhibits greater curvature, aligning better with

the experimental data, even though the overall offset is noticeably larger.

In diagram b), the torque prediction error for the MRF RANS simulation is also about 10%,
placing it within the same error band as the BEMT prediction. However, the trend in the RANS
prediction matches the experimental data more closely than the BEMT prediction. Notably, the
kink in the torque prediction at the thrust’s zero crossing, observed in the experimental data, is
captured in the RANS simulations. Since the thrust’s zero crossing occurs at a lower advance

ratio in the RANS prediction, the kink appears more pronounced.
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Figure 2.31: Performance comparison between BEMT prediction, MRF RANS prediction and
the experiment at different advance ratios for the four-bladed propeller

With the comparison of the wind tunnel data against the BEMT and RANS simulations, the
aerodynamic validation is complete. During the acoustic validation in section 3.3, additional
geometries are subjected to aerodynamic analysis. This aerodynamic analysis consistently serves

as the initial step in the aeroacoustic assessment.

Following the detailed investigation into the mode of action of the presented BEMT procedure,

the first research question can be concluded.

RQ 1 - How applicable are reduced order aerodynamic simulation methods for elec-
trically driven GA and AAM propellers in conceptual design?

An advanced general momentum BEMT solver, incorporating corrections for 3D stall charac-
teristics based on 2D XFOIL predictions, a sweep correction model, as well as a root and tip
loss corrections can predict the thrust and torque of a propeller under hover and forward flight

conditions within 10% accuracy when compared to experimental data and CFD RANS simula-
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tions of free-spinning propellers. The BEMT solver demonstrates this level of accuracy across
multiple operating points and for two-, three-, and four-bladed propellers. Each operating point
is simulated within a second, making the BEMT approach to the most suitable methods for the
conceptual design and an MDO approach.

In this context, drag prediction is of less relevance for overall performance prediction, while
accurate lift prediction is crucial. The application of the simple momentum theory leads to
an overprediction of thrust and torque. Therefore, the general momentum theory should be
used but it have to be derived for hover conditions instead of forward flight conditions. The
application of root-and-tip loss correction depends on the propeller geometry and may not always

be appropriate.
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3 Propeller Acoustics

ROPELLER noise consists of tonal noise and broadband noise. During steady operations,
broadband noise is primarily influenced by the boundary layer of the propeller, while

tonal noise is mainly dominated by thickness and loading noise [131]. Broadband noise can
be predicted using high-fidelity large-eddy simulations or advanced semi-analytical models [25,
99]. Details on broadband noise are provided in section 3.2. Tonal noise components can be

estimated using reduced-order models [59].

Noise is the term for sound with negative connotation. Physical models employ various methods
to predict the sound generated by the propeller, not its noise emissions. This sound must be
converted into noise using psychoacoustic metrics, such as A-weighting or other psychoacoustic
weightings. However, in general, propeller sound has a negative connotation, which is why it is

referred to as propeller noise in this thesis.

Sound is a form of energy that travels through air or other media as waves, produced by fluctu-
ations. The sound pressure level (SPL), commonly represented as Ly, is mathematically defined
in eq. (3.1), where p represents the sound pressure and py denotes the reference sound pressure.
P P
L, =20log(—) = 10log(— 3.1
p = 20l0g() = 1010g(1y) (31)
The doubling of sound pressure leads to an SPL increase of approximately 6 dB. Further expla-

nations and the mathematical background are provided in appendix D.1.

The intensity of sound (L;) is calculated using eq. (3.2), where o denotes the distance from the
sound source to the observer. The sound power (Ly), expressed in eq. (3.3), is obtained by

multiplying the sound intensity by the area A through which the sound propagates.

10(L»/10)
1= “Tiro? (3.2)
Ly =L;-A. (3.3)

The Q-factor, which quantifies the change in sound power level, is defined in eq. (3.4). By
substituting L, into L; and Ly, the relationship between the Q-factor and sound pressure is
derived in eq. (3.4).

)

Ly D
=10 log(—=) = 10log(— 3.4
Qs g(LW’l) g(p%) (3.4)
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Eq. (3.4) shows that doubling the sound sources results in a Q-factor of 3 or a noise increase
of 3 dB. Halving the sound sources results in a Q-factor of -3. However, the doubling factor of
3 is a physical quantity and is not related to human hearing. The present work does not focus
on psychoacoustics. Nonetheless, human hearing must be considered in the optimisation of the

propeller.

Most recent optimisation studies use no weighting [30, 31, 153] or the A-weighting [31, 66] as
an acoustic metric for propeller noise calculation. None of these studies optimise the number of
blades or the rotational speed of the propeller. As a result, no frequency shifts are expected,

and frequency weighting is therefore not required.

Fig. 3.1 presents the weighting curves. All weighting functions have a zero-crossing at 1000 Hz
because they are derived relative to this frequency. The weighting functions are based on em-
pirical studies. The A-weighting shows a significant reduction in the low-frequency region, while

the other weightings exhibit a less pronounced SPL reduction in this region.

Additionally, the A-weighting increases the SPL in the range between 1000 Hz and 6000 Hz. The
B- and C-weightings reduce noise emissions in both low and high-frequency ranges. In the mid-
frequency range, a plateau is present. The D-weighting applies noise penalties for frequencies

around 5000 Hz. It was originally developed for aircraft noise but is no longer in use [131].
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Figure 3.1: Acoustic weighting curves

When aerodynamic data are used to calculate the resulting pressure fluctuations in the air,
the acoustic predictions are referred to as aeroacoustics. In the last century, many different
aeroacoustic models have been developed to describe the noise emissions of propellers, fans, and
jet engines. Gutin [69] developed the first reliable propeller noise prediction model in 1936.
In the 1950s, significant progress in noise modelling was achieved through the acoustic wave
analogy derived by Lighthill [100]. Many scientists applied this analogy to describe the noise

emissions of moving surfaces such as propellers.
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Ffowces-Williams and Hawkings [45] developed the well-known FW-H equations. These equations
describe noise radiation generated by arbitrary surface motions in a fluid with turbulent airflow.
The FW-H equations require unsteady flow quantities as input, which are usually derived using
URANS solvers. However, URANS simulations are time-consuming, particularly for rotating
propellers. Simplifications have been developed by researchers such as Hanson [73] and Farassat
[42].

Hanson simplified the FW-H equations for rotating propellers into a closed analytical form in the
frequency domain. His formulation requires only section-wise distributed forces and velocities,
typically calculated using a BEMT. Farassat’s formulations use time-dependent surface pressures
on the propeller as input, which are not typically provided by BEMT solvers. However, BEMT

solvers can be coupled with Farassat’s formulations by further simplifying the surface pressure.

Farassat’s methods describe the SPL in the time domain, while Hanson’s method operates in the
frequency domain. The time-domain calculation allows the use of time-dependent aerodynamic
input data. In contrast, frequency-domain calculations require steady results. Time-domain
simulations are significantly more time-consuming than frequency-domain models. For time-
domain calculations, the propeller revolution must be discretised with a resolution exceeding

520 steps per revolution. A discretisation study is presented in appendix D.3.

Both Hanson’s and Farassat’s models focus on calculating the tonal noise of the propeller. The
rotational speed and the blade number (Npg) defines the harmonic frequency of the predicted
tonal noise. Therefore, the blade passing frequency (BPF) is introduced in eq. (3.5)!. The tonal
noise during steady operations is associated with the BPF and its higher harmonics. Other tonal

frequencies can only be excited by unsteady aerodynamic effects.
BPF = f-Np (3.5)

Next, the details of the relevant relations between velocities and geometry for noise predictions

are described.

Fig. 3.2 depicts the orientation of the vectors and the coordinate system used for noise modelling
in all subsequently presented methods. The observer position is shifted within the xpropelier —
Zpropeller Plane. The observer’s location is described by the angle ¢, which is measured between

the rotational axis and the observer position.

The noise modelling based on the derivation of the FW-H equations relies on the movement of
noise sources relative to the observer. Therefore, the approaches do not consider the movement
of the air around the propeller. The depicted Mach numbers relate to the movement of the
blade section rather than the air stream. The aerodynamic simulation provides the aerodynamic

loading F}; of each blade section.

IThe rotational speed is given as a frequency in Hz
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The angle 6 in fig. 3.2 is later used to describe the noise emissions around the propeller. It is

therefore called the observer angle 6.
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Figure 3.2: Relations of vector definitions and variables used in the acoustic models

Fig. 3.3 shows the principal noise directivity of different noise sources around the propeller. An
observer moves at a constant distance from the propeller hub, following a semicircular path from
upstream at 0° to downstream at 180°. The thrust vector points towards 0°. The noise direc-
tivity is displayed in polar coordinates, which are more illustrative than Cartesian coordinates.
However, Cartesian coordinates provide greater precision for reading values compared to polar
coordinates. Therefore, the following results are presented in Cartesian coordinates, while the

results in fig. 3.3 are shown in polar coordinates.

Fig. 3.3 depicts the results for the four-bladed reference propeller operating at a rotational speed
of 3500 rpm in hover conditions. The magnitude of the noise sources depends heavily on the
operating conditions. Nevertheless, fig. 3.3 provides insights into the fundamental directivity

behaviour of the noise sources.

The broadband noise exhibits a clear dipole characteristic around the propeller plane. Tonal
thickness noise is typically modelled as a rotating line of monopoles, with the line rotating
around the propeller axis. Tonal loading noise, on the other hand, is typically modelled as a
rotating line of dipoles. The orientation of these dipoles depends on the surface normal and the
loading vector ? along the radius, as shown in fig. 3.2. As a result, the noise cancellation effect
at 60° observer position in the tonal loading noise predictions varies with the operational state

and propeller geometry.

Due to the symmetrical arrangement of the propeller blades around the propeller axis, tonal noise

cancels out at the axis. This cancellation is known as positive interference. Positive interference
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occurs due to the phase shift between noise sources located on the propeller blades. Furthermore,

this phenomenon restricts tonal noise models to observer positions near the propeller plane.

Broadband noise cannot vanish at the propeller axis, as surface fluctuations are stochastic.
Broadband noise is typically modelled with a dipole characteristic, oriented 90° relative to
the loading noise dipole. The dipole characteristics of the broadband noise model make it

inappropriate for use in the plane of rotation.

90°

—o— monopole thickness
—o - dipole loading

dipole broadband
== propeller

60° 120°

30° 150°

0° 180°

40 60 80

SPL (dB)

Figure 3.3: Pole characteristics of different noise sources for a four-bladed propeller in hover
conditions

The following sections introduce three different tonal noise modelling approaches. First, sec-
tion 3.1.1 describes a category one (Cat 1) model based on Gutin [69]. Second, section 3.1.2
outlines a category two (Cat 2) frequency-domain model developed by Hanson [73]. Third, sec-
tion 3.1.3 presents another Cat 2 model in the time domain, derived from Farassat [42]. Fourth,

different broadband noise modelling strategies are introduced.

Once all three models are described, section 3.3 validates Farassat’s model, combined with the
broadband model, using experimental data from the literature. Three independent studies with
varying operational conditions and propellers are used for validation. Finally, the tonal noise
models are assessed to determine whether the frequency-domain model or the Cat 1 model is
suitable for predicting noise emissions within an optimisation routine. For this purpose, the
models must demonstrate consistency in SPL prediction across different operational conditions,

distances, and geometries.
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3.1 Tonal Noise

As previously stated, tonal noise is typically modelled using sources located on the propeller
blades. The strength of these sources depends on the aerodynamic excitation. However, the
resulting sound pressure amplitudes are determined by the movement of the sources. This

movement is purely a geometric relationship relative to the observer’s position.

The Cat 1 model simplifies the aerodynamic excitation and reduces the noise emissions to a
single noise source by empirical correlations. The Cat 2 models use the aerodynamic excitation
to determine the strength of noise sources located along the blades and combine this with the

movement of the sources. The following subsections describe these procedures in detail.

3.1.1 Gutin’'s Model

Gutin’s model describes noise emissions as a single noise source located at the propeller hub. It is
a Cat 1 model that employs empirical correlations to predict noise emissions. The sound pressure
p of the harmonic order m primarily depends on the integrated thrust 7" and power consumption
P. As Gutin’s model operates in the frequency domain, the sound pressure is expressed using
Fourier coeflicients p,,, instead of time-domain signals p. The geometry is defined by the propeller
diameter Dp and the blade number Np. The operating condition is characterised solely by the
tip Mach number My;,.

The observer’s position is described by the observer-to-hub distance of and the angle 6, mea-
sured between the propeller axis and the vector pointing from the propeller hub to the observer.
Using Bessel’s functions (J,,p), the attenuation of higher harmonics due to noise cancellation
effects is simulated. Gutin’s model is expressed in eq. (3.6) and (3.7). All values must be input

in ST units to calculate the sound pressure in pascals (Pa).

TmNp My P T
B - 0)| J, 3.6
P = ouDpr | 98118 M2, 4.448 cos(0)| Jmp(zc) (3.6)

Gutin’s model offers a simple way for fast noise calculations. However, it does not incorporate
detailed information about the propeller geometry and is constrained by the use of Bessel’s
functions. These limitations restrict the model to a maximum of five propeller blades (B < 5),
a maximum of six harmonics (m < 6), and blade tip Mach numbers within the range 0.3 <
My, < 0.8. Further details about this model can be found in Ref. [122]. Since this model does
not account for blade geometry, it appears unsuitable for aeroacoustic optimisation, but this is

examined in detail in section 3.4.

A better understanding of Gutin’s model is achieved by evaluating Bessel’s function, as shown

in fig. 3.4. Fig. 3.4 depicts Bessel’s function for different observer positions and arguments (zq).
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In this evaluation, the tip Mach number is set to 0.4, consistent with the reference case, which
assumes a rotational speed of 3500 rpm. The propeller plane is located at 90°, with the left side
representing the upstream region of the propeller and the right side representing the downstream

region. The observer distance remains constant for all observer positions.

As Bessel’s function is used to amplify the sound pressure, fig. 3.4 directly illustrates the charac-
teristics of the sound pressure and, consequently, the noise emissions. However, Bessel’s function
is calculated only for each harmonic, as indicated by the white horizontal lines. A higher tip

Mach number affects a greater number of harmonic lines. The colour plot is normalised to 1.

Fig. 3.4 shows a clear dipole characteristic, with a reduction in noise emissions towards the
propeller axis. In the propeller plane, the noise emissions are highest, and the higher harmonics,

in particular, decrease as they approach the propeller axis.
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Figure 3.4: Normalised Bessel’s function for a tip Mach number of 0.4

The model description reveals that neither the blade geometry nor the loading distribution are
included as parameters. Only integrated performance parameters (thrust 7', power P), global
propeller parameters (blade count Np, diameter Dp), and the rotational speed via the blade
tip Mach number Mjy;, are used in the prediction. Therefore, the model is likely unsuitable for

blade shape optimisation. The prediction accuracy of the tonal SPL is assessed in section 3.4.

3.1.2 Hanson’s Model

Hanson’s model is derived from the FW-H equation. It simplifies the description of motion
by replacing the time-domain representation with a frequency-domain representation, taking

advantage of the periodic nature of rotating motions. As a result, noise emissions are calculated
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in the frequency domain, similar to Gutin’s model [73, 75]. Consequently, some parameters
from Gutin’s model are also present in Hanson’s model. Hanson’s model is classified as a Cat 2
model because it describes the physical behaviour of the blade and does not depend on empirical

relations.

Hanson’s model as stated in eq. (3.9) uses the introduced line sources to model noise emissions,
which requires detailed blade parameters. The derivation of the model requires linearisation of
the FW-H equations, enabling the decomposition of the equation into different noise sources. It
describes the noise generated by the acting forces, lift [ and drag d, as well as the displacement
or thickness thi noise of each blade element. The lift and drag forces are replaced by their
coefficients, ¢; and ¢4. The thickness noise is affected by the non-dimensional thickness of the
airfoils t;,. By integrating along the non-dimensional propeller radius 7,, the resulting sound
pressure in the frequency domain is calculated. The Fourier coefficients of the sound pressure

for the three noise components (thi, [, and d) are summed according to eq. (3.8).

Pm = Pmithi + Pm,i + Pm,d (38)

Eq. (3.9) is derived from the far-field equations, as described in Ref. [76]. The far-field sim-
plyfication reduces the computational effort. Far-field equations are used because the analysed

observer distances are multiples of the propeller diameter. Further explaination are provided

below.
Prmthi poc2 Ny sin(Oyet) exp[imNb(Lf:T - %)l
Pm,g | = Dop - TH ’
8m L
Dp
Pm.,d
i —k 3ty Wi (k)
- M} expli(®o — )| Jmn, (x6) | k24 (ky) | drn (3.9)
u
k2 k)

The index tip denotes the tip, while the index ret represents the retarded time or observer
position. Due to the finite propagation speed of sound (the speed of sound (cs)), the visual
position and the audible position do not coincide. This mismatch is accounted for by the retarded

time or observer position, as stated in eq. (3.10).

coS(Oret) = COS(@)\/l — M2 sin%() + My, sin®(9) (3.10)

The local Mach number is indicated by the subscript 4, representing the resulting speed of the
element ¢ normalised by the speed of sound in the surrounding environment. In addition to the
local Mach number M;, the tip Mach number My, and the flight Mach number M., are also

relevant for the calculation. The relationships are depicted in fig. 3.2.

Furthermore, the Doppler effect is considered as described in eq. (3.11). However, in a wind

tunnel application without translational motion of the propeller, the Doppler effect is not relevant
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because the flight Mach number is zero.

1
1 — My cos(Oret)

Dop = (3.11)
The retarded observer angle 6,.; can be determined using eq. (3.10). Similar to the Doppler

effect, the retarded observer angle remains constant under test bench conditions.

Fig. 3.5 depicts the Doppler factor for various observer positions and Mach numbers. The factor
equals one under hover conditions or in wind tunnel applications, indicating that noise emissions

are not affected. The figure also shows the line where the Doppler factor is equal to one.

As the Mach number increases, this "1-line" shifts from the propeller plane downstream towards
higher observer angles. At higher Mach numbers, the Doppler effect has a greater influence on
noise emissions, meaning the Doppler factor deviates more significantly from one. The factor
reaches its maximum upstream of the propeller and its minimum downstream of the propeller
plane. Since the observer angle is measured from the propeller’s perspective, smaller angles cor-
respond to positions upstream of the propeller, whereas larger angles lie downstream. Therefore,
fig. 3.5 shows that noise levels are highest when an aircraft is approaching the observer, fall as

it passes overhead, and continue to decrease as it moves away.
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Figure 3.5: Contour plot of Doppler factor for different observer positions and Mach numbers

Hanson applies Bessel’s function similarly to Gutin, but with a slightly modified argument as
shown in eq. (3.12). Eq. (3.12) includes a Doppler correction and depends on the blade section,

whereas Gutin’s Bessel argument only depends on the hub motion, as described in eq. (3.7).

xg = Dop - 1My, - m - N sin(fyet) (3.12)
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The acoustic wave numbers in the x- and y-directions are calculated using eq. (3.13). These
wave numbers, £k, and £y, describe how the blade-induced disturbance varies spatially. k&,
represents wave propagation in the axial direction, while %k, represents wave propagation in the

radial direction. The ratio of chord length to local diameter, b. = 5=, influences the local wave

ks 2mN, My;
= Dop - A be ) b (3.13)
ky M; (M cos(Oret) — Moo)

numbers.

Propeller sweep and lean influence the phase shift of noise emissions from the propeller sections.
This influence is accounted for by the phase alignment factors presented in eq. (3.14). The mid-
chord alignment (M C'A) represents the displacement of the radial station in the axial direction,
while the force alignment (FA) corresponds to the tangential displacement of the airfoil section.
These displacements are described as the local position of the mid-chord point relative to the

propeller-fixed coordinate system.

o 2mN, My, - MAC
[ S] = Dop - 2mVy . tiw " "Dp A (3.14)
Dy Mi | = - (M cos(Oret) — M) - 1y

Eq. (3.15) considers the aeroacoustic non-compactness for the thickness noise and loading noise
in the form of lift and drag. The shown parameters are approximations for the influence of
the thickness, lift and drag distribution along the propeller chord as proposed by Hanson and
derived in Ref. [76].

%, for k, =0,
Yini(ke) =75 1,
= [E sin(k, /2) — cos(kzx/Q)} , fork, #0
(3.15)
1, for k, =0,
Uy (k) = )
7z sin(ks/2), for k, #0

The stated procedure incorporates detailed propeller geometry information, such as sweep and
lean. This method does not require time-dependent aerodynamic solutions, which significantly
reduces computational effort. However, it cannot be used when unsteady effects need to be
analysed, as in transient simulations. The resulting pressure Fourier coefficients are transformed

into a time-dependent signal using eq. (3.16), summed up, and analysed.

p(tret) — 2 . real (Z pmeimwaDoptret> (316)

m=1
3.1.3 Farassat’s Formulation

Farassat’s formulation 1A (F1A) also results from the well-known FW-H equations [125]. Unlike

Hanson’s model, it is derived in the time domain. The subsequent formulations follow the
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compact form described in the ANOPP2 user manual [102] and [103]2. Sound sources are
positioned along the quarter-chord line and are summed up. The expressions are defined using
the retarded time of emission at the source locations and must be transferred to the observer
through time stretching. The derivation of the model requires acoustics linearisation, allowing
the separation and superposition of different noise sources, as shown in (3.17) and done in
Hanson’s model. The sound pressures from thickness, psn;, and loading, p;.q, are calculated

separately and then added.
p(x,t) = peni(@,t) + Proa(w,t) (3.17)

Farassat’s formulation is simplified using a shorthand notation, as shown in eq. (3.18), based on
Lee’s work [98]. This shorthand notation incorporates the distance to the observer, o, from each
blade element and the projected Mach number, M,, to describe the noise source’s radiation?.
Consequently, it is referred to as the radiation term. The first input of the radiation term, n,
represents the exponent of the distance, while the second input, m, corresponds to the exponent
of the so-called Doppler term, (1 — M,).

RF(nym) = 0~™(1 — M,)™™ = on(1_1M)m (3.18)
The Mach numbers are derived from the blade station’s motion and are calculated using the
time derivative of the observer vector. Here, M denotes the axial Mach number, M; represents
the Mach number as a vector at each blade station j, and M, is the projection of M onto
the normalised observer vector 6;, which extends from the blade element to the observer. The
index j follows Einstein’s summation convention. To enhance clarity, vectors are represented in

boldface.
M, = M; - 6; (3.19)

Eq. (3.18) resembles the Doppler factor described in eq. (3.11). The projected Mach number
accounts for the angle between the observer and the motion of the source, similar to the cos(6)
term in eq. (3.11). However, unlike Hanson’s model, there is no straightforward relationship
between axial flight speed and observer position because the actual motion of the noise source

is considered.

The thickness noise is determined using eq. (3.20), requiring the cross-sectional area © (m?),
the section length K (m), and their time derivatives. The projected Mach number M, is time-
dependent as the angle between the resulting Mach number at the blade (M;) and the observer

to blade section vector (o;) varies.

Furthermore, the emission terms in eq. (3.20) and (3.21) can be categorised into near-field (NF),
far-field (FF), and, for thickness noise, also ultra-near-field (UNF) terms. This classification is

based on the power coefficient (n) of the distance vector (o) in the radiation equation eq. (3.18).

2ANOPP2 is the second versions of NASA’s Aircraft NOise Prediction Program, developed for the comprehensive
analysis of aircraft noise
3The local Mach number is projected onto the observer vector (eq. (3.19)).
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For the thickness term, the coefficients App to Fynyp are determined using eq. (3.22), as de-
scribed in [98]. In steady simulations, the time derivatives of © and K are zero. The terms are
numerically integrated from hub to tip through summation.

i:;pthi(w,t) = tzlp: [{(:)K + 20K + GK} App + {OK + @K} Brp + @KCFF}

hub

ret

tip

> |{6K +6K} Dyp+OKENs| + (3.20)
hub

tip

> OKFynFl,e

hub

The loading sound pressure is determined using eq. (3.21), which requires the loading vector Fj

(N/m) and the section length K. The coefficients Gpr ; to Inp; are calculated using eq. (3.22).

tip ) .
Arcoo proa(@t) =3 [{B5K + FjK | Groy + FyKHpp;| +

re

hub
o (3.21)

Z [F}KINFaj]ret

hub
Eq. (3.22) shows the coefficients for the loading and thickness noise calculation. The coefficients
isolate the Mach number and radiation components from the source strength terms (©, K, and
F)).

App = RF(1,3) (3.22a)
Brp = 2(M,)RF(1,4) (3.22D)
Crr = (M,)RF(1,4) + 3(M,)?RF(1,5) (3.22¢)
Dyp = Coo(M,+ M? —2M2)RF(2,4) (3.22d)
Enp = Coo(Mo)RF(2,3)
+ coo |(My) = 3M; M| RF(2,4) (3.22¢)
+ caolMy) [5(M, — M) + (M2 = M2)| RF(2,5)

Fynp = (M7 — M%)RF(3.4)

A [20M, — MZ)? 4 (M, — M2)(M? — M2)| RF(3.,5) (3.22f)
Grr; = RF(1,2)6; 3.228)
e = (I RE(L90, (3.22h)
Inrj= 0;RF(2,1)

+ (f; — M;)RF(2,2) (5.2

+ (M, - M2)6,RF(2,3)
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Farassat’s formulation capture only the tonal components of noise emissions. The model predicts
no noise emissions at the propeller axis because the projected Mach number M, (eq. (3.19))
becomes constant near the propeller axis. As a result, no pressure fluctuations are calculated

for steady operations in this region, where broadband noise dominates the emissions.

Fig. 3.6 illustrates how the noise levels of the ultra-near-field, near-field, and far-field terms
change with the distance. The y-axis represents the change in sound pressure level (SPL),
normalised to a reference distance of 10 cm, while the x-axis shows the distance on a logarithmic
scale. The ultra-near-field noise decreases by 18 dB when the distance is doubled. The near-field
term decreases by 12 dB, and the far-field term decreases by 6 dB under the same condition.
However, the initial SPL values at the propeller are determined by the source strength of each

term. Therefore, a strict distinction between the field zones is not possible.
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Figure 3.6: Comparison of noise reduction between ultra near-field, near-field, and far-field

As for the BEMT method, the model discretises the blade into spatial segments. Additionally,
time is divided into finite steps. This requires an investigation of spatial independence, similar
to the BEMT method in fig. 2.9, which is extended by a temporal discretisation.

Fig. 3.7 illustrates the required spatial and temporal discretisation. Diagram a) represents
the spatial dependency, while diagram b) depicts the temporal dependency. The y-axis in both
diagrams indicates the difference in SPL relative to the finest resolution, with the highest number
of segments or time steps. The x-axis in diagram a) shows the number of spatial sections, whereas
in diagram b), it displays the temporal discretisation in terms of time steps per revolution. An
independent solution is achieved when the SPL deviation falls below 0.05 dB, as such noise

changes are inaudible.

Diagram a) indicates that 37 sections are required for a spatially independent solution. While
the BEMT method only requires 30 sections, the acoustic model demands at least 37 sections.
Diagram b) reveals that a minimum of 540 time steps per revolution is necessary for a time-

independent solution.
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Further insights into the sound pressure’s dependency on discretisation are provided in ap-
pendix D.3.
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Figure 3.7: Temporal and spatial independence study of the F1A model

3.2 Broadband Noise

Broadband noise is generated by unsteadiness and turbulent structures in the fluid. These
turbulent formations originate from various sources. They consist of vortices of different sizes,
each exciting different frequencies based on its size and velocity. The characteristic scale for these
frequencies is the Strouhal number. The Strouhal number is a dimensionless parameter that
characterises vortex formations, with it’s characteristic frequency, size ans velocity. Eq. (3.23)
defines the Strouhal number in terms of the frequency f, the chord length ¢,, and the inflow

velocity v.

_fo
St = (3.23)

Broadband noise can be self-induced or externally induced by the ingestion of turbulent struc-
tures. In particular, propeller and rotor applications in hover conditions can experience sig-
nificant turbulent ingestion, primarily due to the advancing blade and blade-wake interactions.
Self-induced broadband noise can be divided into five different sources [19]. The equations from
eq. (3.24) to eq. (3.27) are provided in Ref. [19].

The enumeration highlights the main dependencies of the noise sources for each mechanism,
excluding separation stall noise. Clearly, all noise sources depend, in addition to their specific
state relations, on the Reynolds and Mach numbers. Moreover, a distinction must also be
made between tripped and untripped boundary layers. Since the results presented in this thesis

consider only fully tripped conditions, laminar vortex shedding noise is not relevant.

1. Turbulent boundary layer - trailing-edge noise (TBLTE): The interaction of the
turbulent boundary layer with the trailing-edge.
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TE = f(a) (3.24)

2. Laminar boundary layer - vortex shedding noise (BLVS): The laminar boundary
creates bigger vortex formations compared to the turbulent boundary layer, which sheds

from the trailing-edge.

f(a)  for laminar
BLVS = (3.25)
20dB for turbulent # 0

3. Trailing-edge bluntness - vortex shedding noise (BVS): The vortex formations
which develop behind a blunt body.

BV'S = f(a,rel. TE thickness, TE angle) (3.26)

4. Tip vortex formation noise (TV): The turbulent structure which develop at the blade
tip.

TV = f(p,AR) (3.27)

5. Separation stall noise (SSN): The vortex formations which develop due to flow seper-
ation. The SSN is covered by the TBLTE.

These noise sources can either be modelled or computed. High-fidelity large eddy simulations
are the minimum requirement for accurately computing broadband noise [24]. However, such
simulations are not feasible for optimisation studies. Therefore, a modelling approach is neces-

sary.

When using a modelling approach, all five mechanisms must be included in the prediction
methodology. In the past, semi-empirical methods have been primarily developed. These meth-
ods rely on empirical correlations to predict the noise generated by broadband noise mechanisms,

but rely on the physical effects.

The fundamentals of broadband noise modelling were established in 1976 by Amiet, who pro-
posed a model for trailing-edge noise (Amiet’s model) based on a flat plate [3]. Over time,
Amiet’s model has been extended to include rotating airfoils [15, 89, 99, 138].

In 1989, Brooks, Pope, and Marcolini introduced a comprehensive model for four of the five
broadband noise mechanisms, commonly referred to as the BPM model [19]. This model was
developed through the analysis of a NACAQ0012 airfoil. The BPM model relies entirely on

empirically estimated coefficients derived from the NACA0012 experiments.
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The BPM model offers a significant advantage by being directly implementable into a reduced-
order model, as all required boundary layer parameters are provided by the model. However, this
advantage also presents a limitation, as the results are based solely on a single airfoil geometry.
A detailed description of the BPM model can be found in Ref. [19].

Other models approximate complex broadband noise by fitting existing data from various mea-
surements. Goody (Goody model) [57] developed an empirical correlation for surface pressure
fluctuations, transforming them into a noise spectrum based on existing spectra. Another empir-
ical wall-pressure spectral model was proposed by Prof. Seongkyu Lee in Ref. [97]. Lee derived
a universal wall-pressure spectrum, as shown in eq. (3.28). He incorporated Goody’s model
and other approaches [26, 81, 85, 130] to fit the surface pressure spectrum coefficients into this

equation.
a(wFS)b

P(w)SS = [i(wFS)e +d]° + [(fR})(wES)]"

(3.28)

The generic wall-pressure model requires a timescale Ry and scale factors for the spectrum (S.S)
and frequency (F'S) to compute the pressure fluctuations. Eq. (3.29) defines the timescale ratio,
which is calculated using the boundary layer thickness d, the boundary layer edge velocity Uk,
the kinematic viscosity v, and the friction velocity /7, /p.

_0/U.
- vju?

Rr (3.29)
The timescale ratio indicates that detailed information about the boundary layer is necessary
to apply this model. Boundary layer parameters can be computed using tools like XFOIL
or RANS simulations. However, these parameters are typically unavailable in reduced-order

methods within an optimisation framework.

Ref. [25] compares state-of-the-art wall-pressure spectrum models with measurements. The
comparison reveals significant discrepancies between the models and experimental data. It also

highlights the need for improved models to predict wall-pressure fluctuations more accurately.

Recent developments in neural networks have introduced new models based on wind tunnel
tests and simulations, such as the GL model proposed by Gill and Lee [53]. This model, how-
ever, is specifically derived for hover conditions. Using neural networks, the best-fitting coeffi-
cients of eq. (3.28) were determined. Gill’s model redefines the scale factors with thrust- and
solidity-based parameters, eliminating the need for detailed boundary layer information. Unlike
traditional models, it avoids the use of the timescale ratio. Additionally, Gill modifies the equa-
tion’s left-hand side to represent a 1/3-octave band SPL spectrum, directly incorporating the
observer position. This adjustment enables straightforward implementation into optimisation
frameworks. However, since the model is valid only for hover conditions, it cannot be applied to

arbitrary flight missions. As a result, it is unsuitable for a comprehensive design environment.

As the BPM model is the only one that does not require calculated boundary layer properties,

it is the most suitable model for the purposes of this thesis.
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The influence of the BPM model on the OASPL prediction is illustrated in the fig. 3.8 and 3.9.
The reference propeller is analysed under hover conditions with a rotational speed of 3500 rpm.
This configuration results in a BPF of 233 Hz. The observer is located in a distance of 7 m.
The tonal noise is predicted with the F1A model. The following analysis is valid only for the
specified case, as the directivity and dominance of different noise sources vary with operational

conditions, geometry, and observer position.

Fig. 3.8 presents the SPL prediction for an observer moving around the propeller from upstream

(45°) to downstream (135°). The propeller plane corresponds to the 90° observer position.

The overall SPL (OASPL) is obtained by the linear superposition of tonal noise from the F1A
model and broadband (BB) noise from the BPM model. Under the given conditions, the BB
noise exhibits noise cancellation around the propeller plane at 90°. The BB noise shows a clear

dipole characteristic centred around the propeller plane.

In contrast, the tonal noise displays a dipole characteristic centred around the axis of rotation,
peaking at the propeller plane and minimising upstream and downstream of the propeller. As
a result, BB noise dominates below 65° and above 120° observer positions, while tonal noise is

dominant between these observer positions.
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Figure 3.8: Directivity of broadband noise (BB) and tonal noise

Due to the change in the dominant noise source, different observer positions must be analysed
to evaluate the BPM model. Fig. 3.9 presents the third-octave-band noise spectrum at three
observer positions. Diagram a) represents the upstream position at 45°, diagram (b) the position
at the propeller plane (90°), and diagram c) the downstream position at 135°. The frequency
on the x-axis is normalised by the blade passing frequency (BPF).

The comparison reveals that the upstream and downstream positions are nearly mirrored. As a

result, only diagrams a) and b) are discussed in detail.

Diagram a) shows three distinct noise peaks in the tonal noise at 0.5, 1, and 2 times the BPF.

The second peak at 2 BPF is referred to as the first harmonic of the propeller. However, the
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peak at 1 BPF is dominant, being approximately 50 dB higher than the other harmonic peaks.
The broadband noise displays a pronounced increase in the range from 4 to 256 BPF. In the
range of 16 to 64 BPF, the amplitudes are comparable to those of the tonal noise. However, due

to the broad range of elevated amplitudes, broadband noise becomes dominant.

At the propeller plane (diagram b), the tonal noise peak at 1 BPF increases by 15 dB, while
the first harmonic at 2 BPF rises by 25 dB. Conversely, the broadband noise hump in the
high-frequency range is reduced by 20 dB compared to the 45° position.
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Figure 3.9: Frequency spectra of the reference propeller at three observer locations

Next, the broadband noise prediction of the BPM model is decomposed into its noise mechanisms
to provide a more detailed analysis of the model’s behaviour. Fig. 3.10 presents the results of
the BPM model for the first observer position at 45°.

The broadband noise (BB) is the sum of all its components, visualised with red dashed lines

and upwards-pointing triangles.

The tip vortex formation noise (TV) contributes to the high-frequency domain and is represented
by diamonds. TV noise only affects the BB noise above a BPF of 200, equivalent to 40 kHz,

making it inaudible to humans.

The turbulent boundary layer trailing-edge noise (TBLTE) dominates the BB prediction and
is visualised in blue with right-pointing triangles. It exhibits a prominent hump in the region
between a BPF of 3 and 256, where the TBLTE noise reaches a peak value of 52 dB. Outside
this hump, the TBLTE noise remains at a consistently high level of 35 dB.

The boundary layer vortex shedding noise (BLVS) excites all frequencies evenly at 20 dB, as
defined for a turbulent boundary layer. It is visualised with a violet line and left-pointing

triangles.
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In the ultra-low-frequency region, the blunt vortex shedding (BVS) mechanism is dominant,
represented by an orange line with downward-pointing triangles. It increases the BB noise in
the range between a BPF of 0.4 and 1.2.
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Figure 3.10: Frequency spectrum of the different broadband noise mechanisms (at 45°)

The aforementioned enumeration of noise sources highlights the dependencies of trailing-edge

(TE) size, TE angle, and angle of attack (AoA) on broadband noise predictions.

Helix Carbon GmbH’s propellers have a constant absolute TE thickness of 1 mm, regardless of
the propeller design. From a manufacturing perspective, smaller TE thicknesses are not reliably
producible. Additionally, the TE must provide sufficient stiffness and robustness to ensure

proper handling of the blades on the aircraft.

This absolute TE thickness of 1 mm results in variable relative TE thicknesses, depending on
the blade chord length. In contrast, NACA airfoils are inherently designed with relatively small
TE sizes, typically featuring relative thicknesses below 1%.

The influence of relative TE thickness, TE angle, and AoA on broadband noise is assessed in
fig. 3.11, 3.12, and 3.13.

Fig. 3.11 demonstrates the influence of varying relative TE thicknesses on blunt vortex shedding
noise (BVS). The reference propeller was modified at the TE and analysed under the same con-
ditions as in fig. 3.10. The TE thickness varies between 0.25% and 2%. In addition to the results
presented in fig. 3.10, fig. 3.11 includes the results for the modified TE thicknesses, visualised

in orange with different line styles. More solid lines correspond to smaller TE thicknesses.

Smaller TE
thicknesses result in higher BVS noise levels. In the current case, the BVS noise for TE sizes
above 1% is masked by the TBLTE noise. Consequently, the TE size should be kept below 1%.

The TE thickness impacts the magnitude of the BVS noise but not its slope.
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Figure 3.11: Influence of the trailing-edge thickness on the broadband noise spectrum (at 45°)

The BVS noise depends not only on the TE size but also on the TE angle, defined as the angle
between the upper and lower surfaces of the airfoil. Fig. 3.12 illustrates the influence of the TE

angle on BVS noise, complementing the analysis in fig. 3.11.

For this study, the TE angle of the reference propeller was modified by +5°. The original TE
is depicted by the solid orange line with downward-pointing triangles. The sharper TE, with a
reduced TE angle, is shown by the orange dotted-dashed line, while the blunter TE is represented
by a dashed line.

The comparison between the original propeller and those with adjusted TE angles indicates that
sharper TE angles lead to higher BVS noise. However, compared to the influence of TE size in

fig. 3.11, the BVS noise is less sensitive to variations in the TE angle.

— »~ —BB TV —-+>-—TBLTE —-<-—BLVS
—w—— BVS orig. — + —BVS +5° —-%-—BVS -5°
T T L L T L L R L
60 .
45°
_D.
{%-A--D—-—A-».._A-—p-—A—D"A/D/ =t ==
et — A e e G — e — G — g s s — e — s < — o
NV 1 P R v e L Y Y B A R
1 2 4 8 16 32 64 128 256 608

BPF

Figure 3.12: Influence of the trailing-edge angle on the broadband noise spectrum (at 45°)
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The angle of attack (AoA) is the third key parameter for broadband noise, alongside the Reynolds
number. Fig. 3.13 illustrates the effect of AoA on broadband noise. For this analysis, the AoA

was artificially modified without considering aerodynamic effects, with adjustments of £3°.

Diagram a) in fig. 3.13 depicts the AoA influence on tip vortex (TV) noise, while diagram b)
shows its impact on turbulent boundary layer trailing-edge (TBLTE) noise. The blue dotted

line represents the noise for the reference propeller.

Diagram a) shows that a lower AoA reduces TV noise, while a higher AoA increases it. However,
even at an AoA of +3°, the maximum TV noise reaches only 36 dB at a BPF of 128. This value

is relatively low and occurs at an extremely high frequency.

Diagram b) shows, that for TBLTE noise, two distinct effects are observed. A higher AoA
results in a flattened TBLTE curve and increased overall noise levels. In contrast, a lower AoA

causes oscillations and overshooting in the low BPF region.

At the predominant peak of the reference propeller at the 32nd BPF, the TBLTE noise is reduced
with lower AoA. However, a second peak emerges at low BPF values between the 0.5th and 1st
BPF as AoA decreases. The highest TBLTE noise is observed at -2°, while the -3° case shows
a slightly lower level.

The observed frequency shifts suggest that, in cases of A-weighting, a lower AoA might be prefer-
able to a higher AoA. This is because A-weighting attenuates low frequencies while amplifying
higher ones. However, the suitability of this adjustment depends strongly on the propeller’s

current operating conditions.
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Figure 3.13: Influence of the angle of attack on the broadband noise spectrum (at 45°)

The validation of the broadband noise prediction is detailed in section 3.3.2 and 3.3.3, where

the predicted results are compared with measurement data.
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3.3 Aeroacoustic Validation Studies

First, Farassat’s formulation 1A (F1A) is validated using data from the ideally twisted propeller
provided by NASA’s Urban Air Mobility Noise Working Group, Subgroup 1 (UNWG SG1) [148]
(section 3.3.1). Second, the F1A model and the Brooks, Pope, and Marcolini (BPM) model
are validated using another UNWG SG1 case, measured as a baseline for optimisation purposes
[153]. Third, the F1A and BPM model are validated with a benchmark case provided by TU
Delft 3.3.3.

The first reference case involves hover operations with varying pitch angles for a four-bladed
propeller. The second test case includes hover and cruise conditions for a three-bladed propeller.
Finally, the third test case examines operations with varying free-stream velocities for a two-
bladed propeller. These validation cases encompass a wide range of operating conditions and

geometries, which is essential for a robust validation.

3.3.1 NASA'’s Ideally Twisted Rotor

The validation case 1 compares the tonal noise prediction with the tonal noise extracted from
measurements of the ideally twisted propeller. To extract tonal noise from the noise measure-
ments, the SPL amplitudes of the blade passing frequencies (BPF) are identified from the noise
spectrum. The resulting tonal noise emissions are recalculated through a logarithmic summation
of the BPF noise amplitudes. The remaining noise spectrum, excluding the tonal amplitudes,

represents the broadband noise spectrum, which is used to calculate the overall broadband noise.

The validation is conducted without considering structural effects, as no information on defor-
mations are available. The microphones are positioned on an arc at a distance of 1.9 m from
the propeller hub. The propeller is tested in hover conditions with various rotational speeds
and three different pitch angles (3.9°, 6.9°, and 9.9°). Details about the testing procedure are
provided in Ref. [124]. Ref. [124] also compares the measured data to noise predictions generated
with NASA’s ANOPP2.

Fig. 3.14 illustrates the experimental setup. Six microphones are used in the experiment: two
are located upstream at 47° and 64°, one is in the propeller plane, and three are downstream at

108°, 125°, and 133°. The tests are conducted in an anechoic chamber.
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Figure 3.14: Experimentel setup of NASA’s ideally twisted propeller validation case

All aeroacoustic validations must begin with the evaluation of the aerodynamic model. The left
diagram in fig. 3.15 illustrates the propeller’s thrust at three different pitch angles for varying
rotational speeds. The BEMT method (sim.) is compared to performance measurements (exp.)
from Ref. [124]. The BEMT simulations are conducted without the 3D stall model but include
tip and hub loss correction as well as sweep correction. However, the sweep correction has no
effect on the results, as the airfoils are perfectly staggered along the quarter chord line. The
maximum thrust deviation between the experiment and BEMT simulation is 4% at 3957 rpm
for the 6.9° pitch case.

The right diagram in fig. 3.15 compares the measured SPL with the predicted SPL at the design
rotational speed of 5500 rpm. As noted by Pettingill et al. [124], the propeller’s tonal noise
is dominated by thickness noise. Thickness noise depends solely on the rotational speed and
source position. The compact formulation in ANOPP2 does not depend on the pitch angle.
Thus, increasing the thrust from 3.9° to 9.9° pitch does not affect the thickness noise for the
three pitch angles. The errors between simulation and experiment align with those presented in
Ref. [124]. The underprediction of the overall SPL is attributed to the observed recirculation in

the anechoic chamber.

The predicted SPL shows slight variation across different pitch angles downstream of the pro-
peller plane. The exact SPL deviations in the acoustic prediction are discussed in Ref. [98].
Overall, the results are consistent with the experimental data and simulation findings published
in Ref. [124].
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Figure 3.15: Aeroacoustics validation with experimental data of NASA’s UNWG SG1

The tonal noise is decomposed in fig. 3.16. Diagram a) of fig. 3.16 shows the thickness noise,
calculated using eq. (3.20), while diagram b) illustrates the loading noise, derived from eq. (3.21).
A comparison between loading and thickness noise reveals that thickness noise is at least 10 dB
higher at all observer positions. As a result, no significant difference in the total SPL across the

three pitch angles is observed in fig. 3.15.

The thickness noise, depicted on the left, exhibits symmetric behaviour around the propeller
plane at 90° because it behaves like a monopole noise source, without clear directivity. In
contrast, the loading noise, shown on the right, has a peak shifted downstream to an observer
position of approximately 100°. Loading noise behaves like a dipole source, resulting in asymmet-
ric behaviour around the propeller plane. The maximum SPL of the loading noise increases by
about 4 dB from 3.9° to 6.9° and again from 6.9° to 9.9°, while thrust increases by approximately
50% with each pitch increment.
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Figure 3.16: Thickness and loading noise of ideally twisted propeller
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3.3.2 NASA'’s Proprotor Optimisation

The UNWG SG1 has published additional experimental data for validation purposes. In an
extensive study, they designed and built four different propellers, testing them in an anechoic
wind tunnel under hover and cruise conditions. The dataset includes broadband noise and tonal
noise spectra measured at various observer positions. Fig. 3.17 illustrates the experimental

setup.

The acoustic data are corrected to account for the wind tunnel’s shear layer and to a constant
observer distance. In hover conditions, where no wind tunnel shear layer exists, the shear layer

correction is not applied. The shear layer correction results in a shift in the observer positions.

The validation is conducted using a helically twisted, three-bladed propeller with a diameter of
30.57 cm. The observer distance is 3.57 m.

3 bladed propeller

Voo > 1D = 31 cm

mic. 1 = 40° mic. 11 = 90° mic. 28 = 148°

Figure 3.17: Experimentel setup of NASA’s second validation case

Fig. 3.19 presents the thrust predictions for hover conditions (diagram a)) and various wind
speeds (diagram b)), referred to as cruise conditions in the following. The aerodynamic simula-

tions include no stall correction and PTL correction.

Additionally, the reference operational conditions for the acoustic simulations are highlighted. In
hover conditions, rotational speeds of 4067 rpm and 6006 rpm are analysed. In cruise conditions,

advance ratios of 0.23 and 0.54 are examined at a rotational speed of 7070 rpm.

The thrust comparison in diagram a) is dimensional, while in diagram b), it is non-dimensional.

The comparison shows good agreement between predictions and measurements. The maximum
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relative error in thrust prediction for cruise and hover conditions is 3% compared to the exper-

imental data.
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Figure 3.18: Comparison of thrust predictions for hover conditions and higher advance ratios

Fig. 3.19 presents the noise prediction results for the reference conditions shown in fig. 3.18.
The upper diagrams represent hover conditions (a and b), while the lower diagrams illustrate
cruise conditions (¢ and d). For consistency, the y-axis scale is identical across all operating
points. The diagrams display the experimental tonal and broadband noise using markers only,
while the simulation results for tonal and broadband noise are shown with markers and lines.

Square markers represent broadband noise, whereas circular markers represent tonal noise.

The tonal noise prediction aligns within 7 dB across the entire observer position range for all

four operating conditions, with overall trends matching in all cases.

In hover case a), the tonal noise is slightly underpredicted. The largest derivation between

experiment and simulation is located at 125° with 6 dB.

In cases b) to d), the tonal noise measurements reveal plateau in the range from 120° to 135°
which is not captured by the simulation*. In hover case b), the tonal noise matches well except
beyond the 120° observer position. In front of the 120° position, the error remains below 2 dB.
In case c), the tonal noise prediction slightly exceeds the measurements, while in case d), the

error increases further, reaching up to 7 dB.

The broadband noise prediction shows its cancellation effect at 90° in all four cases. This
effect is discussed in fig. 3.8. Outside the cancellation region, the maximum deviation between
experimental and simulation is also 7 dB. In diagrams a) and c), the broadband noise matches
within a range of 2 dB. In hover case b), the broadband noise is slightly underpredicted by 6 dB,
whereas in cruise case d), it is overpredicted by 7d dB. Nevertheless, the trend aligns well in all

four cases.

4This plateau is also present in case (a), but it aligns with the peak, making it unidentifiable.
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Figure 3.19: Comparison of tonal and broadband noise between simulation and measurement
for four different condidtions

Tab.3.1 summarises the differences between the experimental measurements and the predictions
for the four cases. It presents the maximum values of tonal and broadband noise. Furthermore,
the absolute errors between the predictions and the experiments are presented for tonal and

broadband noise in the A-columns. The errors are within 7 dB.

Table 3.1: Comparison of maximal SPL values for all four cases
Max. tonal SPL Max. broadband SPL
Case (dB) (dB)

sim.  exp. A sim.  exp. A

75.3 79.8 -45 | 785 804 -1.9

96.0 976 -1.6 | 88.7 95.2 -6.5

106.4 101.7 +44.7 | 79.3 82.6 -3.3

106.2  99.7 +6.5 | 86.0 80.6 +5.4

o

o

=8 =3
~— — — —

3.3.3 TU Delft’s Benchmark Case

The third validation case is provided by TU Delft. A two-bladed propeller with a diameter
of 30 cm is analysed in an anechoic wind tunnel at various rotational speeds and free-stream
velocities. Noise emissions are measured using thirteen microphones mounted on a beam. The
beam is aligned parallel to the free-stream and perpendicular to the propeller plane, causing the
distance from the propeller hub to each microphone to vary. The experimental setup is described
in Ref. [25] and illustrated in fig. 3.20. Additionally, fig. 3.20 highlights the microphone locations,
which are analysed in detail in fig. 3.23.
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Figure 3.20: Experimentel setup of TU Delft’s benchmark case

The TU Delft experimental data includes wind tunnel results for rotational speeds of 4000,
5000, and 6000 rpm. Fig. 3.21 compares the measurements with the simulation results. The
simulations are conducted with 3D stall correction and without tip and hub loss correction.
As observed in the NASA test case, the sweep correction model does not affect the simulation

results.

The thrust prediction matches the experimental results within 5% in the low advance ratio
region and within 10% at an advance ratio of 0.6. Above an advance ratio of 0.6, the relative

error increases due to the shrinking denominator, although the absolute errors remain constant.

The diagram highlights four advance ratios where acoustic measurements are available. These
different advance ratios can be interpreted as representing various flight states, ranging from

hover to initial climb, secondary climb, and cruise conditions.
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Figure 3.21: Thrust comparison between experiment and simulation for three rotational speeds

Fig. 3.22 compares the noise measurements with the simulation results. As in the previous
case, the BPF noise is separated from the spectrum to validate the tonal noise prediction, and
the y-axis scale is kept identical across all operating points for consistency. The experimental
tonal SPL is represented by black circular markers, while the simulation results are shown with
markers and lines. In fig. 3.22, the loading noise is depicted in blue, the thickness noise in
cyan, and the total tonal noise, according to eq. (3.17), in magenta. Diagram a) shows the hover
conditions at an advance ratio of 0, diagram b) the initial climb conditions (J = 0.2), diagram c)

the secondary climb conditions (J = 0.4) and diagram d) the cruise conditions (J = 0.6).

The thickness noise depends only on the movement of the noise sources, which remains constant
in the wind tunnel across all conditions. In contrast, the loading noise varies for different advance
ratios due to changes in thrust. As the advance ratio increases, thrust decreases, leading to a

corresponding reduction in loading noise.

The comparison of the tonal SPL between the simulation and experimental data shows excellent
agreement in the region from 60° to 120° observer position. The maximum deviation is 2.5 dB
at the 120° observer position for an advance ratio of 0.2. For an advance ratio of 0.6, the noise
emissions are slightly underpredicted due to a thrust underprediction of 0.5 N compared to the

experimental data.
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Figure 3.22: Comparison of the BPF SPL for different advance ratios, with information about
loading (LN) and thickness (TN) noise

The TU Delft data includes not only tonal noise but also the power spectral density (PSD) for
each microphone location and measurement point. Fig. 3.23 presents the PSD in third-octave

bands for two different microphone locations and two different advance ratios.

The upper row displays the hover conditions (diagrams a) and b), while the lower row shows the
secondary climb condition. The left diagrams represent the most forward microphone location
(54°), and the right diagrams show the most rearward location (127°). Black lines indicate the
experimental data, magenta lines represent the tonal noise prediction, and red lines correspond

to the broadband noise prediction.

Due to the third-octave band representation, the tonal noise peaks are smeared across multiple
frequencies. However, this accumulation of multiple frequencies is necessary for comparison with
the BPM model. The x-axis frequency is normalised with the BPF, which is 167 Hz in this case.

The comparison demonstrates good agreement in amplitude at the BPF across all four diagrams.
The second harmonic is masked by the broadband noise and is therefore not visible in the

experimental data.

In hover conditions (diagrams a) and b)), the BPM model accurately predicts the frequency
range from BPF’s of 2 to 128. However, diagram b) shows a hump around the 10'" BPF,
which is not captured by the BPM model. Aside from this hump, the broadband noise is well
represented by the model.
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In the secondary climb condition, the BPM model underpredicts the broadband noise by 10 to
15 dB/Hz across most of the spectrum, except at higher frequencies. Despite this, the trend

aligns well across the entire frequency range.
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Figure 3.23: Comparison of third-octave-band PSD between measurements of TU Delft and
prediction with the BPM model at 54° (left) and 127° (right)

The validation study demonstrates that the presented aeroacoustic prediction methodology is
capable of accurately predicting the noise emissions of three different propellers with varying
blade numbers and operational conditions. An accuracy of at least 7 dB is achieved in the region

from 60° to 120° observer position.

The validation is conducted using independent datasets with different experimental setups. The
only common feature across the three studies is the similar blade diameter, which is due to the
availability of anechoic wind tunnels. Smaller diameters are more challenging to analyse than
larger ones because of the reduced Reynolds numbers. Lower Reynolds numbers result in less
stable XFOIL predictions and increase the relative boundary layer thickness, leading to more
boundary-layer-induced broadband noise [19, 86, 147].

3.4 Assessment of Tonal Acoustic Models

The acoustic models must be self-contained and consistent to be applicable within an optimi-

sation framework. Therefore, the three presented models are analysed to assess their ability to
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consistently predict the SPL under varying observer positions, wind speeds, blade numbers, and
operational conditions. The validation demonstrates that Farassat’s formulation 1A exhibits
consistency across different distances, blade counts, and operational conditions. Consequently,

this model is used as the reference for evaluating the other models.

The following subchapters present contour plots for the three models under various conditions,
but only for the four-bladed propeller. Additional contour plots for both two- and four-bladed

propellers, as well as further details regarding the comparisons, are provided in Appendix C.

The model comparisons are conducted in three distinct scenarios. The rotational speed in all
scenarios is 3500 rpm. First, the observer distance is varied during static operations (advance
ratio of zero) of the reference propeller. Second, the reference propeller is examined in a wind
tunnel under different wind speeds. Third, a comparative analysis is performed for an over-
flight scenario. These comparisons are essential because, during an overflight, the observer’s
distance changes dynamically, and the Doppler effect introduces distinct noise patterns that

differ significantly from those observed in wind tunnel measurements.

In the following analysis, only tonal noise is considered, eliminating the need to distinguish
between overall SPLL and BPF SPL. Therefore, SPL is used instead of BPF SPL to enhance
readability and clarity.

3.4.1 Distance Variation

At first, the consistency of the models for different observer distances is analysed. Fig. 3.24
presents the SPL at various observer positions and distances as a contour plot for the four-
bladed propeller. The observer moves around the propeller as in the first validation case (cf.
section 3.3.1 and 3.20). The x-axis represents the observer position, and the y-axis represents

the distance to the propeller hub.

Diagram a) shows the result for Gutin’s model, diagram b) for Hanson’s model, and diagram c)
for the reference model based on Farassat’s formulation 1A. Significant differences are evident

between the predictions of the three models.

The F1A prediction in diagram c) shows its maximum at approximately 100° observer position,
with a maximum SPL of 80 dB(A). Gutin’s model (diagram a) exhibits severe noise cancellation
at around 60° observer position. The highest SPL for Gutin’s model occurs at approximately 110°

observer position, but the maximum SPL is significantly lower compared to the F1A prediction.

Hanson’s model (diagram b) closely resembles the prediction from F1A in terms of contour shape.
However, the maximum SPL in Hanson’s model is shifted towards higher observer positions.
While the overall SPL is significantly lower than F1A, the general shape of the contour lines

remains similar.
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Figure 3.24: SPL predictions with the three tonal noise models for different distances and
observer positions (4-bladed propeller)

Next, the comparison for different blade numbers at a constant distance is evaluated. Fig. 3.25
presents the SPL results at a distance of 10 m. Diagram a) of fig. 3.25 shows the result for
the two-bladed, diagram b) for the three-bladed, and diagram c) for the four-bladed reference
propeller. The y-axis represents the A-weighted SPL.

The trend of the noise prediction remains independent of the blade number. Gutin’s model is
affected by a cancellation region around 60° to 70° observer position. This cancellation region
shifts towards lower observer positions as the blade number increases. Additionally, Gutin’s
model predicts the highest SPL values, whereas Hanson’s model underpredicts the SPL by
approximately 7 dB(A) compared to the F1A prediction. The trend predicted by Hanson’s
model aligns with the trend observed in the F1A prediction.
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Figure 3.25: Comparison of the tonal noise models for different blade numbers at a distance
of 10 diameters
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The peak values and corresponding observer positions are presented in table 3.2 for all three
blade numbers and models. A comparison of the maximum values shows that the SPL does not
change from two to three blades but decreases from three to four blades. However, the location

of the peak value shifts towards lower observer angles in all cases.

The last column of the table highlights the differences between the two-bladed and four-bladed
propellers. The different models predict varying SPL reductions and observer position shifts
between the two-bladed and four-bladed configurations. The results from Gutin’s model are
similar to those from the F1A prediction. However, Hanson’s model exhibits significant dis-
crepancies, indicating that this model is not capable of accurately predicting the influence of

different blade numbers.

Table 3.2: Positions and peak values of the SPL prediction for different models and blade

numbers
2 Blades 3 Blades 4 Blades A4 —2

Gutin SPL | dB(A) 59.1 59.4 57.2 2.9
Pos. deg 115 112 107 8

Hanson SPL | dB(A) 49.4 49.5 47.5 1.9
Pos. deg 103 100 98 5

F1A SPL | dB(A) 57.7 57.7 54.3 3.4
Pos. deg 100 93 91 9

After evaluating the dependency on the azimuthal observer position, the radial dependency
for the three propellers is assessed. Fig. 3.26 illustrates the noise reduction with increasing
normalised distance, following the representation of the evaluation of the distance law in fig. 3.6.
The x-axis represents the distance, which is normalised by the propeller diameter and displayed

on a logarithmic scale.

The analysis of the F1A curve reveals that beyond 3 diameters, the SPL decay is -6 dB(A) for
a doubling of the distance, consistent with the behaviour of Gutin’s and Hanson’s models. In
the near field of the propeller, the slope of the F1A model changes due to the near-field and
ultra-near-field terms in the prediction. Hanson’s model shows an offset of 7 dB(A) compared to
the other curves. Gutin’s and the F1A predictions align perfectly for the two-bladed propeller.
However, as the number of blades increases, an offset occurs between Gutin’s model and the

F1A model.
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Figure 3.26: Comparison of the distance-dependent SPL prediction of the tonal noise models
for different blade numbers at 110° observer position

The initial analysis of different observer positions and blade numbers reveals that Hanson’s
model does not predict the same SPL variation due to changes in blade number as the validated
F1A formulation. Additionally, Hanson’s model predicts SPL values that are 7 dB(A) lower
compared to the F1A prediction. Gutin’s model exhibits severe noise cancellation at observer
positions between 60° and 70°. However, the peak values predicted by Gutin’s model are similar
to those of the F1A prediction. As the blade number increases, greater differences between the

F1A prediction and Gutin’s model become apparent.

3.4.2 Wind Speed Comparison

The second step of the assessment involves comparing the behaviour at different wind speeds. In
this case, the propeller remains stationary (except for rotation), and the observer sweeps from
upstream to downstream, as in the previous study. This assessment is similar to the second
validation case (cf. section 3.3.1). The analyses are performed at a constant distance of 10

propeller diameters.

Fig. 3.27 shows the SPL predictions of the different models at varying advance ratios and observer
positions. The y-axis represents the advance ratio. As in section 3.4.1, the second assessment

begins with contour plots for the different models and the four-bladed reference propeller.

The F1A prediction (diagram c¢) shows no significant influence of advance ratio variation on noise
emissions, as the emissions are dominated by thickness noise. Thickness noise is unaffected by

changes in loading, which explains the absence of variation for different wind speeds.

In contrast, Gutin’s and Hanson’s models exhibit an influence of the advance ratio on noise

emissions. Gutin’s model shows a significant effect due to the absence of a term for thickness
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noise, as it is primarily driven by thrust and power consumption. Both thrust and power

consumption decrease with increasing advance ratio, leading to a reduction in noise emissions.

Hanson’s model, in theory, should account for thickness noise. In the current case, however,
thickness noise is not dominant according to Hanson’s model in the low advance ratio regime.
Beyond an advance ratio of 0.4, thickness noise becomes dominant, which explains why no

variation in noise emissions is observed above this value.
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Figure 3.27: SPL prediction with the three tonal noise models for different advance ratios and
observer positions (4-bladed propeller)

In the second step, the noise reduction with increasing advance ratio at an observer position of
110° is analysed for the two-, three-, and four-bladed propellers. Fig. 3.28 shows the comparison,
with the advance ratio on the y-axis. As in the assessment of blade numbers in the previous
study (cf. fig. 3.25 and 3.26), all three diagrams exhibit similar trends.

However, the F1A prediction reveals differences between the blade numbers. A reduction in the
number of blades, while maintaining the blade geometry and operational conditions (rotational
speed, pitch, and wind speed), leads to an increase in blade loading. Although the disk loading
decreases, the blade loading increases. Consequently, tonal noise increases, and the two- and

three-bladed propellers exhibit an advance ratio dependency.

Gutin’s model is not suitable for this analysis due to the absence of a thickness noise prediction.

It incorrectly predicts a noise reduction of approximately 10 dB(A).

Hanson’s model shows a noise reduction for all three blade configurations. However, a plateau
is observed in the advance ratio range from 0 to 0.2 for the two-bladed case, and a similar trend
is seen for the three-bladed case. In this range, the blade thrust does not change significantly.
As previously noted, in the high advance ratio regime, loading noise becomes dominant. This

leads to a transition from loading noise dominance to thickness noise dominance.
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Figure 3.28: Comparison of the tonal noise models for different blade numbers and advance
ratios at a distance of 10 diameters and 110° observer position

3.4.3 Overflight Comparison

The third step of the assessment consists of a constructed overflight scenario with a variable
distance between the observer and the emitter. The propeller operates at an overflight height
of 10 diameters. The overflight is performed at different flight speeds with a constant rotational
speed of 3500 rpm. The pitch of the propeller remains unchanged, resulting in a reduction of

thrust with increasing flight speed.

Since Gutin’s and Hanson’s model do not support transient manoeuvres with variable distances,

each point in fig. 3.29 is calculated as a quasi-steady operational point.

Fig.3.29 illustrates the setup of the overflight comparison. At each circle the a quasi-steady

operating point is assumed with the a certain flight speed but a constant observer position.
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Figure 3.29: Experimental setup of the overflight scenario

The results presented are influenced by the Doppler effect, as described in eq. (3.11) and il-
lustrated in fig. 3.5. Therefore, the noise emissions predicted by Gutin’s and Hanson’s model
are expected to be higher for larger advance ratios and around the propeller plane compared
to fig. 3.27. However, the reduction in loading with increasing advance ratio counteracts the
increase caused by the Doppler effect.

Fig. 3.30 follows the same structure as fig. 3.27 but incorporates the Doppler effect. The be-
haviour of Gutin’s model in fig. 3.30 remains consistent with that shown in fig. 3.27. Hanson’s
model and the F1A model, however, display curved contour lines compared to the previous re-
sults, as a consequence of the Doppler effect. Additionally, Hanson’s model predicts an increased

SPL for higher advance ratios around the propeller plane. This increase is not observed in the
F1A prediction.
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Figure 3.30: SPL predictions with the three tonal noise models for different advance ratios in
the overflight scenario (4-bladed propeller)
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The figures providing more details for different blade numbers or advance ratios do not offer
significant additional insights. Therefore, this analysis is omitted from the main body but is

available in appendix C.

The assessment of the three models with varying blade numbers, operational conditions, and
observer positions reveals that Gutin’s model and Hanson’s model do not exhibit the same
behaviour as the F1A model, which has been validated with experimental data. The following

findings result from this assessment:

1. Gutin’s model has noise cancellation at around 60° which is not present in the other models.

2. Gutin’s model is sensitve to advance ratio changes leading to wrong behaviour for different
flight speeds.

3. Hanson’s model predicts about 7 dB(A) smaller SPL compared to the F1A model.

4. Hanson’s model does not show the correct trend of variable blade number.

5. Hanson’s model has a mismatch between loading and thickness noise compared to the F1A

model.

The findings present critical issues to the application of Gutin’s and Hanson’s models in an
optimisation routine. Both models exhibit inconsistencies, leading to incorrect behaviour when
operational or geometrical conditions are altered. As a result, only the F1A model is employed

in the subsequent optimisation framework.

Further comparisons between these models are not available in the literature. Although both
models have been validated in standalone publications for single operating points, no direct
comparisons have been conducted [43, 70, 72, 91, 104].

The analysis of tonal noise prediction, in comparison with the validation of Farassat’s formulation
1A, partially addresses the second research question:

RQ 2 - Which aeroacoustic simulation method enables accurate prediction of noise
from electrically driven GA and AAM propellers in conceptual design?

Only Farassat’s formulation is capable of consistently predicting tonal noise emissions across a
wide range of operating conditions. Therefore, Farassat’s formulation must be applied for tonal

noise emission prediction.

A temporal discretisation of 540 points per revolution with a spatial step size of 2.5% of the
radius is required. Tonal noise can only be accurately assessed around the propeller plane, from

observer positions approximately between 45° and 135°.

This assessment is not sufficient to fully answer the second research question. It remains un-
certain whether broadband noise modelling is essential for analysing noise emissions of AAM

vehicles. This aspect of the research question 2 is addressed in section 5.4.
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4 Propeller Design Procedures

N general, propeller parameters can be divided into three main categories. First, the global
I parameters describe the propeller system.! Second, the blade shape parameters determine
the aerodynamic and aeroacoustic performance of the system. Third, the details play an im-
portant role in aeroelasticity and manufacturing.? The combination of global and blade shape
parameters defines the operational response of the propeller. A detailed blade shape optimisation
cannot, proceed before the global parameters are defined. Once the blade shape is determined,
details such as the location of the quarter chord line, sweep and lean, or the tip and hub design

become important. Tab. 4.1 tabulates the design parameters according to their categories.

Table 4.1: Overview about the blade design parameters

Global Parameter Blade Shape Blade Details
Diameter Airfoil distribution | Sweep distribution
Blade number Twist distribution | Lean distribution
Pitch system Chord distribution Hub design
Motor Tip design

The propeller design and its parameters are subject to various aerodynamic and structural con-
straints in this thesis. First, constraints arise from the applied methodology. Second, the design
must ensure stability and ground handling. Third, the designs must meet the manufacturer’s

requirements. They must be considered in the propeller optimisation process.

1. The blade tip Mach number must be smaller than 0.7 to avoid shock waves. Otherwise
XFOIL cannot be used to generate the airfoil database.

2. The blade tip Mach number must be larger than 0.15 to improve XFOIL stability and
maintain the underlying assumptions of BEMT.

3. The aspect ratio of the blade should be higher than 6 to maintain the underlying assump-
tions of BEMT.

4. The hub chord length should be smaller than 20% of the diameter for realistic and pro-

ducible geometries.

!The pitch system and the motor are not directly parameters of the propeller geometry, but they have a significant
influence on the overall design of the propeller, which is why they have to be listed in the global parameter section.

2Tt could be discussed if the airfoil distribution belongs in the blade shape parameter list or in the list of details.
The performance influence of the airfoils is less relevant than the twist and chord distribution, but the airfoils
have to be carefully chosen for a specific application.
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5. The chord ratio between tip and hub (taper ratio) should be between 0.2 and 1 for realistic
and producible geometries.

6. A minimum chord length must be maintained to provide sufficient space for the internal
structure.

7. The relative thickness must be at least 10% at the root and at least 7% overall to ensure
sufficient space for the internal structure.

8. The trailing edge thickness must be at least 1 mm to ensure stability and ground handling.

The aspect ratio equals the ratio of the propeller radius to the projected blade area. The
definition is provided in eq. (4.1).
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This chapter is divided into three subchapters. First, section 4.1 describes the aerodynamic
design procedure for a single operating point according to the minimum induced loss (MIL)
condition. An example uses the reference propeller parameters for a new design and shows the
results of the MIL design. Second, the structural design of a propeller is briefly described, with
extensive details available in Felix M6hren’s dissertation. Third, section 4.3 introduces a novel
multidisciplinary design strategy. This method was first presented by the author in Ref. [11]. In
three steps, the design routine is outlined. First, the general optimisation process is explained.
Second, the optimisation of the global parameter space is described. Finally, the blade shape
optimisation is addressed. The optimisation of the blade details is not presented in this thesis

because it is mainly driven by structural constraints discussed in Felix Mohren’s thesis [112].

4.1 Aerodynamic Minimum Induced Loss Design

Based on potential theory, Betz [13] derived that the energy loss on a propeller is related to
the kinetic energy of its wake. He demonstrated that, to minimise induced losses, the axial
induced velocity must remain constant across the propeller plane, similar to wing aerodynamics.
Betz first derived the theory for weakly loaded propellers in Ref. [13] and later extended it to
highly loaded propellers in Ref. [12]. The result of Betz’s MIL condition is that the circulation
(eq. (2.39)) must be constant along the blade. The circulation for MIL is defined in eq. (4.2).
r— 27rvoowaG (4.2)
Nyw
G is the Goldstein function defined in eq. (4.3), which simplifies the relation by employing
Prandtl’s tip loss function stated in eq. (2.43) and a relation between the tangential and axial

velocities given in eq. (4.4) [56]. Eq. (2.39) is applied to reconstruct the propeller geometry.

Fa?

= 4.
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xr = o (4.4)
Larabee [95] was the first to convert MIL into a computer program, although he did not consider
the influence of airfoil drag. Adkins and Liebeck [1] addressed this simplification by publishing
the first computation scheme for MIL design that also considers airfoil drag. Both Larabee and
Adkins and Liebeck employed the concept of a constant circulation along the blade to calculate

the blade geometry.

The following enumeration outlines the procedure of Adkins and Liebeck without detailing the
solving algorithm. The procedure begins with an initial chord and twist distribution, arranged

appropriately to accelerate the process, and an initial I'. The initial I' may be zero.

1. Determine the values of Prandtl’s tip loss function and the helix angle ® at each blade
station.

2. Determine the product of resulting velocity w and chord length ¢ at each blade station by
the circulation equation (eq. (2.39)) and thereby the Reynolds number.

3. Determine the angle of attack for the optimal lift to drag ratio from the airfoil section

data with the corresponding Reynolds number.

Add the optimal angle of attack to the helix angle to obtain the twist distribution.

Determine the induction factors according to eq. (2.32) and (2.33).

Calculate the resulting velocity w with the induction factors according eq. (2.38)

Compute the chord length from the product w - ¢ from step 3. Recalculate the solidity o

Determine the new I' at an arbitrary section with eq. (4.2)

© e N> o

Determine the new thrust or power consumption depending on the requirement
10. Start over, if this new value for I" is not sufficiently close to the old one (e.g., within 0.1%)

at step 2 using the new I.

The circulation computation is adapted to consider thrust or power requirements [1, 95]. This
procedure results in long chord lengths at the hub and high twist angles, as it strives to establish a
constant I' along the blade. Such propeller designs are challenging to manufacture, necessitating
limitations. These limitations lead to discrepancies between the intended and actual propeller
performance. Moreover, maintaining constant circulation along the blade prevents modifications
of the blade at the hub. Consequently, a different design scheme has been developed. The novel
procedure requires significantly more computational time compared to the method of Adkins
and Liebeck. While Adkins and Liebeck’s approach was developed for the computational power
available in 1994, the new method leverages the power of 2020-era computers and requires only

a fraction of a second to design the propeller on a standard computer.

The novel procedure calculates the optimal induced velocity using simple momentum theory
(eq. (2.29)). The resulting optimal angle of attack distribution is used as a starting point. In an
iterative scheme, the procedure computes the optimal propeller geometry by applying the MIL

condition and the general momentum theory as described in section 2.3.1.1.

1. Apply BEMT to the new propeller geometry to calculate thrust and power consumption.
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2. Apply a chord length correction by adjusting the entire chord length according to the
relative error from the target values (relative thrust or power deviation).

3. Reapply BEMT to the adjusted propeller geometry.

4. Calculate the angle of attack distribution. Correct the local twist distribution to match
the optimal angle of attack for the airfoils at the corresponding Reynolds numbers.

5. Reapply BEMT to the adjusted propeller geometry.

6. Equalise the induced velocities along the radius to achieve a homogeneous distribution by
adjusting the chord length distribution.

7. Repeat the procedure from step one until the thrust or power requirements are met.

In each iteration, smoothing algorithms can be applied to achieve a continuous geometry. The

geometry is constrained by outer limits as stated in the beginning of chapter 4.

The new procedure is applied on the operating conditions of the four-bladed reference propeller
to demonstrate the benefits of the novel single point design approach. Therefore, the novel
MIL design approach uses the geometric and operational properties of the reference propeller as

input.

The reference propeller, operating at 3500 rpm in hover, produces 152 N of thrust with a torque
of 6.53 Nm, equating to a power consumption of 2.39 kW. This performance corresponds to a
Figure of Merit (FoM) of 0.762 and a thrust-to-power ratio (TtP) of 63.3 N/kW. Furthermore, the
reference propeller has a maximum SPL at a distance of ten diameters of 72.2 dB. These values
were calculated using BEMT theory in conjunction with general momentum theory, Prandtl tip
and hub loss corrections, sweep corrections, 3D stall corrections, and Farassat’s formulation 1A,

along with the BPM broadband model for noise prediction.

Based on these performance metrics, the same thrust, rotational speed, number of blades, diam-
eter and airspeed are used to evaluate the design procedure. The selected airfoils for the MIL
design are NACA-44XX digit airfoils, with 16% thickness at the hub and 8% thickness at the

tip.

Fig. 4.1 provides a geometric comparison between the new design and the reference propeller.
Diagram a) shows the chord length distributions, diagram b) the twist distributions, and dia-
gram c) the relative thickness distributions. In these diagrams, the solid black line represents

the reference propeller, while the magenta dashed line corresponds to the MIL design.

The comparison shows that the MIL procedure results in larger chord lengths compared to
the reference propeller. Furthermore, the twist distribution increases at the hub due to the
MIL condition but the MIL twist distribution matches the reference propeller in the relevant
region of the blade. Propeller manufacturers avoid this behaviour because it complicates the
manufacturing process. Higher twist distributions require thicker production moulds, which are
milled from aluminium. This increases costs, while the impact on aerodynamic efficiency is

minimal.
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The thickness distribution shown in diagram c) for the MIL design decreases linearly, while
the thickness distribution of the reference propeller varies. The relative thickness reaches a
maximum at a 15 cm radius, then decreases towards the tip, but increases again beyond 32 cm

radius. This thickness distribution results from the swept planform of the geometry.

| ref. prop. — - MIL designl
18 - - - 40 - - - 18
6 ]
14t N E
30 <
" \ \ = 14f
=il 1 =0 7
10 ) N = : 12
2 \ % 90 <
R \ E e
S N ~ 10}
6l N 15 o
4 10 8r
2 N — 5 N 6 N —
0 0.1 0.2 0.3 0.4 0 0.1 0.2 0.3 0.4 0 0.1 0.2 0.3 0.4
a) radius (m) b) radius (m) c) radius (m)

Figure 4.1: Comparison of the reference geometry and MIL geoemtry

Table 4.2 compares the aerodynamic and acoustic performance of the reference propeller with

the newly designed propeller. Both propellers deliver the same thrust at the design point.
On the positive side, efficiency is significantly improved:

1. The thrust-to-power ratio increases by 3.5%.
2. The FoM rises by 2.7e-2.

However, the comparison also highlights drawbacks of a purely aerodynamic optimisation.
Specifically, noise emissions increase by 2.6 dB, primarily due to a significant rise in thick-
ness noise (cf. appendix E.1). Even if the relative thickness is reduced as shown in fig. 4.1, the

absolut thickness increases due to the enlarged chord length.

Table 4.2: Performance and noise emission comparison between the reference and MIL design

Reference MIL Design
Thrust (N) 152 152
Torque (Nm) 6.53 6.32
Thrust/Power (N/kW) 63.3 65.5
Figure of Merit (-) 0.762 0.789
max. SPL (dB) 72.2 74.8

Appendix E.1 provides further details comparing the reference propeller with the new design.
The analysis reveals that, on one hand, the hover performance is significantly improved. On the
other hand, the performance for higher advance ratios is worse because the propeller is designed

to operate in hover. The maximum achievable advance ratio is reduced from 0.55 to 0.45.
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The comparison highlights the need for a multidisciplinary design scheme to optimise noise
emissions while maximising aerodynamic performance across an entire mission, rather than

focusing solely on a single design point.

4.2 Structural Design Procedure

The structural layout of the propeller is closely related to the manufacturing process and the
materials used. The MIL design often aims to minimise the chord length at the tip while
exponentially increasing the chord length at the hub. Additionally, the twist at the hub is
significantly increased, as the MIL procedure seeks to flatten the induced velocity distribution.
To comply with the minimal and maximal producible chord lengths, both the tip and hub must

be adjusted within the design scheme.

In collaboration with his co-worker Felix Mohren, the author demonstrates in Ref. [113] that,
for certain applications, the structural layout can be optimised in a separate step using a pre-
deflection analysis (PDA). The PDA generates the jig-shape of the propeller, which results in
the desired flying shape under load conditions. This procedure adjusts the twist distribution to

match the aerodynamic performance at the design point.

Secondly, aeroelastic tailoring, which modifies the material properties, can be applied to align

the aeroelastic performance with the desired performance of the rigid propeller [114].

The PDA requires a structural model and initial structural parameters. An initial set of param-
eters is defined by a design engineer. In the first step, the structural layout of the propeller is
designed to meet the static strength requirements under specific conditions with a safety factor

of two.

The structural model uses one-dimensional piecewise straight finite beam elements with arbi-
trary orientation in space. The deformations are calculated according to moderate deflections
theory. The preprocessor determines the cross-sectional stiffness data and the position of the
shear center, tension center, and center of gravity with analytical formulations [54]. The the-
ory is limited to thin-walled hollow cross-sections with general anisotropic material behaviour.
Classical laminate theory determines the stiffness of anisotropic materials [139]. Orthogonal
projection transfers the aerodynamic loads determined at the quarter-chord line onto the elastic
axis. Further information about the modeling approach can be obtained from Ref. [117] and
[115] and the dissertation of the co-worker Felix Mohren.
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4.3 Multidiciplinary Aeroacosutic Optimisation

Different numerical optimisation schemes are used in the literature for propeller optimisation.
The genetic algorithm (GA) can be parallelised and is capable of multi-objective design, which
is required to find the Pareto front between noise emissions and energy consumption [64, 94].
Additionally, the GA does not require differentiation, which is not available for discrete values
like the number of propellers or blades. Other gradient-free and gradient-based optimisation
algorithms can be applied for propeller optimisation [51]. However, this thesis does not ex-
plore different optimisation algorithms. Instead, the fundamental procedure of analysing the

parameter space using a stepwise approach is assessed. The procedure is presented in fig. 4.2.

MATLAB® offers various optimisation schemes, such as the GA, which are commonly used for
propeller optimisation. The author developed an optimisation scheme that increases fidelity and
calculation effort in three steps, as presented in fig. 4.2. In each step, the MDO calculates a
Pareto front. The sweet spot of the Pareto front, defined in eq. (4.13), as the minimum distance

to the utopia point to the Pareto front, defines the inputs for the next optimisation step.

At first, the global propeller parameters listed in table 4.1 are optimised in the global propeller
parameter optimisation (GPPO). In this design stage, aircraft parameters are considered to find
an appropriate propeller and reduce the parameter space for blade shape optimisation (BSO).
The chord and twist distribution are optimised in the second step. In the final step, details of

the blade are optimised under aeroacoustic and aeroelastic considerations (BDO).

Operating .| Global .| Blade | Blade
conditions parameter shape details
Optimisation

Results

Global
Pareto
front

Detailed
Pareto
front

Figure 4.2: Propeller design strategy

Within the MDO approach, the aerodynamic is modelled using the derived BEMT approach; a
general momentum theory, coupled with the 3D stall model, Prandtl’s tip and root loss correc-
tion, and sweep correction. The tonal noise emissions are calculated using Farassat’s formulation
1A. Furthermore, the influence of broadband noise and different acoustic weighting functions
are assessed in section 5.2. The structural mechanics are modeled using a one-dimensional Tim-
oshenko beam theory, as described in Ref. [116]. However, the structural optimisation is part of

the dissertation of Felix Mohren.
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4.3.1 General Optimisation Procedure

Within the MDO, four basic steps are performed:

1. A blade geometry is created.

2. A category one mass model is applied to predict the propeller and motor mass.

3. The aerodynamic performance of the geometry for the mission is calculated.

4. The aerodynamic performance is matched with a motor map to calculate the electric energy
consumption.

5. The noise emissions are predicted.

At first, a propeller geometry is designed according to the design strategies (DS) described
in paragraphs 4.3.2 and 4.3.3. The generated geometry is then preprocessed for aeroacoustic

analysis.

Secondly, a category one method® predicts the propeller and motor mass. In hover conditions,
where the propeller carries the entire weight of the aircraft, the propeller and motor mass
significantly influence aircraft performance. In forward flight, where a wing lifts the aircraft,
the propeller is used to overcome drag, which is why the influence of mass is less pronounced
but still present. As the diameter (and number of blades) increases, the required torque also
increases, leading to a rise in motor mass. Additionally, a variable-pitch system is significantly

heavier than a fixed-pitch propeller.

The required thrust is adjusted by eq. (4.5), where the lift-to-drag ratio L/D influences the
required thrust Treq. The target thrust 77 represents the thrust required by the aircraft to
complete its mission without accounting for the unknown mass of the propulsion system. The

masses are multiplied by the gravitational acceleration g to determine the additional forces.

g-(Np-mp+mpg+mp)
(L/D)

TReq =Tr+ (45)
The propeller mass is calculated as the blade mass mp multiplied by the number of blades Np,
plus the additional mass for the hub mpyg. The blade mass can be estimated using an empirical
relation, as defined in eq. (4.7)%, and the activity factor AF [2]. The AF quantifies the blade
surface area normalised by the diameter D and is calculated as an integral from the hub to the

tip over the chord length ¢, and the radius r.

Tip
AF = 10°/D° / ¢ -3 dr (4.6)
hub
mp =2.2-107%. (D -3.28084)%3 . (0.456 - AF) - 0.453592 - 0.85 (4.7)

3A category one method is a purely empirical relationship that provides physical quantities based on top-level
requirements.
4The diameter must be entered in metres in the empirical relation.
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The hub mass my is estimated as a fraction of the total propeller mass. The hub of a variable-
pitch propeller is approximately 60% of the propeller mass. In contrast, the hub of a fixed-pitch
propeller is significantly lighter, making up only about 5% of the propeller mass [135].

M H variable-pitch = 0.6 - Np - mp (4.8)

M H fixed-pitch = 0.05 - Np -mp (4.9)

The motor mass mys is estimated using an empirical relation, in which the mass depends on the
maximum shaft power according to eq. (4.10). An optimistic empirical value of 5 kW /kg is used
for this prediction [46]. The power density of electric motors varies widely, with values ranging
from 0.09 kW /kg [120] to a potential maximum of 10 kW /kg in the future [150].

The shaft power can be estimated based on the ideal power consumption of the propeller.
In hover conditions, the ideal power is calculated using the ideal Figure of Merit (FoM=1)
(eq. (2.19)), while in flight conditions, it is determined using the ideal propulsive efficiency
(n = 1) (eq. (2.18)). However, ideal efficiency cannot be achieved in practice. Therefore, an

efficiency of 65% is assumed for the mass prediction.

Pideal

0.65%
— _065% 4.10
"M 5k W kg (4.10)

The maximum power consumption is determined by calculating the ideal power consumption at
each operating point. The calculation of the FoM requires information about the propeller disk
area Ay, the density p, and the thrust 7". Similarly, the calculation of the propulsive efficiency
depends on the flight velocity veo.

Since the disk area is unknown during the optimisation process in the GPPO stage, these
calculations must be performed at each optimisation step. Higher-order electric motor models,
which take into account the required torque and rotational speed of the propeller, are available
[108, 121, 127]. However, these models require an iterative scheme involving torque, rotational

speed, motor mass, and efficiency, which significantly increases computational effort.

If a torque approximation for a propeller is available, a mass fraction of 1 ~10 Nm/kg can be
assumed [123].

Thirdly, the geometry is analysed at all operating points to ensure it meets the mission require-
ments. During the mission analysis, the rotational speed is varied at each operating point to
verify whether the target thrust at the design point can be achieved. The rotational speed is

constrained by the predefined minimum and maximum allowable blade tip Mach numbers.

An iterative scheme with a second-order polynomial fit of the thrust curve is used to determine

the rotational speed corresponding to the target thrust and power consumption. Calculating
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the target rotational speed based on the non-dimensional thrust and power coefficients is not

feasible due to the influence of Mach and Reynolds numbers.

The mission analysis is used to determine the total energy consumption throughout the mis-
sion. The energy consumption of a mission is a well-suited measure of propeller efficiency, as it

integrates multiple operating conditions with their respective durations.

Thus, the aerodynamic efficiency across various design points can be reduced to a single variable
by summing the time-weighted power consumption of each operating point. Eq. (4.11) represents
the summation of different operating points ¢, weighted by the duration of each operating point
t. For a mission-independent comparison, the energy consumption is normalised by the total

mission time 7.

W:*ZPz"ti (4.11)

The calculation of energy consumption can be extended by incorporating a motor and pitch
system model. For a blade pitch system, power consumption must be evaluated for different
pitch angles. The optimal pitch angle for each operating point is determined by identifying the

angle that minimises power consumption.

If a motor is considered, the propeller torque and rotational speed determine the motor’s effi-
ciency 7, at each operating point. The motor efficiency is then used to compute the electric
power consumption, which is subsequently minimised. If a specific motor is available, its effi-

ciency map can be utilised; otherwise, a generic motor efficiency map is required.

To address this, the authors developed a generic motor efficiency map, as shown in eq. (4.12),
by scaling efficiency from the minimum to the maximum required rotational speed and torque,
incorporating additional safety factors.

77M—P

1

(4.12)

The generic motor map is generated after the mission analysis has been performed and the

required ranges for rotational speed, torque, and shaft power are known.

The motor map is constrained to 120% of the maximum power consumption of the propeller.
The motor efficiency map is created with a target motor efficiency 7, of 98% at 20% of the

torque range and 20% of the rotational speed range.

At each operating point, the motor efficiency is interpolated from the map based on the required
torque and rotational speed. Using the motor efficiency, the required electric power input of the

motor P, can be determined from the required power of the propeller Pp.

Fig. 4.3 presents the generic motor map, with its design point at approximately 40 Nm torque

and a rotational speed of 1200 rpm. The upper-left corner is constrained by the maximum
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torque of the propeller. The upper-right region is limited by the maximum output power of the

motor. The right boundary is defined by the motor’s maximum rotational speed.
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Figure 4.3: Example of a generic motor efficiency map

In the final step, noise emissions are analysed at a specified observer distance and operating
point. Variations in maximum noise emission directivity, resulting from geometric changes and
variations in rotational speed, are accounted for by performing an angular sweep from upstream
to downstream at the defined observer distance. The highest SPL observed across these positions

determines the maximum noise emissions.

A weighting function is required to balance energy consumption and noise emissions. The
weighting function X is defined as the distance from an utopia point to the data set (eq. (4.13)).

The utopia point is located at the minimum SPL and energy consumption on the Pareto front.

The SPL can be expressed in decibels (dB), A-weighted decibels (dB(A)), or D-weighted decibels
(dB(D)). SPL and energy consumption are weighted to adjust the relative importance of energy
consumption and noise emissions using the weighting exponents xy and xgpy. In the current
study, values of zyy = 1 and zgpr, = 1 are chosen. These exponents have been determined

heuristically.

The minimum value of the weighting function defines the sweet spot on the Pareto front.

e R (e

An additional noise balancing between different operating points is required if multiple operating
points need to be acoustically considered. The acoustic balancing can be achieved using a

logarithmic sum of the SPL over each operating point, as defined in eq. (4.14).

SPLs, = 10log <Z 1035?1') (4.14)
i=1
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The presented aerodynamic, acoustic, and structural models meet the requirements of an MDO
by being both sufficiently accurate and computationally highly efficient. The aerodynamic and
acoustic models are validated in section 2.4 and 3.3. The structural model is validated in the
co-thesis of Felix Mohren. The above described methodology is summarised in a step-by-step

procedure in appendix E.2.

4.3.2 Global Propeller Parameter Optimisation Procedure

The global propeller parameter optimisation (GPPO) determines the blade diameter, number

of blades, and the most suitable pitch system (fixed or variable-pitch propeller) for the mission.

The geometry is designed using a simplified MIL approach for an arbitrary operating condition.
The design variables therefore consist of the design thrust (7"), the rotational speed, the flight
speed (Voo ), the number of blades (Np) and the diameter (Dp). From the derivation of the MIL
condition, it is known that the axial-induced velocity (w,) across the propeller plane should

remain constant.

The induced velocity can be calculated using simple momentum theory, as given in eq. (2.29).
The Prandtl tip loss factor Fppy, is applied to account for losses due to recirculation at the blade
tip and vortices at the hub. This factor, originally derived by Betz in Ref. [13], modifies the
induced velocity according to eq. (4.15).

Wa,PTL = Wa - FprL (4.15)

The chord distribution ¢, must be calculated according to eq. (4.16) to match the thrust re-
quirement of the design point. However, in a standard MIL approach, the chord distribution
must be iteratively calculated during the propeller design process. This iteration is avoided by
varying linear chord distributions to compute the propeller’s thrust. The thrust calculation can

be performed as a matrix multiplication, which is significantly faster than an iterative procedure.

The linear chord distributions are defined by the chord length at the hub and the taper ratio.
The distribution that results in the lowest deviation from the design thrust is selected for the

new geometry.

T Tip
= /hub gWQCloptCr cos(¢) dr (4.16)

For the calculation of the resulting velocity w, a combination of eq. (2.20) and (2.38) is applied,

neglecting tangential induced velocities, as in the simple momentum theory (SMT) described in
eq. (2.29).

w= \/u2 + (& + w2 prr) (4.17)
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The twist distribution € is determined based on the helix angle ¢ (eq. (4.18)) and the optimal
angle of attack aopt of the airfoils (eq. (4.19)).

Voo + Wa,PTL
u

tan(¢) = (4.18)

0= ¢+ opt (4.19)

Within the design strategy for GPPO, the geometry can be determined without iterations.
This is an enormous advantage for an optimisation scheme. The design strategy requires five

optimisation parameters.

The primary advantage of the design strategy with MIL is its minimal computation time, as it
does not require an iterative approach. Furthermore, the geometry is derived based on aerody-
namic assumptions. However, its main limitation is that propeller geometries are constrained to
a linear chord length distribution. Consequently, the design strategy is only suitable for defining
global propeller parameters, such as the number of blades and the diameter, as well as assessing

the pitch system.

4.3.3 Blade Shape Optimisation Procedure

The design strategy for blade shape optimisation (BSO) is based on the class shape transfor-
mation (CST) description [93][92]. The CST method represents the geometry using a set of
polynomials for the twist, chord length, lean, sweep, and airfoil sections. The required polyno-

mial order depends on the geometric complexity.

The CST description enables geometry modifications through simple adjustments of the spline
parameters, making it well-suited for optimisation. One key advantage of the CST approach is

that it ensures smooth blade geometries without discontinuities.

The diameter, number of blades, maximum and minimum root twist and chord, as well as the
taper ratio, are preselected by the GPPO. While the blade diameter and number of blades are
fixed by the GPPO, the design space for twist and chord is only constrained to a smaller range.

As a result, the overall parameter space is significantly reduced.

The CST approach does not incorporate any aerodynamic considerations in the propeller design.
An arbitrary blade geometry is generated by adjusting the CST parameters and then evaluated

in the mission analysis.

A fifth-order polynomial defines the chord and twist distribution. As a result, twelve param-
eters must be evaluated in the BSO, consisting of two sets of six parameters to describe the

polynomials.
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The CST geometry is initialised using the sweet spot propeller from the GPPO. After initialisa-
tion, the blade shape can vary arbitrarily between the tip and the hub, while the overall design

space constrains the hub and tip variables.

The advantage of BSO is that the blade can have arbitrary twist and chord distributions. Since
propeller generation is merely a function evaluation, it is significantly faster than the MIL design
in the GPPO.

However, the flexibility of allowing arbitrary blade shapes also presents a major drawback. Many
generated geometries may not have the required blade forms to produce sufficient thrust. As a
result, a significantly higher number of function evaluations is necessary. Following geometric

constraints are applied to stabilise the geometry design process.

1. The twist distribution must constantly decrease from hub to tip.

2. The maximum and minimum chord length are constraint by the diameter and root chord
length.

3. The chord length distribution is checked for minima and maxima along the blade. Only

one local minimum or maximum is allowed along the blade to avoid oscillating geometries.

The presented procedures are assessed for a generic flight mission in the next chapter.
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5 Design Studies

THE previous chapters provided the necessary information about the aerodynamic and aero-
acoustic models, as well as the optimisation strategies. These optimisation strategies are

evaluated in this chapter.

The propeller design is conducted for an exemplary generic mission of a tilt-propeller or tilt-
wing aircraft. The mission, presented in table 5.1, consists of a hovering phase of six minutes,
a transition phase of twelve minutes, and a cruise phase of 48 minutes. Each operating point is
treated as quasi-steady, without acceleration. Depending on the mission phase, different thrust
requirements at varying flight speeds are prescribed. Additionally, the lift-to-drag (L/D) ratio is

specified to determine the additional thrust required to lift the mass of the motor and propeller.

Table 5.1 provides the ideal power and ideal energy consumption for each operating point,
calculated using either the ideal propulsive efficiency or the ideal Figure of Merit. The ideal
hover power consumption depends on the propeller diameter, which is why a range of ideal
energy consumption values must be provided. The diameter range is set between 1.5 m and
4 m. The ideal power is used to calculate the motor design power with the safety factor of 65%
(cf. eq. (4.10)).

The comparison of the ideal energy consumption reveals that energy consumption is primarily
driven by cruise conditions. Therefore, aerodynamic performance must be optimised for cruise,
while noise emissions should be minimised in hover. The optimisation must balance overall

energy consumption and noise emissions.

The lowest theoretical energy consumption is 8.87 kWs/s, obtained by summing the ideal en-
ergy consumption across all operating points. Noise emissions are evaluated at an observer-to-

propeller hub distance of 10 m.

Table 5.1: Generic mission parameters

. Motor
Des.lgn Thrust Velocity Duration L/D Ideal design Ideal
Point power energy
power
(N) (m/s) (min) () (kW) (kW) (kWs/s)
Hover 1200 1 6 1 7.5-20.0 11.5-30.7 0.68-1.82
Transition 600 15 12 5 9 13.9 1.64
Cruise 300 30 48 10 9 13.9 6.55
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In addition to the mission requirements, geometric constraints are needed. The geometry is
constrained according to table 5.2. The root chord length and sweep are normalized with the
propeller diameter. The sweep is defined as a tangential tip displacement. As in the previous
section a NACA4416 airfoil is used at the hub and a NACA4408 airfoil at the tip. The relative
thickness is reduced linearly, and the blade-tip Mach number (My;,) is constrained to between
0.25 and 0.7.

Table 5.2: Geometric design space

Constraints Min | Max
Blades (-) 2 9
Diameter (m) 1.5 4
Taper ratio (%) 20 100
Root chord length (%) 5 30
Root twist (deg) | 15 75
Tip twist (deg) 0 40

First, section 5.1 presents the single-point design analysis for the reference mission. The influence
of the number of blades, diameter, and design My;, on aerodynamic and aeroacoustic perfor-
mance is examined. In the first design study, the MIL procedure, as described in section 4.1, is
applied for single-point optimisation in both cruise and hover. The assessment reveals overall

trends and the need for a multi-dimensional approach.

Second, section 5.2 presents the multi-dimensional optimisation (MDO) as described in sec-
tion 4.3. Section 5.2 examines the influence of acoustic weighting, the additional mass of the
propeller and motor, and the motor efficiency map on the aeroacoustic results. In addition,
the improvement of the blade shape optimisation using the CST approach, compared to global

propeller parameter optimisation, is presented.

Third, section 5.3 shows the assessment of the optimised geometry in detail and provides the
validation of the MDO approach with high fidelity CFD RANS simulations.

Finally, section 5.4 presents the lessons learned from the assessment of the optimisation approach.

5.1 Parameter Study for the Aeroacoustic Assessment of Geometric

Parameters

In this section, the MIL approach is applied to design a propeller for cruise and hover conditions.
In cruise, the propellers must generate a thrust of 300 N at a flight speed of 30 m/s, whereas
in hover, the propeller provides 1200 N, as shown in table 5.1. The geometries are generated
with varying blade numbers, diameters, and design rotational speeds. After the design process,

acoustic emissions are evaluated for different observer positions at a fixed distance of 10 m.



5.1 Parameter Study for the Aeroacoustic Assessment of Geometric Parameters 115

Minor deviations from the target thrust may occur after the MIL design. If the required and
target thrust do not match, the propeller is trimmed to achieve the required thrust within an

accuracy of +0.5%. Trimming is performed by adjusting the pitch after the MIL design.

The influence of the parameters on aerodynamic performance and noise emissions is analysed in
three steps. First, the effect of the blade number on propeller performance and noise emissions
in cruise and hover is examined. Second, the influence of diameter and Mj;), is assessed for
hover conditions, followed by the same analysis for cruise conditions in the third step. In each
subsection, the impact of the parameters on aerodynamic performance is evaluated first, followed

by the acoustic assessment.

The figures in the following subsections show A-weighted sound pressure levels for broadband
and tonal noise. The SPL shown represent the maximum levels of the components, regardless of
the position of the observer and at a constant distance. Due to the different directivity of tonal
and broadband noise, the SPL values are not taken from the same observer position. Additional

information of the parameter variation and results are presented in appendix F.1.

5.1.1 Assessment of the Blade Number

Initially, the influence of the blade number as a design variable on aerodynamic performance and

noise emissions is assessed. The blade number varies from two to nine, as stated in table 5.2.

Therefore, the diameter and the design My;;, remain constant in this subsection. The diameter
is set to 2 m, and the design My;), is fixed at 0.3. This combination of design My, and diameter

results in a rotational speed of 975 rpm.

As the blade number increases, the blade loading decreases, leading to small tip chords. A
preliminary assessment indicates that higher tip speeds than 0.3 are not feasible because the
chord length decreases with increasing design My, resulting in excessively short tip chords for

configurations with many blades. Consequently, the design Mj;), is set to 0.3.

The preliminary assessment further reveals that the two-bladed hover propeller is constrained
by the maximum allowable chord length of 30% radius. Therefore, the propeller must be pitched
by 44.5° during the trimming process to meet the thrust requirement. The pitch corrections

required for the other geometries remain below £1° throughout the trimming process.

Since the 4+4.5° pitch adjustment affects the results, the two-bladed hover propeller is excluded
from the main results and presented separately in the figures of section 5.1.1. At the upper end
of the design space, under cruise conditions with eight and nine blades, the pitch is reduced to
meet the target thrust. However, this negative pitching is less pronounced. The pitch angles are

presented in appendix F.1 and F.1.
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Fig. 5.1 shows geometric information of the designed propeller. However, presenting the twist
and chord distributions for all geometries is impractical; therefore, global propeller and blade
parameters are shown instead. Diagram a) shows the chord length at 75% of the radius, as this
parameter is limited by the design procedure. Second, the mean solidity (cf. eq. (2.31)) of the
propeller as a measure for the total blade area, in diagram b) is shown. Third, the blade aspect
ratio (cf. eq. (4.1)) as a measure for the tip losses and the aerodynamic efficiency of the blade,

in diagram c) is shown.

A high aspect ratios results from slender blades. As in fixed-wing aerodynamics, a high aspect
ratio results in lower blade tip losses. The solidity combines the number of blades with the
projected surface of the blade relative to the disk area. The hover and cruise geometry for the
five bladed propeller, indicated by the vertical dashed line in fig. 5.1, are presented in 5.2. The

hover results are visualised in the black lines, and the cruise results in the magenta lines.

Diagram a) visualises that, in the case of the hover geometry, the upper bound of the chord
length is reached. In contrast, the chord length at 75% does not change in the cruise case for
blade numbers above six. In general, the chord length decreases parabolically with an increasing
number of blades. Doubling the blade number results in a chord length reduction of more than
50%, as the induced velocities and, consequently, the thrust generated by the propeller strongly
depend on the solidity. This demonstrates that there is no linear relationship between chord

length, blade number, and produced thrust, which remains fixed in the current study.

Therefore, diagram b) illustrates the blade solidity. It shows that, for hover designs, the solidity

increases significantly with the number of blades, whereas it slightly decreases for cruise designs.

Additionally, diagram c) illustrates that the aspect ratio increases with the number of blades.
The increase in aspect ratio is more pronounced in cruise designs than in hover designs. The high
aspect ratios indicate that the blades experience low loading. For blade numbers above seven in
cruise designs, no further increase occurs, as the lower bound of the chord length, determined

by structural constraints, is reached.

A comparison of hover and cruise geometries in the diagrams reveals that cruise geometries are

significantly more slender than hover geometries.
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Figure 5.1: Geometric properties as function of the blade number for given thrust, rotational
speed, and diameter requirements

Fig. 5.2 presents the differences between the hover and cruise propeller geometries, exemplified
by the five-bladed propeller. The figure aims to provide a visual understanding of the generated

geometries.

Diagram a) shows the top view of a blade with an equidistant axis spacing. The hover geometry
is represented in black, while the cruise geometry is shown in magenta. Diagram b) illustrates
the chord and twist distributions. The chord distribution, represented in black, corresponds to

the left axis, whereas the twist distribution, shown in magenta, corresponds to the right axis.

The comparison in diagram a) shows that the cruise geometry has a significantly more slender
blade than the hover geometry. The top view of the geometries appears to have lower chord
lengths at the root. However, this reduction in the top view results from the twist of the
geometry. Diagram b) reveals that both the chord and twist distributions increase towards the
hub, even though diagram a) does not explicitly show this trend. The comparison of the twist
distribution in diagram b) indicates that, under hover conditions, approximately 10° more twist

is required than in cruise conditions.
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Figure 5.2: Top view and geometric properties of the five-bladed hover and cruise propeller

Fig. 5.3 presents the aerodynamic performance. Diagram a) illustrates the hover performance
in terms of the Figure of Merit (FoM) and the thrust-to-power ratio (TtP) for different blade
numbers. The FoM is shown on the left y-axis with a black solid line, while the TtP is displayed

on the right y-axis with a magenta dashed line. Both values serve as measures of aerodynamic
performance.

The FoM is dimensionless but depends on the disc loading and therefore disc area, which is
why it cannot be used for comparisons involving different diameters. In the initial assessment,
the disc area remains fixed. However, in section 5.1.2 and 5.1.3, the diameter is varied, making
the TtP a relevant additional performance index. While the FoM represents a dimensionless
parameter for hover efficiency, the TtP is dimensional. A higher TtP value indicates that more

thrust is generated per unit of power.

Diagram b) replaces the FoM with the propulsive efficiency 7, which is plotted on the left y-axis
as a solid black line, while the TtP is shown on the right y-axis as a magenta dashed line, both
as functions of the blade number. Since 7 is the product of TtP and flight speed, which remains

fixed in this study, TtP and n align perfectly.
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Diagram a) shows that FoM and TtP reach their maximum for the five-bladed propeller in hover.
This is why the corresponding geometry is presented in fig. 5.2. The two-bladed propeller has
an FoM approximately 0.02 lower than that of the three-bladed propeller. The TtP decreases
from the five-bladed to the two-bladed propeller by about 1 N/kW. This reduction results from
the increased pitch, which leads to lower lift-to-drag ratios of the 2D airfoils. From the five- to
the nine-bladed propeller, the TtP decreases by 0.75 N/kW.

Similar but less pronounced changes can be observed under cruise conditions in diagram b).
The maximum efficiency is reached with the three-bladed propeller. As the number of blades
increases, propeller efficiency decreases by 2.5% and the thrust-to-power ratio (TtP) drops by
0.8 N/kW. However, the difference between the two- and three-bladed propellers is negligible

under cruise conditions.

In conclusion, under hover conditions, the five-bladed propeller exhibits the highest efficiency,
whereas under cruise conditions, the three-bladed propeller is the most efficient. Furthermore,
the blade aspect ratio cannot be directly used as a measure of propeller efficiency when comparing

different blade variations.

Under the given geometric and operational constraints the two-bladed hover propeller is over-
loaded. This overloading occurs due to an increased pitch, which leads to unfavourable airfoil
polar conditions and higher losses. For configurations with fewer blades, a strong tip vortex
dominates the losses. As the blade number increases, the strength of the tip vortex decreases
because the blade loading is reduced and the aspect ratio increases. Beyond the optimal blade
number, friction and pressure drag increase with the number of blades, resulting in a linear

decline in aerodynamic performance.
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Figure 5.3: Dependency of the blade number on the aerodynamic performance in hover and
cruise
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Fig. 5.4 presents the A-weighted acoustic results, divided into loading, thickness, and broadband
noise components. Changing the blade number at a fixed rotational speed results in a shift in

the blade passing frequency (BPF), which is why A-weighting is applied.

The left diagram (diagram a) illustrates the noise emissions in hover conditions (for the hover
designs) as a function of the blade number, while the right diagram (diagram b) presents the
results of the cruise designs for cruise conditions. Broadband noise is represented by black solid

lines, loading noise by magenta dashed lines, and thickness noise by cyan dash-dotted lines.

Diagram a) reveals that hover noise emissions are primarily driven by broadband noise. While
loading and thickness noise decrease with an increasing blade number, broadband noise increases
up to five blades. Beyond five blades, broadband noise decreases again and then remains constant
from six to nine blades. However, even in the two-bladed configuration, loading noise is 20 dB(A)
lower than broadband noise, and thickness noise is approximately 40 dB(A) lower than loading

noise.

The significant reduction in loading and thickness noise is caused by the exponential decrease
in blade loading and blade volume as the number of blades increases, as shown in fig. F.2. The
peak in loading noise for the seven-bladed propeller results from blade interactions. Even blade

numbers exhibit stronger noise cancellations between the blades than odd blade numbers.

The broadband noise is highest in the five-bladed configuration. However, a clear explanation for
this phenomenon cannot be provided. The analysis of the relative TE thickness in fig. 3.11 shows
that thinner TE thicknesses result in higher noise emissions in the low-frequency range. Since
the TE thickness is fixed at 1 mm for manufacturing reasons, the relative thickness increases
with the number of blades as the blades become more slender (cf. fig. F.1). As a result, blunt

vortex shedding decreases with an increasing number of blades!.

The Reynolds number is influenced by the chord length of the airfoils. In hover conditions,
the Reynolds number varies by a factor of five between the two-bladed and the nine-bladed
configurations, as shown in the chord length diagram in fig. 5.1 (diagram a)). The effective AoA
along the blade is not constant due to the trimming process and the variation in the optimal
AoA with the Reynolds number. This variation affects both tip vortex noise and turbulent
boundary layer — trailing-edge noise. At the 75% span section, the AoA varies by 2°, as shown
in fig. F.1 (cf. diagram b)).

All of these interactions may counteract or amplify each other, making it impossible to provide

a definitive explanation for the broadband noise increase at five blades.

Diagram b) of fig. 5.4 presents the results for cruise conditions. In general, the trends in
broadband, loading, and thickness noise align with the observations from hover conditions. The

peak in loading noise at the seven-bladed propeller remains present.

!Figure 3.11 shows the trend of reduced BVS noise for increasing relative TE thicknesses.
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However, the maximum broadband noise has shifted towards the six-bladed propeller. If the
six-bladed propeller is excluded, broadband noise decreases slightly with increasing number of
blades. From two to nine blades, broadband noise is reduced by 6 dB(A).
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Figure 5.4: Dependency of the blade number on the noise emissions in hover and cruise

5.1.2 Assessment of Diameter and Blade Tip Mach in Hover Conditions

While section 5.1.1 examines the influence of different blade numbers on aerodynamic and acous-
tic results, section 5.1.2 investigates the effects of diameter and blade tip Mach number My,
under hover conditions. Both parameters are varied within the MIL design for a constant blade
number of two in hover conditions. This subsection begins with an analysis of the aerodynamic

results and continues with the acoustic results.

Fig. 5.5 presents the aerodynamic performance of different geometries designed for hover condi-
tions. Diagram a) displays the torque of the designs, diagram b) shows the TtP, and diagram c)
illustrates the FoM. The lower corner at low My;, and small diameters remains unfilled because

no geometries were found that could provide the required thrust.

Since two parameters are varied, a colormap is used to represent the aerodynamic properties.
The same type of representation is applied to the acoustic results in fig. 5.7 and the geometric

results in fig. 5.6.

Diagram a) shows that torque decreases quadratically with My, as indicated by the increasing
spacing between the iso-lines, which are placed equidistantly in 25 Nm steps. At low My, the

iso-lines are horizontal, whereas at higher My;,, they increase with diameter.

Torque itself does not provide information about aerodynamic efficiency. However, it is included

because the required torque is a crucial parameter for motor design.
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Diagram b) presents the dimensional TtP. For small diameters, the TtP is approximately in-
dependent of Mjy;,, whereas for larger diameters, higher My;, values result in higher TtP. The

highest TtP ratio is observed for large diameters and low My,.

Diagram c) presents the dimensionless FoM. The highest FoM is not located at any edge or corner
of the diagram but appears in a band, which is found at high Mj;, for small diameters and shifts
towards lower My, as the diameter increases. The lowest FoM occurs at high rotational My;,

and large diameters.

According to eq. (2.19), the FoM should be highest for high disc loadings resulting in small
diameter for constant thrust. However, if the propeller is overloaded at low rotational speeds,
the FoM decreases due to higher tip vortex losses, which increase power consumption. The
overloading can be observed in fig. 5.6, where the pitch adjustments from the trimming process

are visualised.

The comparison of TtP and FoM reveals that they do not share the same optimum, as shown in
the variation of the blade number in fig. 5.3. TtP reaches its maximum at a diameter of 4 m and
the lowest My;,, whereas FoM tends towards low disc loadings. Therefore, in an optimisation

study of a hover propeller where diameter, blade number, and Mjy;, are unknown, TtP must be

optimised.
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Figure 5.5: Aerodynamic hover performance for two-bladed propellers with variable design
diameter and My,

Fig. 5.6 provides additional insights into the designed geometry as well as the aerodynamic and
acoustic assessment. Diagram a) presents the aspect ratio of the blades, diagram b) shows the
pitch adjustments from the trimming process, diagram c) illustrates the relative TE thickness
at 75% of the radius, and diagram d) depicts the effective AoA at 75% of the radius.
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The aspect ratio increases parabolically with both the design My;, and the diameter. The lowest
aspect ratio is 6, while the highest reaches 95. In section 5.1.1, additional details on the blade
geometry (chord length, solidity, and blade volume) are provided. However, these parameters
do not offer additional information beyond what is already captured by the aspect ratio as long

as the blade number remains unchanged.

Diagram b) shows that within the trimming process, only the lower-left corner of the design
space requires significant blade pitch adjustments. In the upper-left corner, a slight negative

pitch of -1.5° is required.

The relative TE thickness, shown in diagram c), increases with the design My;,. Additionally, it
decreases from smaller diameters towards larger diameters. At the lowest My;,, the TE thickness
is 0.3%, whereas at the highest My, it reaches 3.2%. Notably, the iso-line of 0.3% exhibits a

kink and does not follow the trend of the other iso-lines.

Finally, diagram d) reveals that the effective AoA remains approximately constant across the

majority of the design space, indicating a successful MIL approach.
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Figure 5.6: Representation of the designed hover geometries

Fig. 5.7 shows the A-weighted SPL for tonal noise (diagram a), and broadband noise (diagram b).

The loading and thickness noise is combined to the tonal noise and not further diveded, as the
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previous study shows, that the trends align between loading and thickness noise and the thickness
noise is of less relevance. Both diagrams have the same colour limits, with equidistant iso-lines
in 5 dB(A) steps. The maximal SPL values of each component is shown independently of the
observer position. The broadband noise has it’s maximum at around 65°-75° observer position,

while the tonal SPL has it’s maximum at around 110°-120° observer position.

Diagram a) shows, that the tonal noise increases towards higher My;, and lower diameters. The
highest tonal SPL is 85 dB(A) for the My, of 0.7 and the diameter of 1.5 m, while the lowest
tonal SPL is reached at the opposite corner with 45 dB(A). The trimming process increases
the tonal noise at the left lower corner due to higher pitch angles and therefore higher blade
loadings. The overall trend of the iso-lines shows an increases from smaller to larger diameters

and a higher density of iso-lines towards higher M.

Diagram b) shows, the broadband noise. The highest broadband noise is found for the largest
diameter and highest My;,. A second band of high SPL about 75 dB(A) reaches over from
the My, of 0.5 to 0.4 with increasing diameter. Within this band, local maxima with SPLs of
approximately 80 dB(A) are visible.

The trimming process increases the effective AoA and therefore the broadband noise in the left
lower corner. A plateau of constant broadband noise is visible above an Mjy;, of approximately
0.55 and below a diameter of 3.5 m. The SPL in this plateau is 70 dB(A).

The overall trend suggests a decrease in broadband SPL with increasing diameter. However,
the behaviour is not uniform, as distinct bands of increased noise levels appear throughout
the parameter space. These bands indicate regions where broadband noise does not follow a
strictly monotonic trend but instead fluctuates due to complex acoustic interactions. Such vari-
ations suggest that multiple competing effects, such as blade loading and tip vortex interactions,

influence the noise generation.

The region with SPL levels below 65 dB(A) at the lower My, limit corresponds to the iso-line
of TE thickness in diagram c) of fig. 5.6. The escalating SPL in the upper-left corner, at high
My, and large diameters, aligns with the reduction in AoA in diagram d) to values below 2°.
Similarly, the band of high SPL, extending from an Mj;), of 0.5 at 1.5 m to 0.4 at 2.75 m,
coincides with the reduced AoA region in diagram d). These correlations indicate a relationship
between TE thickness and the AoA but are insufficient to directly link the acoustic noise sources
to the operational conditions or geometry. Reynolds number effects, which correlate with the

aspect ratio for a given diameter, cannot be observed.

The comparison of tonal noise with broadband noise shows that broadband noise is dominant
at low My;,, as well as for large diameters. In contrast, for small diameters and high My;,, tonal

noise becomes the dominant noise source.
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Figure 5.7: Acoustic emissions in hover of two-bladed propellers with variable design diameter
and Mtip

The results differ from the findings of Ref. [60], where thickness and broadband noise are com-
pared for a given geometry at constant thrust loading. The key difference between the results
of fig. 5.7 and those of Ref. [60] lies in the geometry input. In the current study, the geometry
is optimised using the MIL procedure for each rotational speed, whereas in Ref. [60], it is kept
constant. As a result, thickness and loading noise do not diverge in the same manner towards

higher rotational speeds as observed in Ref. [60].

Furthermore, the comparison indicates a strong coupling between TE thickness and AoA with

broadband noise.

Finally, fig. 5.8 presents a comparison of the hover design space in terms of aerodynamic efficiency
and overall noise emissions. Diagram a) depicts the previously shown TtP, while diagram b)

illustrates the overall SPL (OASPL), representing the summation of tonal and broadband noise.

The OASPL reveals that, depending on the configuration, either tonal noise or broadband noise
is dominant. However, for an efficient propeller, only large diameters and low Mj;, values are
relevant. In this region, the OASPL is primarily driven by broadband noise, which is why

broadband noise must be optimised for an efficient and quiet propeller.

In the best case—achieved with a 4 m propeller at an My, of 0.25—a TtP of 133 kN/kW at an
OASPL of 65 dB(A) can be reached.
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Figure 5.8: Comparison of the aerodynamic performance and noise emissions in hover of two-
bladed propellers with variable design diameter and My,

5.1.3 Assessment of Diameter and Blade Tip Mach in Cruise Conditions

Lastly, in section 5.1, the influence of design diameter and My;, on cruise performance and noise
emissions are assessed. The evaluation of the cruise design follows the same processing steps as

in section 5.1.2.

Under hover conditions, propellers with small diameters and low My, values are overloaded.
In contrast, under cruise conditions, propellers with large diameters and high My;, values are

underloaded. As a result, the upper-right corner remains empty in the following diagrams.

Fig. 5.9 presents the aerodynamic performance in cruise conditions. Diagram a) shows the torque
of the designs, diagram b) illustrates the thrust-to-power ratio (TtP), and diagram c) depicts
the efficiency. As previously explained, TtP and propulsive efficiency are interchangeable, but

both metrics are relevant for categorising the design.

In the hover case, torque primarily depends on Mj;,. However, under cruise conditions, a strong
dependency on diameter is also evident. Torque increases as My;;, decreases and towards larger
diameters. A comparison between fig. 5.9 and 5.5 reveals that maximum torque is reduced by
30 Nm from hover (220 Nm) to cruise conditions (190 Nm).

TtP in diagram b) is shown to compare the development of TtP from hover to cruise conditions.
In hover, TtP ranges from 50 to 120 N/kW, whereas in cruise conditions, it ranges from 28
to 32 N/kW. As a result, greater power savings can be achieved in hover, while only marginal

efficiency improvements are possible in cruise.
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However, in the exemplary eVTOL tilt-wing or tilt propeller mission, the hover phase is signif-
icantly shorter than the cruise phase, meaning that more energy could be saved during cruise.

These opposing trends must be balanced within an optimisation framework.

Diagram c) reveals that the highest propulsive efficiency is achieved with the largest diameter

and the lowest My;,. In the current study, efficiencies of up to 95% are achieved.
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Figure 5.9: Aerodynamic cruise performance for two-bladed propellers with variable design
diameter and My,

Fig. 5.10 provides additional insights into the designed geometry, analogous to the assessment
in section 5.1.1.

As observed in section 5.1.1, the aspect ratio increases parabolically with both the design My;,
and the diameter, ranging from 5 to 95. Similarly, the relative TE thickness in diagram c)
follows the trend of increasing with My, while decreasing with diameter. At the lowest My,
the TE thickness is 0.4%, whereas at the highest My,, it reaches 5.4%.

Diagram b) shows that the boundary to the underloaded region exhibits highly negative pitch
angles. Furthermore, the lower-left corner of the design space requires slight positive pitch
adjustments.

Finally, diagram d) reveals variations in the effective AoA, with trends comparable to those
discussed in section 5.1.1. Across the majority of the design space, the effective AoA at 75% of

the radius remains around 4°.
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Figure 5.10: Representation of the designed cruise geometries

The assessment of noise emissions from the MIL-designed propeller under cruise conditions is
presented in fig. 5.11. The tonal noise, shown in diagram a), increases with My;, and is highest

for small diameters. This behaviour aligns with the trend observed in hover conditions.

The broadband noise map in diagram b) appears significantly less disturbed compared to hover
conditions. Broadband noise is highest at low My;, and near the boundary of the underloaded
region. Outside these boundaries, a stable region with a slight SPL increase towards higher My;,
can be observed. The lowest broadband SPL is found at approximately 3 m and a design My;,
of 0.325.
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Figure 5.11: Acoustic emissions in cruise of two-bladed propellers with variable design diameter
and Mtip

As in section 5.1.2, section 5.1.3 concludes with the presentation of aerodynamic efficiency and

overall noise emissions of the cruise design space in fig. 5.12.
The aerodynamic efficiency is highest at a diameter of 4 m and the lowest possible My;,.

The OASPL distribution reveals that it is primarily influenced by broadband noise, except in
the upper-left region. The lowest OASPL is found in the region between a design My, of 0.3
and 0.4, where values of 55 dB(A) are observed.

Unlike in hover conditions, a compromise between aerodynamic efficiency and noise emissions

must be found.
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Figure 5.12: Comparison of the aerodynamic performance and noise emissions in cruise of a
two-bladed propeller with variable design diameter and My,

5.1.4 Single Point Optimisation Observations

The presented singular optimisation studies, assessing the impact of diameter, blade number, and
My, on the aerodynamic and acoustic performance of the propeller, clearly highlight the need
for a multi-disciplinary and multi-operational optimisation strategy. The conflicting geometric
requirements of cruise and hover must be balanced through MDO. Furthermore, broadband and

tonal noise can also be optimised to achieve a suitable trade-off.
Under the given constraints, the following findings can be summarised:

1. In hover and cruise, different blade numbers achieve the highest aerodynamic efficiency.

2. The blade number variation reveals that the seven-bladed propeller exhibits increased
tonal noise due to the cancellation effects of even blade numbers. However, in installed
configurations, e.g., in front of a wing, prime blade numbers are beneficial as they interact
less with the harmonic excitation of the surrounding structure.

3. The Figure of Merit is not an appropriate measure in an optimisation study when the
diameter or the design My;, is varied.

4. All analysed geometries are dominated by broadband noise in regions of high aerodynamic
efficiency. Therefore, the propeller could sustain increased loading without significant

acoustic drawbacks.

However, the systematic evaluation of the geometric parameters within the MIL-designed pro-
peller and their aeroacoustic effects reveals that the broadband noise model exhibits complex

interactions. These interactions cannot be fully explained solely by evaluating the geometry.
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More detailed analyses are required to identify all relevant effects influencing the broadband

noise model.

5.2 Multidisciplinary Optimisation Results

As discussed in section 5.1, an MDO approach is required to find the optimal balance between
multiple operating points and various physical requirements, such as noise emissions and aerody-
namic performance. Therefore, the procedure described in section 4.3 is applied to the reference

mission. The assessment of the proposed approach is conducted in three steps.

First, the GPPO is performed with different additional models to evaluate their influence on
overall performance. Second, the BSO is executed to determine the optimal propeller. Third,

the optimised propeller is analysed in detail and validated using RANS CFD simulations.

The geometric constraints listed in table 5.2 are applied during the GPPO stage to identify the
optimal geometry for the reference mission, as outlined in table 5.1. Additionally, operational

conditions are limited to My;, values between 0.25 and 0.7.

As commonly seen in tilt propeller and tilt-wing applications, variable-pitch systems help miti-
gate the conflict between hover and cruise conditions. Therefore, the advantages of a variable-
pitch system over a fixed-pitch propeller are assessed, considering differences in system mass
and motor efficiency. The propeller pitch can be adjusted between —6° and 6°. The evaluation
of the pitch system is carried out during the GPPO stage in section 5.2.1.4 to 5.2.1.6.

5.2.1 Assessment of the Global Propeller Parameter Optimisation

The evaluation follows a stepwise approach, progressively incorporating additional factors into

the optimisation process:

1. Baseline Optimisation: A purely aerodynamic and acoustic optimisation is conducted,
excluding broadband noise and acoustic weighting.

2. Broadband Noise Influence: The effect of broadband noise on the optimisation results
is assessed.

3. Acoustic Weighting Influence: The impact of different acoustic weighting functions
are analysed.

4. Blade Pitch System Influence: The influence of a variable blade pitch system is ex-
amined, while motor efficiency and mass remain unchanged.

5. Mass Penalty Influence: The additional effects of propeller and motor mass are incor-
porated.

6. Motor Efficiency Influence: Motor efficiency and system mass are included in the final

evaluation.
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This structured approach allows for a systematic investigation of the various factors influencing
propeller design while highlighting the dependencies between modelling complexity and opti-
misation outcomes. Table 5.3 provides a comprehensive overview of the models applied in the

following six studies.

Table 5.3: Overview of applied models in the following optimisation studies

Study Broadband Acoustic Pitch Mass Motor
Noise Weighing System Penalty Efficiency
1 X X X X X
2 v X X X X
3 v v X X X
4 v v v X X
5 v v v v X
6 v v v v v

The GPPO stage is performed with a maximum of 300 generations. The population size of each
generation is set to 20 times the number of variables, which is five according to section 4.3.2.

Therefore, up to 30,000 propeller geometries can be designed and evaluated by the GPPO.

However, if the Pareto front remains unchanged for 20 generations, the GPPO is terminated
early, reducing computational time. The generation and population size factors are determined
heuristically and conservatively to prevent convergence toward local instead of global minima.

Appendix. F.2 provides details on each optimisation study.

The MDO process concludes between 127 and 295 generations, resulting in 1,763 to 3,893 geome-
tries that meet the thrust requirements. However, only 13 to 53 geometries from the enormous

number of propellers contribute to the Pareto front.

The exact energy consumption and noise emission values are summarised at the end of the
assessment in section 5.2.1.7, as intermediate quantitative results are of minor interest. Since
the results are evaluated qualitatively, no detailed SPL or energy values are provided throughout
the process. Only the final geometry of the sixth optimisation step is further processed in the
BSO.

5.2.1.1 Baseline Optimisation

The optimisation assessment begins with a purely aeroacoustic optimisation of a fixed-pitch
propeller. Noise emissions are simulated using the F1A model without considering broadband

noise.

Fig. 5.13 presents the optimisation results for all generations. Each circle represents a possible
propeller geometry that meets the mission requirements. Alongside the optimisation results,

fig. 5.13 shows the Pareto front, the set of optimal solutions, and the sweet spot, the best
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compromise between noise emissions and energy consumption. Both the Pareto front and the
sweet spot are highlighted in black. The x-axis represents the unweighted SPL (dB), while the

y-axis shows the normalised energy consumption, as defined in eq. (4.11).

Diagram a) of fig. 5.13 colours the circles according to the blade number, while diagram b) uses
the diameter for colour coding. Both diagrams present the same results but provide significant

insights into the optimisation process.

The GPPO is intended to determine the blade number and diameter for the reference mission,
which is why these parameters are highlighted and labelled within the figure. The sweet spot of
the optimisation, considering only tonal noise, results in a six-bladed propeller with a diameter
of 3.9 m.

Diagram a) reveals that a lower blade number results in reduced energy consumption, while
tonal noise emissions increase. The results clearly distinguish between blade numbers ranging
from two to five. However, for larger blade numbers, the data points overlap, making them less

distinguishable.

These findings confirm general aerodynamic knowledge of propellers and align with the noise
trends observed in section 5.1.1. However, the aerodynamic results in section 5.1.1 suggest
that three-, four-, or five-bladed propellers perform optimally. This comparison highlights that
manual propeller design may lead to suboptimal configurations, even when analysing only a

single operating point.

Diagram b) shows that larger diameters result in lower tonal noise and reduced energy consump-
tion. Both observations are well-known principles in tonal noise optimisation, confirming the
physical robustness of the optimisation process. An increased blade number and larger diame-
ters reduce blade loading, thereby decreasing loading noise. Since My;, decreases with increasing

blade number and diameter, the impact of thickness noise is mitigated.

The Pareto front shows a compromise between noise emission and energy consumption for each
number of blades, which leads to a staircase-like shape of the front. This staircase-like shape
can be found in most of the following results, as the diameter is optimised for each number of
blades.
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Figure 5.13: Influence of blade number and diameter on energy consumption and noise emis-
sions with the consideration of tonal noise (Study 1)

The resulting geometries of the Pareto front are presented in fig. 5.14. As described in section 4.3,

the GPPO stage is constrained to linear chord distributions.

Diagrams a) and c) in fig. 5.14 present the same chord distributions, with different line colours
indicating noise emissions in diagram a) and energy consumption in diagram b). Diagrams c)
and d) follow the same approach for twist distributions. The black dashed line represents the

geometry of the sweet spot.

The diagrams reveal that the diameters of the Pareto front range between 3.5 m and 4 m.
When comparing chord and twist distributions, it may appear that fewer chord distributions are
visualised than twist distributions. However, some chord distributions overlap exactly, making

them indistinguishable in the diagram.

Diagram a) shows that larger chord lengths result in higher noise emissions, whereas smaller
chord lengths lead to lower noise emissions. A similar trend in terms of energy consumption in

diagram c) cannot be observed.

Diagram b) indicates that lower twist distributions result in reduced noise emissions, while

diagram d) shows that lower twist distributions increase energy consumption.

Consequently, the sweet spot geometry represents a compromise positioned between the extreme

cases of twist and chord distributions.
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Figure 5.14: Resulting propeller geometries along the Pareto front of the baseline optimisation

However, section 5.1 shows, the contrary trends between tonal and broadband noise, why the

broadband noise is considered next.

5.2.1.2 Influence of Broadband Noise

Fig. 5.15 presents the optimisation results considering broadband noise. The same representation

as in fig. 5.13 is applied to the aeroacoustic optimisation with broadband noise.

Due to the influence of broadband noise, the geometry of the sweet spot shifts from a six-
bladed propeller to a nine-bladed propeller, while the diameter decreases from 3.9 m to 2.9 m.
In general, the slope of the Pareto front increases compared to fig. 5.13. The Pareto front
of the baseline analysis exhibits an L-shape, whereas the Pareto front with broadband noise

consideration follows a parabolic shape.

While in the baseline optimisation (cf. fig. 5.13) the blade numbers are clearly separated,
the inclusion of broadband noise blurs the boundaries between different blade numbers. The
Pareto front predominantly consists of eight- and nine-bladed propellers around the sweet spot.

However, two- and three-bladed propellers appear in the region of minimum energy consumption.

A comparison of diagram b) in fig. 5.13 and 5.15 indicates that the distinct diameter trend
observed in fig. 5.13 does not hold when broadband noise is considered. Smaller diameters

appear to reduce noise emissions, whereas larger diameters lead to lower energy consumption.
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Figure 5.15: Influence of blade number and diameter on energy consumption and noise emis-
sions with the consideration of tonal and broaband noise (Study 2)

The comparison between the baseline optimisation and the optimisation including broadband

noise highlights the necessity of considering broadband noise in the optimisation process.

5.2.1.3 Influence of the Acoustic Weighting

Next, the influence of acoustic weighting on propeller optimisation is assessed. The noise emis-
sions are weighted using A- and D-weighting, as these are the most common weighting functions

in aviation.

Fig. 5.16 illustrates the influence of acoustic weighting on the blade number, while fig. 5.17
presents its effect on the diameter. Diagram a) shows the unweighted results, diagram b) the
A-weighted results, and diagram c) the D-weighted results. The y-axis remains consistent across
all three diagrams, whereas the x-axis is adjusted. The unweighted results in diagram a) are the

same as those in fig. 5.15.

Initially, the lowest energy consumption remains similar across all three cases, with variations
occurring only in noise emissions and, consequently, in the sweet spot parameters. The lowest
energy consumption is achieved with two- or three-bladed configurations in all three cases. The
unweighted optimisation results in a nine-bladed propeller with a diameter of 2.8 m, while the A-
weighting favours four blades and 4 m, and the D-weighting leads to eight blades and a diameter
of 3.1 m.

The comparison shows that A-weighting tends towards fewer blades. This results from the
weighting advantages given to frequencies below 1000 Hz. In contrast, the benefits of low

frequencies in D-weighting are less pronounced, leading to higher blade counts. However, even
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with D-weighting, the clear dominance of the nine-bladed propeller observed in diagram a) is

not evident. Instead, seven- and eight-bladed configurations dominate the region around the

sweet spot.

While the unweighted and D-weighted Pareto fronts follow a parabolic shape, the Pareto front
of the A-weighted optimisation exhibits an L-shape.
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Figure 5.16: Influence of different acoustic weighing on blade number optimisation (Study 3)

Fig. 5.17 illustrates the influence of acoustic weighting on diameter selection.

In the unweighted results, a smooth transition can be observed from smaller diameters in the
region of low noise emissions towards larger diameters in the region of low energy consumption.
A similar trend is present in the D-weighted optimisation, although larger diameters increasingly

dominate the Pareto front. In the case of A-weighting, larger diameters fully dominate the Pareto

front.

The optimisation with D-weighting and A-weighting results in larger diameters compared to the
unweighted sweet spot geometry. The diameter of the D-weighted sweet spot increases by 0.3 m,

while the diameter of the A-weighted propeller increases by 1.2 m.
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Figure 5.17: Influence of different acoustic weighing on diameter optimisation (Study 3)

The weighting not only influences tonal noise but also affects the low-frequency region of broad-
band noise, which is primarily driven by blunt vortex shedding (BVS) noise, as shown in fig. 3.11.
BVS noise mainly depends on the relative TE thickness, which is influenced by the the propeller’s
chord length, as the absolute TE thickness is fixed at 1 mm.

Fig. 5.18 presents the resulting geometries for the sweet spots. Diagram a) illustrates the chord
distribution along the radius, while diagram b) shows the twist distribution. The unweighted
results are represented by black solid lines, the A-weighted results by dashed magenta lines, and

the D-weighted results by cyan dash-dotted lines.

Diagram a) shows that the A-weighted propeller has a significantly higher chord length compared
to the other geometries, which correlates with the reduced blade number. Since the A-weighted
propeller has less blades, a higher blade aspect ratio is required. The unweighted and D-weighted

blade numbers are similar, resulting in nearly identical chord distributions.

Design rotational speed, free-stream velocity, and thrust primarily determine the twist distribu-
tion. Therefore, diagram b) reveals that the unweighted and D-weighted sweet spot propellers
are designed for similar conditions, following the stated procedure. The A-weighted propeller

exhibits higher twist and chord values, requiring operation at higher rotational speeds.
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Figure 5.18: Comparison of the sweet spot propeller geometries between different acoustic
weightings (Study 3)

The following optimisation studies are conducted using the A-weighted results, as the previous
assessment demonstrates that considering weighting is crucial for diameter and blade number.

A-weighting is more commonly used than D-weighting.

5.2.1.4 Influence of the Blade Pitch System

Next, the assessment of the pitch system is conducted. In this analysis, fixed-pitch propellers
are compared to variable-pitch propellers. The variable-pitch propellers can be adjusted in flight
within a range of -6° to +6°. Both propeller types are also variable-speed propellers, as they are

intended for operation with electric motors.

Fig. 5.19 illustrates the selection process of the blade number for both propeller types. Dia-
gram a) presents the results for the fixed-pitch propeller, while diagram b) shows the results for
the variable-pitch propeller. The y-axis is shifted from the range of 10-14 kWs/s in previous
figures to 9-14 kWs/s in fig. 5.19 and 5.20. This shift may create the impression that the fixed-
pitch propeller requires more energy than in previous results. However, the optimisation results
remain consistent with those shown in diagram b) of fig. 5.16 and 5.17. For consistency, the
convention of presenting fixed-pitch results on the left and variable-pitch results on the right is

maintained in the following optimisation results.

The comparison reveals that the variable-pitch propeller requires less energy than the fixed-
pitch propeller. The variable-pitch propeller also favours a four-bladed configuration, though its

diameter is slightly reduced to 3.6 m.

The dominance of the two-bladed propeller in diagram a) is less pronounced in diagram b). The

lower boundary of the variable-pitch Pareto front is not exclusively composed of two-bladed
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propellers. Instead, a smooth transition along the Pareto front from two to eight blades, corre-

sponding to lower noise levels, is observed.

Additionally, the density of results near the Pareto front in diagram b) is significantly higher
than in diagram a). The MDO process for the variable-pitch case concludes 30 generations earlier
than for the fixed-pitch case (cf. appendix F.2) and identifies 92 additional geometries that meet
the mission requirements. Thus, the variable-pitch MDO demonstrates better convergence than
the fixed-pitch MDO.
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Figure 5.19: Influence of fixed- or variable-pitch propellers on the optimisation of the blade
number (Study 4)

Fig. 5.20 compares the diameters between fixed- and variable-pitch propellers. The results in

diagram a) have already been analysed in the discussion of fig. 5.17.

In diagram b), a smooth transition from a 4 m propeller to smaller diameters along the Pareto
front is visible. A comparison of fig. 5.19 and 5.20 shows a clear correlation between propeller
diameter and blade number. Fewer blades result in larger diameters, while a higher blade count

leads to smaller diameters.

This finding suggests that, in all cases, the propeller operates at the lowest possible rotational
speed settings, as reducing rotational speed minimises power consumption. This conclusion is
supported by the fact that produced thrust primarily depends on diameter, blade number, and
rotational speed at a specific design point. Larger diameters, higher blade counts, and increased
rotational speeds all contribute to higher thrust. If diameter and blade number exhibit an
inverse correlation, the rotational speed must be maintained at a certain level to balance the

thrust production.
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Figure 5.20: Influence of fixed- or variable-pitch propellers on the optimisation of the diameter
(Study 4)

Fig. 5.21 presents the geometries of the sweet spot propellers. Diagram a) illustrates the chord
length, while diagram b) shows the twist distribution for the fixed- and variable-pitch propellers.
The fixed-pitch propeller is represented by a solid black line, whereas the variable-pitch propeller

is shown as a magenta dashed line.

The variable-pitch propeller has a higher taper ratio and a larger root chord length compared
to the fixed-pitch propeller. A comparison of the twist distribution reveals that both propellers

are designed for the same operating point, as previously discussed in the analysis of fig. 5.18.
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Figure 5.21: Comparison of the sweet spot propeller geometries between fixed- and variable-
pitch propellers (Study 4)
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5.2.1.5 Influence of Mass Penalty

Next, the pitch system is assessed with consideration of the influence of propeller and motor mass,

analogous to the previous assessment. The y-axis is again shifted to the range of 10-14 kWs/s.

First, a comparison of section 5.2.1.4 and 5.2.1.5 shows that the additional mass significantly in-
creases the required energy. The energy consumption of the fixed-pitch propeller is more affected
compared to the variable-pitch propeller. The fixed-pitch propeller experiences an increase of
approximately 1 kWs/s, while the variable-pitch propeller energy consumption increases by only
0.5 kWs/s in the sweet spot.

Second, the mass penalty significantly reduces the diameter, from 4 m to 3 m in the fixed-pitch
case and from 3.6 m to 3.3 m in the variable-pitch case. Additionally, the blade number of the

variable-pitch propeller changes from a four-bladed to a five-bladed configuration.

Diagram a) of fig. 5.22 shows that with an increasing blade number, the energy consumption rises
significantly. The clear trend is not observed when the mass penalty is excluded. The fixed-pitch
diagram can be divided into three distinct regions. The two-bladed and three-bladed propellers
form clearly separated regions. Above the three-bladed configurations, all higher blade numbers
are mixed without a clear trend, which forms the third region. This mixing results from the
additional mass of each blade, leading to increased thrust requirements. The increased thrust
demand with higher blade numbers limits the operational range of the fixed-pitch propeller,

making fewer blades more advantageous.

Diagram b) shows a distinct region for two-bladed propellers. The remaining geometries are
scattered across the entire Pareto front, with four-, five-, and six-bladed propellers dominating
the distribution. The significantly increased propeller hub mass, compared to the fixed-pitch

case, leads to enhanced mixing.
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Figure 5.22: Influence of mass consideration on blade number optimisation (Study 5)

Fig. 5.23 presents the diameter assessment. While the

blade number is scattered across the

optimisation results in both cases, a clear trend is observed for the diameter. Fig. 5.23 shows

a smooth transition from larger diameters at the lower energy consumption bound to smaller

diameters at the lower noise emissions bound.
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Figure 5.23: Influence of mass consideration on diameter optimisation (Study 5)

Further details about the sweet spot geometries do not provide additional insights, which is why
they are not shown for the results of section 5.2.1.3. However, for the sake of completeness, they

can be found in appendix F.2 in fig. F.3.
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As in section 5.2.1.4, the variable-pitch optimisation shows better convergence than the fixed-
pitch optimisation, requiring approximately 93 fewer generations and identifying more than

twice as many matching geometries.

5.2.1.6 Influence of Motor Efficiency Penalty

Finally, the influence of motor efficiency is assessed, incorporating all previously described cor-

rection methods.

Fig. 5.24 and 5.25 show a significant increase in energy consumption due to motor losses. As a
result, the y-axis is extended up to 20 kWs/s. Energy consumption increases by approximately
3 kWs/s for the fixed-pitch propeller and by about 2 kWs/s for the variable-pitch propeller
compared to the assessment without motor considerations. Additionally, the blade number and
diameter of the sweet spot geometry change in both cases. The fixed-pitch propeller’s sweet
spot geometry now has five instead of four blades, with an increased diameter of 3.4 m instead
of 3 m. For the variable-pitch propeller, the blade number changes from five to eight, while the

diameter decreases by 0.1 m.

Diagram a) of fig. 5.24 shows that blade number continuously increases with energy consumption
while reducing noise emissions. The motor model prevents the blade number results from being
scattered across the diagram, resulting in a clear transition in the fixed-pitch case. The variable-
pitch results, shown in diagram b), exhibit a small transition region where the sweet spot is

located. However, the diagram is primarily dominated by two- and nine-bladed propellers.
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Figure 5.24: Influence of mass and motor consideration on blade number optimisation
(Study 6)
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Fig. 5.25 is dominated by diameters ranging from 2.5 m to 4 m. At the upper energy consumption
bound, some smaller diameters appear, but the majority of the Pareto front is composed of larger

propellers.

The fixed-pitch case exhibits a smooth transition from larger to smaller propellers along the
Pareto front, whereas the variable-pitch Pareto front is primarily dominated by propellers with
diameters between 2.5 m and 3.5 m. The diameter does not directly correlate with the blade
number, as the transitions between fewer and more blades, as well as smaller and larger diame-
ters, observed in fig. 5.24 and 5.25, differ.
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Figure 5.25: Influence of mass and motor consideration on diameter optimisation (Study 6)

Unlike in previous cases, the fixed-pitch propeller exhibits better convergence. The fixed-pitch
Pareto front is fully developed after 146 generations, with an average of 15.7 propellers found
per generation, whereas the variable-pitch Pareto front requires 295 generations, yielding only

12.1 propellers per generation.

As in section 5.2.1.6, the assessment of the sweet spot geometry does not provide additional

insights. Therefore, for the sake of completeness, these geometries are presented in appendix F.2.

Only the consideration of all models together provides a valid overview of the benefits of the
pitch system. For this reason, no quantitative values for SPL and energy were presented in the

previous assessments. This gap is addressed in section 5.2.1.7.
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5.2.1.7 Summary of MDO Assessment

Table 5.4 summarises the results of the assessment study. These results are valid only for the
defined reference mission, and further work is required to verify their general applicability by

assessing different missions.

The first study focuses solely on tonal noise. In study 2, broadband noise is introduced, leading
to an increase in blade number from six to nine. While the blade diameter decreases, energy

consumption increases. Due to the inclusion of broadband noise, the SPL rises to 69.7 dB.

Study 3 demonstrates the influence of A- and D-weighting on the optimisation process. Acoustic
weighting significantly affects the sweet spot of the Pareto front, altering the resulting geometry.
With A-weighting, the blade number decreases from nine to four, while the diameter increases
from 2.9 m to 4.0 m. Since the diameter is limited to 4.0 m, it could be that the optimal diameter
is even larger, but this limitation is not relevant in the following studies, which show that smaller
diameters are optimal. The larger blades and lower blade count improve energy consumption
by approximately 0.6 kWs/s. With D-weighting, the blade number decreases to eight, and the
diameter increases by 0.2 m, reducing energy consumption by approximately 0.2 kWs/s. Due to
the weighting effects, noise emissions change significantly and cannot be directly compared. All

subsequent results are assessed with A-weighted SPL.

Study 4 compares fixed-pitch and variable-pitch propellers. The energy consumption decreases
by approximately 0.4 kWs/s, and noise emissions are reduced by 1.8 dB(A) due to the pitch

system.

Study 5 introduces the mass penalty due to the propeller and motor into the optimisation.
The blade number undergoes minor changes, but the diameter decreases. For the fixed-pitch
propeller, the diameter is reduced by 1 m, while for the variable-pitch propeller, it decreases by
0.3 m. The energy consumption increases due to the mass penalty by approximately 1 kWs/s
for the fixed-pitch propeller and 0.5 kWs/s for the variable-pitch propeller. Additionally, noise
emissions increase by 5.1 dB(A) for the fixed-pitch propeller and 4.6 dB(A) for the variable-pitch
propeller.

Finally, Study 6 incorporates motor efficiency models. The motor efficiency map further influ-
ences the sweet spot geometry, increasing the blade number to five and eight. The diameter of
the fixed-pitch propeller increases to 3.4 m, while the diameter of the variable-pitch propeller
decreases to 3.2 m. Energy consumption increases due to motor losses, with the fixed-pitch
propeller requiring approximately 3.0 kWs/s more and the variable-pitch propeller requiring an
additional 2.1 kWs/s. The influence on noise emissions is minor, with an increase of 0.1 dB(A)
for the fixed-pitch propeller and 0.9 dB(A) for the variable-pitch propeller. Considering the
electric motor efficiency map is crucial for optimisation and equally important when applying

optimisation to combustion engines [67].
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The propeller without a motor efficiency map requires approximately 80% less energy for the
fixed-pitch propeller and 84% less energy for the variable-pitch propeller compared to the results

with motor efficiency map. However, this difference strongly depends on the mission.

Table 5.4: Summary of optimisation results

Blade  Diameter Energy SPL
Study  Name Number  (m) (KW /) (dB)
Baseline
1 Optimisation 6 3.9 10.87 18.4
2 Broadband 9 2.9 11.62 69.7
Noise
Acoustic %
_I.
3 Weighting (A /D) 4/8 40 /31 11.04 /1143 639/ 722
4 Pitch F/V)| 4/4 4.0 /3.6 11.04 /1059 63.97/ 62.1"
System . . . : . :
Mass * %
5 Penalty (F/V) 4/5 3.0 /33 12.06 / 11.08 68.8°/ 66.7
Motor ¥ *
6 Efficiency |/ V)| 5/8 34 /32 1514 /1321 68.97/ 67.6

" A-weighted SPL
t D-weighted SPL

The comparison between study 4, which is a purely aeroacoustic optimisation, and study 6 reveals
drastic differences across all parameters. Study 4 predicts an efficiency increase of approximately
4% for the variable-pitch propeller compared to the fixed-pitch propeller, whereas study 6 results
in an efficiency gain of approximately 13%. The noise reduction benefit of the variable-pitch
propeller over the fixed-pitch propeller remains similar, ranging from 1.3 dB(A) to 1.6 dB(A).
In conclusion, even when considering the additional mass, the variable-pitch propeller remains
significantly more efficient and slightly quieter. However, these are preliminary results from the
GPPO.

The findings of this study emphasise the importance of considering system mass and motor

efficiency during the conceptual design stage to achieve appropriate propeller sizing.

5.2.2 Assessment of the Blade Shape Optimisation

After the GPPO defines the blade number, diameter, and a reference geometry, the BSO is
conducted. The parameter space for root and tip twist, as well as chord, is reduced to match

the GPPO parameters within a 30% margin.

Fig. 5.26 presents the Pareto fronts of the GPPO and BSO for the fixed-pitch propeller in
diagram a) and the variable-pitch propeller in diagram b). The black solid lines represent the
GPPO results, while the magenta dashed lines indicate the BSO results.
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A comparison of the Pareto fronts reveals that the BSO improves both energy consumption and
noise emissions. The improvements are more pronounced in the fixed-pitch case compared to

the variable-pitch case. The detailed numerical results are provided in table 5.5.

The BSO runs for a maximum of 600 additional generations. A higher number of generations
is required compared to the 300 generations of the GPPO due to the larger number of design

variables. The GPPO optimises five variables, whereas the BSO must optimise twelve.

The fixed-pitch BSO converges after 534 generations, identifying 13,250 propellers that meet
the mission requirements. The variable-pitch BSO converges after 277 generations, finding
4,369 valid propellers. However, the Pareto front of the fixed-pitch optimisation consists of 20
propellers, while the Pareto front of the variable-pitch BSO contains 45 propellers.

In conclusion, the variable-pitch BSO converges significantly faster, likely due to the smaller im-
provement margin. However, as the author conducted multiple optimisation runs from different

starting points, the identified sweet spot is definitively a global optimum.
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Figure 5.26: Pareto fronts of the BSO and GPPO for the fixed- and variable-pitch propellers

Second, the geometries of the fixed-pitch Pareto front are visualised in fig. 5.27. The variable-
pitch geometries follows in fig. 5.28. The already used representation of the chord and twist
distribution from fig. 5.14 is applied on the results of the BSO.

Fig. 5.27 shows that the chord distribution varies between 10 cm and 14 cm at the root and
around 4 cm at the tip. Diagrams a) and c) reveal that smaller chord distributions result in
higher noise emissions but lower energy consumption, especially when the outer region of the

blades has a smaller chord length.

The twist distribution shows, that two different root twist distributions are possible. First, more
parabolic distributions with increasing twist towards the root are observed. Second, more linear

distributions that flatten at the tip are found. The sweet spot geometry uses the parabolic
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increase at the tip. Diagram b) and d) show, that smaller tip twists results in lower noise

emissions but larger energy consumptions.

fixed-pitch
. 66
40 65.5
%ﬁ 65 <
=~ 645 2
n
o= =
E o 5
63.5
0
b
)50
10 142 _
o0 =
<)
= 30 14 E
=
g% 138 ¥
=10 8
0 13.6
02 04 06 08 1 0.2 0.4 0.6 0.8 1
c) r/R () d) r/R ()

Figure 5.27: Fixed-pitch propeller geometries of BSO

The assessment of the variable-pitch propellers along the Pareto front reveals the same behaviour
as that observed in the fixed-pitch propeller. However, the chord distribution changes in the
variable-pitch optimisation. The optimisation identifies geometries with significantly increased
chord distributions in the middle section of the blade. Similar geometries are also found in the

literature for noise-optimised propellers [31, 68, 153].
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Figure 5.28: Variable-pitch propeller geometries of BSO
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The geometric comparisons between energy consumption and noise emissions clearly illustrate

the balance between both parameters, highlighting the necessary compromise.

Finally, the assessment of the MDO procedures concludes with a comparison of the improve-
ments achieved by the BSO compared to the GPPO. Table 5.5 presents the improvements in
energy consumption and noise emissions. The fixed-pitch propeller benefits more from the BSO
than the variable-pitch propeller. Energy consumption is reduced by 1.3 kWs/s and noise emis-
sions by 5.0 dB(A) for the fixed-pitch propeller, whereas for the variable-pitch propeller, energy
consumption decreases by 0.17 kWs/s and noise emissions by 2.9 dB(A).

Overall, the fixed-pitch propeller exhibits lower noise emissions but higher energy consumption
compared to the variable-pitch propeller. The energy consumption of the fixed-pitch propeller
is 6.1% higher, while its noise emissions are 0.8 dB(A) lower compared to the variable-pitch

propeller.

Table 5.5: Blade shape optimisation results
Energy SPL
(kWs/s) | (dB(A))

fixed wvari. | fixed wvari.

GPPO 15.14 13.21 | 689 67.6
BSO 13.84 13.04 | 63.9 64.7
Difference | -1.30 -0.17 | -5.0 -2.9

As a result the benefits of the variable-pitch propeller over the fixed-pitch propeller are signif-
icantly reduced compared to the GPPO. Therefore, the benefits of the variable-pitch propeller

must be weighed against the increased complexity of the pitch system by a design engineer.

5.3 Detailed Analysis of Optimised Propellers

The results of the BSO must be evaluated to show, how the geometries perform in detail.

Therefore, the resulting geometries are analysed in detail with the presented procedures.

At first, the additional masses of the propeller and motor are relevant. The five-bladed fixed-
pitch propeller has a mass of 12.0 kg, while the eight-bladed variable-pitch propeller has a mass
of 22.5 kg.

The ideal power consumption in transition and cruise does not depend on the diameter or the
blade number, which is why it is equivalent for both propellers. The ideal power consumption is
9 kW for both flight phases. In hover, the fixed-pitch propeller has an ideal power consumption
of 8.8 kW with the diameter of 3.4 m and the variable pitch propeller of 9.4 kW with 3.2 m.

The motor efficiency for the motor mass prediction is assumed to be 65% of the maximum ideal

power consumption. The motor design power for the fixed-pitch propeller is determined by the
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transition or cruise condition and is 13.8 kW. For the variable-pitch propeller, the highest power

consumption occurs in hover, leading to a design power consumption of 14.4 kW.

Therefore, the motor mass of the fixed-pitch propeller is 2.8 kg, and for the variable-pitch
propeller, it is 2.9 kg. As an example, the HPD16 brushless electric motor from the manufacturer
Geiger Engineering GmbH has a mass of 4.7 kg at a maximum continuous power of 16 kW [50].
However, this motor has been in operation for about 10 years, and newer motor designs result
in higher power densities. The motor in the fixed-pitch case accounts for 19% of the propulsion

system mass, while in the variable-pitch case, it accounts for 11% of the system mass.

With the in table 5.1 given lift-to-drag ratios the new required thrust in the operating point for
the fixed- and variable-pitch propeller is calculated and presetend in table 5.6.

Table 5.6: Adjustment of the thrust requirements for each mission point

Thrust | L/D | Propeller mass | Motor mass | New thrust

(N) -) (kg) (kg) (N)

fixed vari. fixed wvari. | fixed vari.

Hover 1200 1 12.0 22.5 2.8 2.9 1345 1449
Transition 600 5 12.0 22.5 2.8 2.9 629 650
Cruise 300 10 12.0 22.5 2.8 2.9 315 325

The resulting propeller geometries from the BSO are analysed at the three design points to
determine the rotational speed that meets the thrust requirements. In the case of the variable-
pitch propeller, both the optimal rotational speed and the corresponding blade pitch angle must

be determined.

Fig. 5.29 presents the thrust and electric power consumption for the three operating conditions.
The electric power consumption is calculated according to eq. (5.1). The propeller torque and
rotational speed are matched with the motor map to determine the motor efficiency. The match

between the operating points and the motor map is presented in fig. 5.31.

PPropeller

5.1
TIMotor ( )

Petectric =
Diagram a) of fig. 5.29 presents the thrust as a function of rotational speed, while diagram b)
illustrates the electric power consumption. The hover performance is represented by the black
solid line, the transition phase at a flight speed of 15 m/s by the magenta dashed line, and the
cruise phase by the cyan dash-dotted line. Additionally, the diagram indicates the operating
points for hover (hover point (HP)), transition (transition point (TP)), and cruise (cruise point

(CP)).

The rotational speed is constrained by the tip Mach number limits. The lowest allowable tip
Mach number is set to 0.25, corresponding to a rotational speed of 480 rpm. The highest
allowable tip Mach number is 0.7, equivalent to a rotational speed of 1350 rpm for the fixed-
pitch propeller.
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Furthermore, the possible rotational speeds are constrained by the electric motor. The motor
must deliver sufficient torque at a given rotational speed, but torque is limited by the maximum
output power. In general, the propeller torque decreases with increasing flight speed, at a
constant rotational speed. Consequently, higher rotational speeds can be achieved at higher
flight speeds as the power consumption decreases. The propeller performance curves are thus
limited by the motor’s capabilities. Therefore, the y-axis of fig. 5.29 is limited to a rational
speed of 900 rpm corresponding to blade tip Mach number of 0.47.

The rotational speed of the operating points is determined by the thrust requirements, which
in turn define the electric power consumption. The quantitative values for all design points are
provided in table 5.7. The rotational speed in the transition condition is lower than in hover

conditions, while the cruise condition requires the highest rotational speed.

The electric power consumption for hover and transition conditions is similar over the entire
rotational speed range. However, since the rotational speed of the transition point is significantly
lower, the corresponding electric power consumption is also reduced. The two curves do not
perfectly align, as they diverge at lower rotational speeds. This discrepancy results from different

torque requirements and, consequently, varying motor efficiencies.

The electric power curve for the cruise condition exhibits a distinct kink at lower rotational
speeds. The kink in the cruise curve is caused by the motor efficiency map (cf. diagram a) of
fig. 5.31). When the speed is reduced, the torque decreases significantly, which leads to a higher
efficiency of the motor, which causes the kink in the curve. The electric power required in the

cruise operating point lies between the power demands of the hover and transition phases.
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Figure 5.29: Aerodynamic performance of the optimised fixed-pitch propeller

Fig. 5.30 presents the equivalent analysis for the variable-pitch propeller. However, since pitch
introduces an additional degree of freedom, a separate plot is created for each operating point.

The upper row of fig. 5.30 displays thrust as a function of rotational speed, while the lower row
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illustrates electric power consumption. Blade pitch is discretised in 0.25° increments, with the

colour bar representing the pitch domain from -6° to 6°.

As different pitch settings can achieve the target thrust for each operating point, a continuous
range of valid operating points exists, forming the hover line (HL), transition line (TL), and cruise

line (CL). The optimal operating point is determined by the lowest electric energy consumption.

In general, increasing pitch results in higher thrust, allowing for lower rotational speeds, while

torque increases with blade pitch.

Diagrams a) and d) present the hover results. The pitch sweep shows that as pitch increases
from -6° to -2°, the required rotational speed decreases. However, above -2°, thrust suddenly
drops. Beyond 0° blade pitch, thrust slightly decreases at a constant rotational speed. This
behaviour is caused by flow separation at the blade. The slight decrease in thrust beyond 0°
blade pitch results from the effects of the 3D stall model.

The optimal blade pitch in hover is found at -6°, in the transition phase at -1.25°, and in cruise
conditions at 6°. At the same time, in hover conditions, the highest possible rotational speed is
found to be optimal, whereas in cruise, the lowest possible rotational speed is preferred. This
behaviour is explained by the performance of the cruise point, which must be optimised, as
indicated in table 5.1.

A larger pitch range could potentially improve performance further. However, since the pitch
range is an input parameter in the optimisation, modifying the range affects the sweet spot
geometry and the overall optimisation process. Therefore, the pitch range is not adjusted at
this stage of the analysis.
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Figure 5.30: Aerodynamic performance of the optimised variable-pitch propeller
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Fig. 5.31 illustrates the correlation between aerodynamic performance and the motor map for
both propellers. Since the operational limits differ between the fixed- and variable-pitch pro-
pellers, distinct motor maps are required. These maps are developed based on the aerodynamic
solutions. As a result, the x- and y-axes in both diagrams vary. Diagram a) presents the

fixed-pitch results, while diagram b) displays the variable-pitch results.

For the fixed-pitch propeller, torque is highest in hover conditions. The transition point is
located near the design point of the motor map. The cruise point exhibits the lowest motor

efficiency, corresponding to the lowest torque.

In diagram b), not only the optimal operating points but also the possible operational lines
are presented. The variable-pitch system enables the operating points to be positioned at the

highest motor efficiency.

Despite these differences, the overall placement of the hover point, transition point, and cruise
point within the motor efficiency map is consistent between the fixed- and variable-pitch pro-

pellers.
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Figure 5.31: Combination of motor efficiency map and propeller performance in hover, tran-
sition, and cruise

The aerodynamic results are summarised in table 5.7. First, the rotational speed is presented,
followed by the propeller torque obtained from the BEMT analysis. Next, the motor efficien-
cies at the optimal operating points are listed, and finally, the corresponding electric power

consumption is provided.

These parameters are used to recalculate the energy consumption for the mission. The fixed-
pitch propeller requires 13.84 kWs/s, while the variable-pitch propeller consumes 13.04 kWs/s.

These values match the results from table 5.5.
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A comparison of the electrical power consumption reveals that the fixed-pitch propeller requires
less energy in hover and transition but consumes more energy in the cruise phase compared to
the variable-pitch propeller. Despite this, the variable-pitch propeller is overall more efficient,
as the cruise phase has the greatest influence on total energy consumption. This improvement
is achieved through a lower rotational speed and higher motor efficiency at the cruise operating

point for the variable-pitch propeller compared to the fixed-pitch propeller.

Table 5.7: Detailed representation of the optimised propeller performance

Rotational | Propeller Shaft Motor Electric
speed torque power efficiency power
(1/min) (Nm) (kW) (%) (kW)
fixed wvari. | fixed wvari. | fixed wvari. | fixed wvari. | fixed vari.
Hover 628 655 | 222 239 | 14.6 16.4 | 82 73 17.8 224
Transition | 585 533 169 209 | 104 11.7 | 92 88 11.3  13.3
Cruise 798 535 131 189 | 11.0 10.6 | 79 90 14.0 11.8

The shaft-power column of table 5.7 shows the drawbacks of the motor-mass prediction within a
predictor step. In the fixed-pitch case for a propeller with a diameter of 3.4 m, the maximal ideal
power consumption is 9 kW; applying the safety factor of 0.65% yields a design shaft power of
13.8 kW (cf. eq. (4.10)), yet the simulation requires 14.6 kW. In the variable-pitch case (diameter
3.2 m), the maximal ideal shaft power is 9.4 kW. Applying the 0.65% safety margin results in a
design shaft power of 14.4 kW, whereas the simulation requires 16.4 kW. This underprediction

could be avoided by using a more conservative safety factor (e.g. 0.55% instead of 0.65%).

The aerodynamic performance of the optimised propellers are validated using CFD RANS sim-
ulations. Since the propellers are significantly larger and have more blades than those analysed
previously, the moving reference frame approach with periodic interfaces is applied. The fixed-
pitch propeller requires approximately 180 million cells, while the variable-pitch propeller re-
quires 150 million cells. The required mesh independence study and further details are provided

in appendix F.3.

The optimised propellers are analysed with their corresponding pitch settings at the three op-
erating points. The comparison is presented in table 5.8. The relative deviations between the
BEMT predictions and the CFD RANS predictions for thrust and torque, calculated according

to eq. (5.2), are provided.
BEMT — CFD

CFD
The highest relative error is 9.5% in the thrust prediction and 5.2% in the torque prediction.

A= (5.2)

However, as the thrust of the CFD simulations is not trimmed to the target thrust by pitch

variation, the error in the torque must be related to the error in thrust prediction.

In the hover condition, the RANS prediction slightly under-predicts the required thrust, indi-
cating that more flow separation occurs than predicted by the BEMT simulation. The flow

separation results in higher torque values. In the transition phase, thrust is also slightly un-
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derpredicted, while torque is over-predicted. In cruise conditions, both thrust and torque are

overpredicted. This matches the findings of the wind tunnel assessment in section 2.4.2.

Table 5.8: Validation of the aerodynamic performance of the optimised propeller

Thrust difference | Torque difference
(%) (%)
fixed vari. fixed vari.
Hover -8.9 -9.5 +2.3 +3.5
Transition | -2.3 -3.3 +4.3 +5.2
Cruise +5.5 +6.3 +2.4 +4.7

In the final step, the noise emissions of the fixed- and variable-pitch propellers in hover con-
ditions are analysed at a distance of 10 m. Fig. 5.32 presents the A-weighted noise levels at
different observer positions around the propeller. Diagram a) illustrates the tonal noise, while
diagram b) displays the broadband noise. The fixed-pitch results are represented by black solid
lines, whereas the variable-pitch results are shown as dashed magenta lines. Additionally, the
vertical line at the 110° observer position marks the location where the spectral data in fig. 5.33

are presented.

A comparison between diagrams a) and b) indicates that broadband noise dominates the overall
noise emissions. Diagram a) reveals that the tonal noise of the fixed-pitch propeller is signif-
icantly higher than that of the variable-pitch propeller. However, the A-weighted tonal noise,
with a maximum BPF SPL of 10 dB(A), is negligible compared to broadband noise emissions.

Diagram b) shows that the broadband noise of the variable-pitch propeller is higher than that
of the fixed-pitch propeller. The maximum broadband noise level for the fixed-pitch propeller
is 63.9 dB(A) at 117.5°, while for the variable-pitch propeller, it reaches 64.7 dB(A) at 115°.
These results align with the findings presented in table 5.5.
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Figure 5.32: Comparison of tonal and broadand noise emissions in hover
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Finally, fig. 5.33 presents the A-weighted third-octave-band spectrum of the fixed- and variable-
pitch propellers at the 110° observer position. The figure follows the same structure as fig. 5.32.

Diagram a) reveals that only the first harmonic of the propeller is relevant for tonal noise.
Diagram b) shows that trailing-edge noise is negligible for the overall broadband noise, as its
significance is reduced by the A-weighting. At the higher end of the spectrum, corresponding
to a BPF range of 128 to 256, tip vortex noise can be identified. However, A-weighting also

reduces the relevance of this noise component.

Only the mid-frequency range, which is dominated by turbulent boundary layer — trailing-edge
noise, significantly contributes to the overall broadband noise. This noise source is primarily

influenced by the angle of attack.
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Figure 5.33: Spectrum of the fixed- and variable pitch propeller at 110° observer position

The comparison of broadband noise and tonal noise hightlights the importance of the broadband

noise modelling in an MDO.

5.4 Design Guidelines

This section summarises the lessons learned in the propeller design. First, the limitations of the

approach are presented before the lessons learned are derived.

The developed MDO approach has some limitations. The approach relies on the derived models,
which are validated but still contain some inaccuracies. Thrust and torque are predicted within
10% accuracy, as shown in section 2.4.2 and 3.3. However, in most operating points, the thrust
prediction accuracy is much higher. Therefore, final trimming with higher-fidelity simulation
frameworks is required. The noise emissions are predicted within an accuracy of 7 dB, as shown

in section 3.3.
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The motor mass model is implemented only within a prediction step. The mass is calculated
based on an ideal power consumption prediction. Multiple models exist that use torque and
rotational speed to predict the motor mass. However, a more sophisticated model leads to
an iterative scheme between the motor model and aerodynamic performance prediction, which
should be avoided in a conceptual design and global propeller parameter optimisation. In the

current study, the motor mass is less important, as the propeller mass is significantly higher.

The motor efficiency map is based on a generic approach but is crucial for the design. A motor

model that provides more realistic motor maps might be incorporated into the MDO approach.

The analysed operating states are stationary operating conditions without harmonic excitation
due to cross-flow conditions. The analysis of such flow states requires a fully coupled aerody-
namic and structural mechanic solver, which is avoided in the conceptual design. However, in

the detailed design, such analyses are required.

Under the given assumptions and for the given reference mission, the following findings are

made.

1. Acoustic weighting is required if the blade number and rotational speed are varied in the
optimisation process.

2. The propeller and motor mass significantly influences the optimisation.

3. The motor efficiency map significantly influences the optimisation.

4. For the given reference mission, the variable pitch propeller is 6.1% more efficient but has
0.8 dB(A) higher noise emissions.

5. The benefits of the variable pitch propeller are much smaller than observed after the
GPPO. Therefore, a careful trade-off between complexity and aerodynamic efficiency must
be made.

6. A larger pitch range than the 12° used in the optimisation might further improve the

variable pitch results.
These findings lead to the complete answering of the second research question.

RQ 2 - Which aeroacoustic simulation method enables accurate prediction of noise

from electrically driven GA and AAM propellers in conceptual design?

In the current study, the broadband model dominates noise emissions at small blade tip Mach
numbers, which is why it must be modelled. This might be different if highly loaded general
aviation aircraft propeller are analysed instead of propeller in hover conditions. Furthermore,
acoustic weighting must be applied to find the global optimum. In conclusion, Farassat’s for-
mulation 1A in combination with at least the BPM model and acoustic weighting is required to
optimise propeller noise. The thesis showed that Hanson’s model, as it is presented, should not
be used for a parametric assessment, as the trend does not align with the model of Farassat,

which is validated in section 3.3.
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Additionally, some more general conclusions about propeller design can be drawn for engineers

who are starting to search for a propeller.

. The energy consumption of each operating point should be analysed before starting the

optimisation process. This assessment helps to identify the most crucial operating point

and may help to reduce the parameter space.

. The thickness distribution should continuously decrease towards the tip, with large thick-

nesses at the root of about 15% for structural integrity. Similar constraints are required
for the chord distribution.

. The largest possible diameters with the lowest possible blade numbers and the lowest

possible rotational speed are the most efficient. However, this does not result in the

quietest propeller.

4. More blades reduce the noise emissions but increase the energy consumption.

. The blade mass should be considered when designing for vertical take-off and landing

configurations.

. A careful assessment of the pitch system is required, as the benefits might be less than

expected.

With these findings, the third research question can be answered.

RQ 3 - How can electrically driven propellers be designed with aerodynamic, aero-

acoustic, and aeroelastic considerations for a complete flight mission during con-

ceptual design?

The results of the parameter study in section 5.1 and the MDO assessment in section 5.2 show

that a numerical optimisation approach is required to find the optimal blade form, blade num-

ber, and diameter. A systematic assessment of the parameter space is not sufficient. Therefore,

a multidisciplinary optimisation scheme with the following models must be used to find the

optimal geometry. The models derived within this thesis are sufficiently accurate, reliable, and

robust for the conceptual design of the propeller.

A A o

=

A BEMT theory for the prediction of the aerodynamic performance.

A 3D stall model to calculate off-design performance.

A tip- and root-loss model to improve the aerodynamic performance prediction.
Farassat’s formulation 1A for the tonal noise prediction.

A broadband noise model, e.g., the Brooks, Pope, and Marcolini model.

An acoustic weighting function to correct the noise emissions if variable speeds or blade
numbers are analysed.

A mass model to correct the required thrust to lift the aircraft.

8. A motor efficiency map to calculate the required energy consumption of the motor.

9. A structural design scheme based on the jig shape approach. Structural constraints limit

the chord and thickness distribution.
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In further work, the MDO approach can be extended with the modelling of the inverter and
battery for a complete assessment of the propulsion system. However, this optimisation requires
additional parameters, such as the battery discharge rate, the voltage and electric current of the

inverter and motor, and further geometric constraints of the electric motor.

Furthermore, the mission assessment can be extended by the analysis of multiple propellers.
Thereby, not only the optimal number of blades and diameter but also the optimal aircraft

configuration can be searched.

In the case of a vertical take-off and landing vehicle, where the propellers lift the aircraft, they
are used for steering by abrupt changes in rotational speed. For these manoeuvres, the moment
of inertia of the propellers should be as low as possible. Therefore, a third constraint for the
optimisation might be the moment of inertia of the propeller. This third constraint can be
incorporated into the MDO by implementing a structural design against maximal bending loads

at the root in a third step after calculating the noise emissions.

The broadband noise model relies on empirical correlations and has an accuracy of only 7 dB.
Despite this limitation, it has demonstrated consistency and validity across multiple operat-
ing conditions and test cases. It therefore represents the most practical option for integra-
tion into the optimisation framework when high-resolution boundary-layer data are unavailable.
Nonetheless, its predictions should be validated against experimental measurements or high-
fidelity simulations wherever feasible. Future efforts should therefore prioritise the development
and incorporation of more accurate broadband noise models, which are already under active

investigation.
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6 Conclusions and QOutlook

HIS thesis focuses on the analysis and optimisation of electrically driven propellers for
T advanced air mobility (AAM) applications, addressing key challenges in aerodynamic
and aeroacoustic design. The study concentrates on three primary propeller categories: GA
propellers, lift propellers, and tilt propellers, as they are most affected by electrification. Unlike
turboprops and open-fans, which are typically analysed using high-fidelity simulations, and
rotors, which operate at constant rotational speeds, these propeller types benefit significantly
from the variable-speed capabilities of electric motors. Similarly, low-Reynolds-number drone
propellers are subject to fewer performance constraints, reducing the necessity for highly accurate

predictive methodologies.

A key challenge in the electrification of air mobility is the lack of experience manufacturers have
in the design of electrically driven propellers. This gap is even more pronounced in the context
of AAM, as there is currently no extensive knowledge about the design of propellers for such
applications. This thesis addresses the gap by providing a reduced-order model for the design of
this type of propeller. Accordingly, it formulates and addresses three central research questions

(RQ) concerning the required modelling effort.

RQ 1 - How applicable are reduced order aerodynamic simulation methods for
electrically driven propellers in conceptual design?

The conceptual design requires a reduced-order model. Since the model is implemented within
an optimisation routine, only the blade element momentum theory (BEMT) is considered, as it
is significantly faster than, for example, the lifting line theory. Induced velocities are described
using the general momentum approach. Axial and tangential induced velocities are derived for
hover conditions. The 2D airfoil data are computed using XFOIL. These data are extended to
the post-stall region by means of a 3D stall model. Stall modelling is essential, as parts of the
propeller may operate in deep-stall conditions during a flight mission. The classical tip and root
loss correction according to Prandtl is applied to account for 3D effects. Additionally, a novel

sweep correction model is included to improve prediction accuracy for highly swept propellers.

The model is validated using multiple experimental datasets, both obtained by the author and
extracted from literature, as well as through CFD RANS simulations. The advanced BEMT
model predicts thrust and torque under hover and forward flight conditions, and for multiple
propeller geometries with an accuracy of 10%. Each operating point is simulated within a
second on a standard desktop computer, making the method well-suited for conceptual design

and integration into an MDO approach. This level of accuracy is only achieved if the blade
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is discretised into at least 30 sections. However, depending on the models applied, predicted
thrust and torque can deviate by up to 10% when using no corrections and the simple momentum
theory. Performance prediction deviates by a further 15% when the 3D stall model is replaced
with a post-stall model that neglects 3D effects. It is also shown that drag prediction is less

critical for overall performance estimation, whereas accurate lift prediction is essential.

The comparison of four blade-resolving CFD RANS simulation approaches for performance
prediction shows deviations of up to 10% between them. Time-resolved unsteady RANS simu-
lations, which require at least four times the computational effort, improve thrust and torque
prediction—particularly under hover conditions. The comparison between the steady moving
reference frame CFD RANS simulation and experimental data shows an accuracy of 10%. Due
to the high computational cost of unsteady simulations, they are less commonly used for propel-
ler performance prediction. Instead, the moving reference frame approach is typically employed
for CFD RANS propeller analysis.

After addressing the question of aerodynamic simulation effort, the thesis continues with the
question of acoustic simulation effort. The acoustic method must be compatible with the aero-

dynamic method, as both are intended to be integrated into an optimisation framework.

RQ 2 - Which aeroacoustic simulation method enables accurate prediction of noise
from electrically driven GA and AAM propellers in conceptual design?

To answer the second research question, three different tonal noise models according to Gutin,
Hanson, and Farassat are analysed in detail. Only Farassat’s formulation is capable of con-
sistently predicting tonal noise emissions across a wide range of operating conditions. It is
validated against experimental data from the literature and remains within an error margin of
7 dB across three different propeller geometries and various operational conditions. A temporal
discretisation of 540 points per revolution with 36 blade sections is required. Hanson’s model
does not align with Farassat’s predictions when analysing different propellers in various oper-
ational regimes. Therefore, Hanson’s model is not reliable and should not be used in a design

routine.

However, while tonal noise dominates in general aviation and helicopter applications, it is only
one contributor in the AAM. In addition to tonal noise, broadband noise must also be analysed.
To account for broadband noise, the Brooks, Pope, and Marcolini (BPM) model is introduced.
Validation shows that broadband noise can be predicted with the BPM model within an error

margin of 7 dB.

Electrification allows for reduced propeller rotational speeds, as electric motors provide higher
torque at lower speeds compared to combustion engines. This enables significantly lower tip
Mach numbers. At low tip Mach numbers, broadband noise dominates overall noise emissions,
while tonal noise becomes less significant. This effect becomes more pronounced when acoustic

weighting is applied, as low frequencies are damped by the weighting.
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A BEMT method using Farassat’s Formulation 1A, combined with the BPM model and acous-
tic A-weighting, is required to optimise propeller noise. These models are integrated into a

multidisciplinary optimisation (MDO) framework to answer the third research question.

RQ 3 - How can electrically driven propellers be designed with aerodynamic, aero-
acoustic, and aeroelastic considerations for a complete flight mission during con-
ceptual design?

The third research question is assessed in two steps. First, a singular aerodynamic design accord-
ing to the minimum induced loss conditions for hover and cruise is performed. The aerodynam-
ically designed propellers are then analysed acoustically. As completely different blade shapes
are optimal for hover and cruise, a method is required that balances aerodynamic performance

and noise emissions over an entire flight mission.

An MDO approach is applied to optimise both energy consumption for a flight mission and noise
emissions during hover. A serial approach is used: blade number and diameter are optimised
first, followed by the blade shape. It is shown that considering the motor efficiency map, motor
mass, and propeller mass is crucial to identifying the optimal diameter and blade number for
a given mission. Additionally, a comparison between a fixed-pitch propeller and a variable-
pitch propeller is presented. The blade shape optimisation reveals that the fixed-pitch propeller
produces 0.8 dB(A) less noise in hover conditions, but the variable-pitch propeller is 6.1% more
efficient over the complete flight mission. However, the increased complexity of the variable-pitch

system must be weighed against its operational efficiency.

The answers to the three research questions provide guidance for the application of aerodynamic
and acoustic analysis and design procedures. This thesis establishes a robust framework for
the conceptual design of propellers. On the one hand, the design procedure can be applied in
conceptual aircraft design to determine the optimal propeller diameter, which directly influences
the configuration in AAM. Furthermore, the optimisation framework supports decision-making
regarding whether a pitch system is required. On the other hand, propeller manufacturers can

use the framework to optimise the blade shape in detail for specific requirements.

Several aspects require further investigation and refinement to enhance the accuracy and appli-

cability of the approach.

In terms of aerodynamics, the current performance prediction methodology could be improved
by incorporating a more sophisticated stall model. The existing approach relies on empirical
corrections and simplified assumptions, which may not fully capture complex three-dimensional
flow phenomena, particularly under off-design conditions. A more advanced stall model would
allow for improved accuracy in predicting aerodynamic performance across a wider range of

operating states.

Regarding aeroacoustics, the broadband noise model currently used in the optimisation frame-
work is based on empirical correlations. Future work should focus on integrating a more advanced

broadband noise model that accounts for boundary-layer effects with higher fidelity. This would
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enable a more precise evaluation of noise emissions, particularly in AAM applications, where

broadband noise might dominate.

The MDO can also be extended to further enhance the design process. An improved motor
model, incorporating more detailed efficiency maps and loss mechanisms, would increase the
reliability of power consumption predictions. Additionally, integrating an electric inverter and
battery model into the optimisation would allow for a more comprehensive assessment of the
entire propulsion system, capturing key interactions between the battery, inverter, and motor. A
detailed design approach with iterative coupling between the motor and propeller design would

further refine system-level performance, ensuring that both components are optimally matched.

Finally, for hover propellers, moment of inertia plays a crucial role in flight control. Future
work should include an additional optimisation constraint to minimise the moment of inertia,

improving the dynamic response of the propeller for vertical take-off and landing applications.

These extensions will contribute to a more accurate and holistic design framework, ensuring
that electrically driven propellers meet the demanding requirements of next-generation AAM

solutions.
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A Derivation of general momentum theory

Analysing the aerodynamic forces on a propeller blade involves understanding the relationship
between the velocities and the forces generated. In this section the general momentum theory
is derived in detail, because it’s missing in the standard literature. As the derivation is done for
a 2D section, the radial dimension dr is skipped in the derivation.

The thrust 77 (eq. (A.1)) and the torque @’ (eq. (A.2)) on an angular section of the propeller
blade can be described by the following equations:

T = ngC(cl cos(P) — ¢gsin(P))Np (A.1)
Q = ngc(cl sin(®) + cq cos(®))Npr (A.2)

The axial and tangential velocities (v, and v;) are reformulated with the induction factors instead
of the shown summation of absolute velocities in eq. (2.36) and eq. (2.37).

Vg = Voo (1 + ag) (A.3)
v =wr(l —ay) (A4)
Therefore, the relative velocities changes to eq. (A.5).
w? = (wr(l = ar))® + (voo(1 + aq))? (A.5)
With the new induced velocities, the helix angle could be reformulated.

tan(®) = Yo (11 da)

wr (1 —ay) (A-6)

The tangential induced velocity is expressed as function of the axial induced velocity and the

helix angle.
_ Uso(1+aq)
wr(l —ay) = tan(®) (A.7)

Applying trigonometric functions, with the identities 1+ tan?(®) = COSQI@) and tan(®) = zg;((?),

simplifies the resulting velocity formulation eq. (A.5) to (A.8).

w? = (voo(1 + aq))? (tan;(@) + 1) (A.8a)
an2

w? = (Voo (1 + aq))? (W) (A.8b)

0 = o1+ 00 ( gy (A50)

W2 — Wl +a0))? (A.8d)

sin?(®)
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The sectional thrust formulation eq. (A.1) is reformulated to eq. (A.9) by inserting the velocities.

(Voo (1 + aa))Q

P
Z / = —
2 sin?(®)

c(cpcos(®) — cgsin(P))Np (A.9)

By application of the simple momentum theory on the strip, the sectional thrust can be calcu-
lated with eq. (A.10a), which is reformulated with the use of the axial induction factor (eq. (A.3))
to eq. (A.10b)

T =2p-21r - v(v — Voo) (A.10a)
T' = 4prr - v2 a0 (1 + aq) (A.10Db)

Equalizing eq. (A.9) and eq. (A.10b), inserting the solidity (eq. (2.30)) and resolving it to the
induction factors leads to eq. (A.11).

o(cpcos(®) —cq Sin@))) (A.11)

ta = (1+0a): ( 4sin?(P)

The analogue procedure is applied for the derivation of the tangential induction factor. However,
instead of the axial momentum theory the angular momentum theory have to be applied.

L.em - Lmt = ZM = Q (A12)

Therefore, the angular momentum equation (eq. (A.12)) can be reformulated, for the area 4mr-dr
(with dr = 1). The negative sign is dropped to maintain the sing convention of the torque
calculation.

L =11 u= pdnrve - T - wr (A.13a)
L =1 -1 u=pdnrvs -7 - wr(l — a) (A.13b)
Q' = —pATrvse - T - W - ay (A.13c)

Eq. A.13 shows, that the torque is acting against the rotation due to the sign of the equation.
Eq. A.13 is equated with eq. (A.2). However, in eq. (A.2), the velocity formulation of w? is
reformulated with the result of eq. (A.15).

The velocity formulation eq. (A.5) is reformulated to replace the axial velocity formulation done
in eq. (A.7).

Voo(l 4+ ag) = wr(l — a;) tan(P) (A.14)
w? = (wr(l —ar))? + (wr(l — az) tan(®))? (A.15a)
w? = (wr(l — a;))?(1 + tan(®)?) (A.15b)
w? = M (A.15c)

cos(®)?
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Thereby, the sectional torque equation eq. (A.2) can be reformulated with eq. (A.15) to
eq. (A.16).
(wr(1 — ayp))?

cos(®@)2 c(epsin(®) + ¢4 cos(P))Npr (A.16)

r_ P
@=5
leading to following eq. (A.17)

20 - [arsin(@) + cacos(@)]  voo

4 cos?(¢) u (A-17)

ar = (1 —ay)

In case, that the velocity w? is replaced by eq. (A.8) the sectional torque results in eq. (A.18).

(Voo (1 + ag))?

@/ = 50 (o in(@) 4 cacon(®) N (A1)

Thereby the tangential induction factor results in eq. (A.19) instead of A.17. However, both
equation could be translated into each other.

20 - [asin(¢) 4 cacos(@)]  u
4sin®(¢) Voo

ar = (1+ aq) (A.19)

However, eq. (A.17) and eq. (A.19) are only valid for moderately loaded propeller. The equation
is not valid for hover conditions, because the incoming velocity is not v.,. Instead the axial
induced velocity have to be inserted in eq. (A.13).

Ly =17 u= pdnrves(1 + ag) - - wr (A.20a)
L, =11 u=pdrrve (1 +ag) - r - wr(l — ay) (A.20b)
Q' = —pdrrve (1 +ag) -7 wr-ay (A.20c)

The sectional torque coefficient could pe expressed as function of the axial induction factor
(eq. (A.16)) or the tangential induction factor (eq. (A.18)). Equalising equation eq. (A.20)
and eq. (A.16) results in eq. (A.21) for the tangential induced velocities, which is used for the
calculation in this thesis.

o - [asin(¢) + cacos(d)] v

ar = (1+aq) 15in2(9) » (A.21)
Equalising equation eq. (A.20) and eq. (A.18) results in eq. (A.22).
0 — i;(cllt o-[a sir;(c(i)szz(;;l cos(¢)] vi

¢ > (A.22)

o - [esin(¢) +cacos(¢)] 1
4 cos? (o) tan ¢
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Fig. A.1 presents a comparison of performance predictions using the four derived equations for
angular induced velocity: eq. (A.17), A.19, A.21, and A.22!. Diagram a) depicts the thrust

predictions, while diagram b) illustrates the torque predictions.

With the hover equation, thrust and torque increase at shallow advance ratios, whereas with
the cruise equations, thrust and torque decrease as the advance ratio approaches hover. This
phenomena is causend by the reduction of mass flow within the cruise formulation. Furthermore,
fig. A.1 demonstrates, that the different formulations for hover and for cruise results in the same
predictions. The prediction is numerically stabilised by applying artificial damping, detecting

extrema, and limiting the helix angle to a maximum of 90°.

-2
2.0 10 :
cruise eq. (A.17)
. — - cruise eq. (A.19)
1.5¢ hover eq. (A.21)
/—\ ~~~~~ hover eq. (A.22)
— 1.0}
&~
S
0.5+
0.0 - - - . L
0 01 02 03 04 05
a) advance ratio (-)

Figure A.1: Comparison of aerodynamic performance with different equations for the tangen-

tial induction factor
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B Physical Background of Applied RANS
Simulations

Appendix B provides further details about the simulation approach. Fig. B.1 illustrates the
mesh of the moving reference frame simulation approach. The base size of the shown meshes
is 0.55 - Diameter. The mesh density is controlled by three offset functions, which generate a
smooth transition from the coarser mesh to the finer mesh at the surface. The blue mesh domain
represents the propeller-attached mesh, while the brown mesh represents the static mesh. The
blue mesh is used for modelling blade motion.

The left diagrams in fig. B.1 show a side view normal to the propeller plane, while the right
diagrams provide a front view of the propeller plane. The upper left diagram depicts the mesh
for the moving reference frame approach (MRF). The highlighted boundary is cylindrical and
separates the moving frame from the static frame. The upper right diagram illustrates the
periodic moving reference frame (MRF) approach, including its interfaces. The periodic MRF
domain size is the same as in the standard MRF simulation.

The lower left diagram depicts the mesh for the RBM simulation. Here, the moving frame
is significantly shorter compared to the MRF approach to accelerate the simulation. Wake
information are transported across the boundaries into the static region, allowing the rotating
domain to be smaller. The smaller the rotating domain, the faster the simulation, as less volume
requires transformation.

The fourth diagram illustrates the overset mesh approach, which features the smallest rotating
volume. The rotating domain is defined by the second offset mesh shown in the upper left
diagram.
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Moving Reference Frame Periodic Moving Reference Frame

periodic

periodic
interface 1

interface 2

moving frame

Overset Mesh

Figure B.1: Mesh comparison for different simulation approaches

Further details about the mesh resolution are provided in B.2 and B.3. Fig. B.2 offers a closer
view of the mesh resolution at the blade tip. The mesh density is increased around the leading-
edge, tip, and trailing-edge. A high mesh density is particularly necessary at the thin leading-
edge to accurately resolve the geometry.

Blade Tip

Trailing-Edge

Leading-Edge

Figure B.2: Surface mesh at the propeller tip
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Fig. B.3 shows the pressure distribution at a blade section located at 75% of the radius. The
displayed pressure distribution bases on the reference conditions presented in table 2.1 simulated
with the MRF approach. The boundary layer parameters are constant along the blade. They are
defined according to the flow conditions of the 75% section shown in fig. B.3. The prism-layer
thickness is reduced at the leading and trailing-edges to maintain appropriate cell aspect ratios
within the prism layer. The number of prism layers is also reduced at the trailing-edge due to
stability issues.

Furthermore, fig. B.3 illustrates the transition from the fine mesh near the blade surface to
the coarser mesh in the surrounding vicinity. The highest mesh density is observed at the
leading-edge.

Pressure (Pa)
<-4200.0 -2320.0 -440.00 1240.0 3320.0 > 5200.0

Figure B.3: Mesh visualisation at the 75% radial propeller section
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Fig. B.4 presents the mesh independence study for all four simulation approaches Diagram a)
illustrates the thrust dependency on the number of cells (in millions), while diagram b) depicts
the torque dependency. A comparison of diagram a) and diagram b) reveals that torque predic-
tion requires more cells than thrust prediction to achieve mesh independence. This behaviour
is consistent with the 2D RANS simulations, where drag converges more slowly than lift (cf.
fig. 2.16).

The MRF simulation without periodic interfaces achieves mesh independence beyond 60 million
cells. The periodic MRF simulation requires 49 million cells, while the RBM simulation converges
at 52 million cells. The overset mesh simulation achieves mesh independence with the smallest
cell count, at 39 million cells.

As a result, the periodic approach provides no significant advantage over the full MRF simulation
in terms of cell count. Moreover, the periodic interfaces introduce additional computational
overhead, slowing down the simulation. Consequently, the periodic and non-periodic approaches
require similar computational time.
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Figure B.4: Mesh independence study for the different simulation approaches
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Fig. B.5 compares the vorticity in the propeller plane across four simulation approaches: the
moving reference frame (MRF) approach without periodic interfaces, the MRF approach with
periodic interfaces, the rigid body motion (RBM) approach, and the overset mesh approach.

This figure serves as a continuation of fig. 2.23, where a quarter of the MRF, RBM, and overset
mesh simulations are extracted and compared. The physical details of these simulations are
provided in section 2.3.3.

Moving Reference Frame Periodic Moving Reference Frame

periodic periodic
interface 1 interface 2

j=)

5]
=~ S - o
L. 9 NS S < S
Vorticity ~ N N N v
magnitude [ | 8 E

(1/s)

Overset Mesh

Figure B.5: Comparison of the vorticity in the propeller plane for the different simulation
approaches
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C Comparison of Different Series of
Measurements

The following two figures (C.1 and C.2) illustrate the deviation between different series of mea-
surements conducted under varying atmospheric conditions. Between these measurement series,
the test bench is disassembled and reassembled to eliminate systematic errors.

Multiple measurement series are carried out to verify that parameters such as the settings of the
electronic speed controller, the sampling frequency of the force balance, the sampling duration,
and other operational parameters are valid.

Fig. C.1 presents the results without any correction for density changes. Despite this, the
agreement between the curves demonstrates the repeatability and reliability of the measurement
data.

Fig. C.2 depicts non-dimensional parameters, which exhibit perfect alignment between the dif-
ferent series.

150 . . Vi 8
—o— Measurement 1 /
—a - Measurement 2
Measurement 3
100+
3
7
jm}
5
=
+ 50+ 2
0 : : 0 : :
1000 2000 3000 4000 1000 2000 3000 4000
a) rotational speed (rpm) b) rotational speed (rpm)

Figure C.1: Performance measurement of the four-bladed propeller in hover for three different
series of measurement
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Figure C.2: Performance measurement of the four-bladed propeller at different advance ratios
for three different series of measurements

The propeller axis is mounted horizontal. However, the most wind tunnels has some kind of
non-symmetric inflow. To check the flow conditions an AoA sweep is performed.

Fig. C.3 shows the AoA dependency of the two-, three-, and four-bladed propeller. Diagram a)
shows the thrust coefficient over the angle of attack of the horizontal axis and diagram b) shows
the torque coefficient.

The trend between diagram a) and b) does not match. While in diagram a) the AoA for minimal
thrust depends on the blade number, the minimal torque is reached at 0° for all blades. The
thrust curve of the two-bladed propeller reaches a first minimum at +1° and increases towards -
2° but then decreases again. The thrust curve of the three-bladed propeller reaches it’s minimum
at -4°, and of the four-bladed propeller at -2°.

-3 -3
3.5 10 . . 14 20 . . .
—o— 2 blades
—0 -3 blades
3.0+ 4 blades 1.2}
/[
) 1.0} ]
-« - o
~ 25¢ R o
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S e S 0.8t ]
gormo &
2.0} - ]
0.6 .
1.5 - - 0.4 - -
-10 0 10 20 -10 0 10 20
a) angle of attack (deg) b) angle of attack (deg)

Figure C.3: Angle of attack dependency of thrust and torque for the two-, three-, and four-
bladed propeller at the advance ratio of 0.5

Because fig. C.3 does not exhibit a clear trend, the non-dimensional forces and moments around
all three axes are presented in fig. C.4. The coefficients are calculated according to eq. (2.15)
and eq. (2.16), with forces and moments replaced to correspond to the respective axis. The axes
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of the force balance are defined such that the z-axis points in the thrust direction. These values
are shown in fig. C.3. The y-axis represents the axis of rotation, while the x-axis, following the
right-hand rule, points towards the ground in this wind tunnel setup.

The first row of fig. C.4 presents the x- and y-force coefficients in diagrams a) and b), respectively.
The second row shows the x- and y-moment coefficients in diagrams c¢) and d) for all three blade
configurations.

In all four diagrams, the zero-crossing occurs approximately at 0° AoA, indicating an axisym-
metric inflow. As a result, all measurements are conducted with the propeller axis at 0° AoA.
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Figure C.4: Angle of attack dependency of in plane forces and moments for the two-, three-,
and four-bladed propeller at the advance ratio of 0.5
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D Additional Information about Acoustic
Models

Appendix D is organised into four sections. First, key mathematical transformations are pre-
sented. Second, the potential of sweep for noise reduction is briefly described. Third, the
acoustic mesh and the time-independence study are discussed.. Finally, the missing figures for
the assessment of the different acoustic models are provided.

D.1 Mathematical Operations for Noise Calculations

Eq. D.1 shows the transformation from SPL to sound pressure and vis versa.
P 2 2 Lp
Do

To maintain the logarithmic behaviour of the SPL, p have to be summed. After summation of
P, the new p have to be transformed back into the SPL according to eq. (D.2).

Lp;
L,y = 1010g10(z 10710") (D.2)

The equation shows, that summing two noise sources results in an increase of approx. 3dB.

If two noise sources should be subtracted, eq. (D.3) shows the logarithmic rule applied on noise
calculations .

L,o
ALy = 10logyo(Lp,2) — 1010gyo(Lyp2) = 10103?10(11]771) (D-3)

p7
The transformation from the frequency domain into the time domain can be performed in
different ways. In cases where a single-sided amplitude spectrum (p = func(f)) of the acoustic
results is available, the time-domain solution can be calculated. The amplitude spectrum can
be generated using a fast Fourier transform (FFT) from any time-domain signal.

pe =Y (p-sin(2m- fi-t+)) (D.4)

7

As a first assumption, the approximation stated in eq. (D.5) can be applied, based on the premise
that the noise signal is sinusoidal.
p=p-V2 (D.5)



190 Chapter D. Additional Information about Acoustic Models

D.2 The Potential of Sweep for Noise Reduction

The potential noise reduction achievable through sweep is reported in [34, 73]. However, this
potential can only be utilised for higher frequencies.

Sweep leverages constructive interference between noise sources to reduce noise emissions. These
noise sources are located on the propeller blade. Perfect constructive interference requires a
phase shift of 180°. A phase shift can be achieved through a spatial displacement between the
noise sources.

The wavelength A of a noise source on the propeller blade can be calculated using eq. (D.6). As
an example, eq. (D.6) calculates the wavelength for a blade passing frequency (BPF) of 100 Hz.
The resulting wavelength is 3.4 m, which means that a spatial displacement of 1.7 m is required
to achieve a phase shift of 180°. This displacement cannot be reached by sweep. Therefore,
sweep is only effective at higher BPF frequencies, which could be achieved with more blades or
faster spinning propeller.

3407
A=co/f =cy/BPF = 100Hz_3'4m (D.6)

Sweep cannot be applied for the reduction of broadband noise, because broadband noise is a
stochastic phenomena.

D.3 Mesh and Time Independence Study of the Farassat’s Model

The tonal SPL sensitivity to temporal and spatial discretisation is already discussed in sec-
tion 3.1.3. However, the influence on the sound pressure is not presented in section 3.1.3.

Fig. D.1 illustrates the temporal discretisation study. Diagram a) shows the resulting sound
pressure over time, while diagram b) displays the difference between the finest and the coarser
simulations. The temporal discretisation is expressed as steps per revolution, where a higher
number of steps corresponds to a smaller time step. This representation is independent of the
rotational speed.

Diagram a) shows no distinguishable differences in the time history above 90 steps per revolution.
However, diagram b) reveals differences up to 540 steps per revolution. These findings align with
the SPL independency discussed in fig. 3.7.
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Figure D.1: Influence of spatial discretisation on the sound pressure

Fig. D.2 presents the spatial independence study, with the sound pressure shown in diagram
a) and the differences shown in diagram b). The spatial discretisation is described in terms of
radial steps, ranging from a step size of 10% of the radius (resulting in 5 sections) to a step size
of 0.5% (resulting in 200 sections).!

As in fig. D.1, diagram a) shows no significant differences in the time history across the various
spatial discretisations. However, diagram b) reveals that a step size of at least 2.5% should be
used to ensure a mesh-independent solution.
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Figure D.2: Influence of temporal discretisation on the sound pressure

I The propeller root, which ranges from 0% to 0.15% of the radius, is not modelled using the BEMT and the F1A

approach.
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D.4 Supplementary Diagrams of the Assessment of acoustic models

Finally, supplementary diagrams that are not included in section 3.4 are provided. For each
subsection of section 3.4, a separate subchapter is included.

D.4.1 Distance Variation

First, the supplementary figures for the distance variation at fixed pitch and advance ratio are
assessed to illustrate the observer position dependency. Fig. D.3 and fig. D.4 present the contour
plots for different distances for the two- and three-bladed propellers.

A comparison of the figures reveals that the trends between the two- and three-bladed propellers
match perfectly. However, the SPL amplitudes differ slightly between the two configurations.
In the two-bladed propeller case shown in D.3, the F1A plot contains a small zone of 80 dB(A),
which is not present in the three-bladed case.
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Figure D.3: Acoustic Assessment: Distance variation in case of a two-bladed propeller
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Figure D.4: Acoustic Assessment: Distance variation in case of a three-bladed propeller
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D.4.2 Wind Tunnel Comparison

Second, supplementary figures for different wind speeds at constant pitch are provided. As in
the previous case, fig. D.5 and fig. D.6 exhibit similar trends between the two- and three-bladed
propellers, with slightly differing amplitudes.

The two-bladed propeller in fig. D.5 demonstrates a larger noise reduction due to increased
advance ratios compared to the three-bladed propeller in fig. D.6.
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Figure D.5: Acoustic Assessment: Axial speed variation in case of a two-bladed propeller
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Figure D.6: Acoustic Assessment: Axial speed variation in case of a three-bladed propeller

For the sake of completeness, the observer sweep at an advance ratio of 0.5 is shown, as performed
in the analysis of the first case in fig. 3.25.

The comparison between the two-bladed (diagram a) and three-bladed (diagram b) propeller
reveals that their noise emissions are approximately the same. However, the noise emissions of
the four-bladed propeller are reduced by 5 dB.

A closer examination of D.7 shows that the two-bladed propeller produces slightly lower noise
emissions than the three-bladed propeller.
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Figure D.7: Comparison of the tonal noise models for different blade numbers at an advance

ratio of 0.5

D.4.3 Overflight Comparison

Finnaly the supplementary figures for the overflight comparison with consideration of the
Doppler effect is presented. As in the previous cases, the contour plots in fig. D.8 and fig. D.9
reveals that the trends matches and the noise of the three-bladed propeller in fig. D.9 is slightly
higher than of the two-bladed propeller in fig. D.8.
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Figure D.8: Acoustic Assessment: Overflight with different advance ratios for variable observer
position for a two-bladed propeller
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Figure D.9: Acoustic Assessment: Overflight with different advance ratios for variable observer
position for a three-bladed propeller

Fig. D.10 parallels fig. 3.29 and includes Doppler effects. The comparison in fig. D.10 shows that
the two- and three-bladed propellers emit similar noise levels. The four-bladed propeller emits
less noise. Gutin’s model predicts a noise reduction with increasing advance ratio for all cases.
Hanson’s model predicts an increase in noise emissions. The F1A model predicts a reduction
for the two-bladed case, a constant SPL for the three-bladed case, and a slight increase in the
four-bladed case. Hanson’s and Gutin’s models do not show the trend of the validated F1A
prediction methodology.

| —— Gutin — - Hanson - - FI1A |
2 blades 3 blades 4 blades
60 - - 60 - - 60 : :
N 55 H5F
=
m
=
&
& 50 50}
45 45 45
0 0.2 0.4 0.6 0 0.2 0.4 0.6 0 0.2 0.4 0.6
a) advance ratio (-) b) advance ratio (-) c) advance ratio (-)

Figure D.10: Comparison of the tonal noise models for different blade numbers in overflight
conditions for a variable advance ratios
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E Additional Information about Design
Procedures

Appendix E provides further information about the MIL design procedure and the MDO proce-
dure. First, additional details on the comparison between the MIL-designed propeller and the
reference propeller are provided. Second, a stepwise explanation of the MDO approach is given.

E.1 Comparison of Reference Propeller and Minimum Induced Loss
Propeller

This appendix provides additional information about the assessment of the novel design proce-
dure. The hard facts are stated in section 4.1, but the underlying simulation results are shown
in the following three figures. The reference propeller is depicted by the solid black line, while
the MIL design propeller is depicted by the magenta dashed line.

Fig. E.1 presents the static hover performance results. Diagram a) shows the thrust curve,
diagram b) the torque predictions, and diagram c) the Figure of Merit. The comparison shows
that the thrust matches perfectly over the complete operating range, while the torque is slightly
reduced. This torque reduction leads to an increased Figure of Merit.
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Figure E.1: Comparison of static aerodynamic performance in hover between the MIL and
reference propeller

The second figure depicts the aerodynamic performance comparison for different wind speeds.
Diagram a) shows the thrust coefficient, diagram b) the torque coefficient, and diagram c) the
propulsive efficiency. The comparison reveals that the MIL propeller performance deteriorates
at higher advance ratios, and the achievable maximum advance ratio is significantly reduced.
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However, the propulsive efficiency remains the same up to an advance ratio of 0.2. Beyond this
point, the efficiency degrades compared to that of the reference propeller.
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Figure E.2: Comparison of aerodynamic performance at different advance ratios between the
MIL and reference propeller

In the last figure, the noise emissions of both propellers are decomposed into thickness, loading,
broadband, and total noise components. The solid lines represent the reference propeller, while
the dashed lines represent the MIL propeller. Fig. E.3 shows the SPL over the observer position
for a normalized distance of 10 diameters.

The comparison of the loading noise (blue) shows that both propellers emit the same loading
noise. The thickness noise (cyan) of the MIL propeller is 10 dB higher than that of the reference
propeller. This increase is caused by the increased chord length of the MIL propeller compared
to the reference propeller, even though the relative thickness is lower. On the other hand, the
broadband noise (magenta) is slightly lower for the MIL propeller compared to the reference
propeller.

The overall sound pressure level of the MIL propeller is increased by 2.4 dB at the 95° observer
position. Far upstream and downstream, the MIL propeller is less noisy because broadband
noise dominates in these regions.
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Figure E.3: Comparison of the noise emissions for the MIL and reference propeller in hover

E.2 Stepwise Explanation of the Multidisciplinary Optimisation
Approach

Following enumeration presents a step-by-step description of the MDO approach with the mission
analysis.

1 Define geometry using CST or MIL.
Check whether the geometry meets the geometric constraints.
If the geometry does not meet the constraints, go to the last step.
Calculate blade mass.
Estimate motor mass.
Calculate new required thrust.
Within the mission analysis, the power consumption at each operating point is calculated.
6.1 Define the lower and upper bounds of the rotational speed based on the blade tip
Mach number limitations.
6.2 Perform a parabolic fitting with different rotational speeds to find the matching
thrust.
6.3 Repeat this fitting until thrust converges within 1%.
If the propeller does not generate sufficient thrust, go to the last step.
6.4 In the case of a variable-pitch propeller, repeat this fitting for each pitch angle to find
the minimal power consumption.
6.5 Determine rotational speed, torque, shaft power, and propeller pitch.
Generate motor efficiency map using aerodynamic results.
Calculate motor efficiency for each operating point.
Calculate electric energy consumption.
10 Calculate noise emissions using aerodynamic properties.
11 Compute the weighting value between energy and noise emissions.
12 Perform genetic crossing, considering the weighting function, and restart from step 1.
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F Additional Information about Optimisation
Studies

This appendix provides additional information about the parameter variation within the single
point MIL design study and the multidisciplinary optimsiation study.

First some additional information for the parameter variaon in section 5.1 are provided and
second for the section 5.2.

F.1 Additional Information about the Influence of the Blade Number
Variation on the Aeroacoustic Assessment

This supplementary information provides additional insights into the blade number variation.
While not crucial for the main argumentation, it is helpful for classifying the results.

Fig. F.1 presents the blade pitch in diagram a), the effective AoA at 75% of the radius in
diagram b), and the relative TE thickness at 75% of the radius in diagram c).

The blade pitch diagram clearly highlights the issue with the two-bladed propeller in hover
conditions. To generate the required thrust, the two-bladed hover propeller requires a pitch
of 4.5°, whereas most geometries are trimmed within 0.5°. The eight- and nine-bladed cruise
propellers require negative blade pitch, as they generate excessive thrust due to their chord
length reaching the lower bound of the parameter space.

The AoA distribution in diagram b) shows an increasing trend in hover, ranging from 3° for
the three-bladed propeller to 4.5° for the nine-bladed propeller. For cruise, the AoA distribu-
tion follows a parabolic trend, peaking at 5.5° for the six-bladed geometry and decreasing to
approximately 4° at both the upper and lower blade number limits.

The trend of the relative TE thickness at 75% of the radius aligns with the aspect ratio trend
presented in fig. 5.1. The lowest TE thickness is 0.3%, while the highest reaches 5%.
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Figure F.1: Blade pitch, AoA and TE thickness as function of the blade number

Fig. F.2 provides a measure for blade volume and blade loading to classify tonal noise. Dia-
gram a) presents the blade area multiplied by the number of blades at 75% of the radius as
an indicator of blade volume. Since the 75% section is a two-dimensional representation, the
volume is approximated by the total blade area at this section. This area or volume is relevant
for thickness noise. Diagram b) depicts blade loading, which directly influences loading noise.

The propeller area at 75% radius ranges from 150 ¢m? to 25 ¢m? under hover conditions. For
cruise designs, the area varies between 20 ¢m? and 7 em?. In the cruise designs, the propeller
area remains nearly constant from the four- to the nine-bladed configuration.

For comparison, a DIN A4 page has an area of 625 cm?, highlighting the extremely thin nature
of the propeller blades. Even the three-bladed hover propeller, with a chord length of 17 cm,
covers only a quarter of a DIN A4 page.

Blade loading decreases inversely proportional to the blade number, which results from the fixed
design thrust in both cruise and hover conditions.
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Figure F.2: Total blade area and loading as function of the blade number
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F.2 Multidisciplinary Optimisation for the Reference Mission

Tab. F.1 provides additional information about the optimisation using the genetic algorithm.
The presented values are also discussed in the main body but are summarised in this table for
clarity.

Table F.1: Summary of detailed information about the optimisation process

Number of Geometries Pareto .
Study Name Generations found Length Fraction
Baseline 271 3352 26 0.8%
Optimisation
2 Broadband 169 2479 43 1.7%
Noise
Acoustic
3 Weighting (A /D) 157 / 154 2035 /2105 13 /31 0.6% / 1.5%
Pitch
4 System (F/V) 157 / 127 2035 /2127 13 /20 0.6% / 0.9%
5 Mass (F/V)| 249/156 1763 /3893 31/27 1.8% /0.7%
Penalty 270 L B0
Motor
6 Efficiency (F/V) 146 / 295 2289 /3579 33 /53 1.4% / 1.5%
BSO (F/V) 534 / 277 13250 / 4369 20 /45 0.2% / 1.0%

Next, the mission geometries of the sweet spots from the mass penalty assessment in sec-
tion 5.2.1.3 and the motor efficiency assessment in section 5.2.1.6 are presented for the sake
of completeness.

Fig. F.3 shows the comparison of the geometries between fixed- and variable-pitch propeller with
consideration of the system mass. The fixed pitch propeller is more slender than the variable
pitch propeller. The root chord length is reduced by about 15cm, while the tip chord length is
similar in both cases. Furthermore, the twist distribution of the fixed pitch propeller is approx.
5° lower than of the variable pitch propeller.
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Figure F.3: Comparison of the sweet spot geometries between fixed and variable pitch propeller
with consideration of mass penalties (Study 5)
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Fig. F.4 shows the comparison of the geometries between fixed- and variable-pitch propeller
with consideration of the motor efficiency map. However, the chord distribution of the variable
pitch propeller changes significantly and has moved closer to the fixed pitch geometry. The twist
distribution shown in diagram b) of F.4 are unchanged compared to diagram b) of F.3.
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Figure F.4: Comparison of the sweet spot geometries between fixed and variable pitch propeller
with consideration of mass and motor penalties (Study 6)

F.3 Insights in Final RANS Simulations

sThe optimisation of the parameter space results in a blade number of five in the fixed-pitch
and eight in the variable-pitch case. Furthermore, the diameters are significantly larger than
the diameter of the reference propeller. This combination leads to a problem in the CFD RANS
simulations.

The curvature of the leading edge and the chord length define the required cell sizes on the
blade surface. As the chord length and curvature are similar to the reference propeller, the cell
size is similar. However, as the diameter and blade number increase, the overall computational
effort increases significantly. A first estimation of the five-bladed propeller with a diameter of
3.4 m and an appropriate surface resolution results in 400 mio. cells. However, this is only
the beginning of the mesh independence study. Even with access to the RWTH Aachen cluster
CLAIX 2023, this propeller cannot be efficiently modelled with all blades.

Therefore, the CFD simulations are simplified. First, periodic boundaries are applied. The
periodic boundaries significantly reduce the mesh size, especially for the eight-bladed variable-
pitch propeller. The modelling effort increases, but the computational domain significantly
decreases.

Appendix B shows that the periodic approach has worse convergence in the mesh independence
study and results in lower thrust and torque compared to the other approaches. However,
the overall prediction is within 10% relative to the MRF approach without periodic boundary
conditions.

As the fixed- and variable-pitch propellers should be compared, both simulations are performed
with the same base size relative to the diameter. Since the diameter of the variable-pitch
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propeller is smaller compared to the fixed-pitch propeller, the cell size decreases from the fixed-
to the variable-pitch propeller. The mesh independence study is performed with the fixed-pitch
propeller, as it requires more cells in the periodic approach.

Fig. F.5 shows that mesh independence is reached with 168 mio. cells. This results in a base size
relative to the diameter of 18%. The same base size is applied to the variable-pitch propeller
simulation.
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Figure F.5: Mesh independence study for the fixed-pitch propeller in the transition operating
state
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