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Zusammenfassung

Der zunehmende Einsatz von Kohlenstofffaserverbundwerkstoffen als Strukturmaterial dient
dem Ziel leistungsfiahigere, effizientere und somit 6kologisch vertréglichere Strukturen und Struk-
turkomponenten zu realisieren. Zunehmendes Interesse seitens der Automobilindustrie, sowie
signifikant steigende Stiickzahlen in der Luftfahrt, wobei erstmals iiber 50 Flugzeuge/Monat
gefertigt werden sollen, resultieren in stetig wachsenden Anforderungen an die faserverbundspe-
zifischen Fertigungsverfahren und deren Ablaufe.

Eine wesentliche Herausforderung ist es dabei Faserverbundstrukturen in sehr engen geometri-
schen Toleranzen zu fertigen um so einen problemlosen und damit spannungsreduzierten Zusam-
menbau zu realisieren. Dies ist besonders fiir Grolbauteile, wie sie in der Luftfahrt zu Einsatz
kommen, von besonderer Bedeutung.

Gegenwirtig sind fertigungsinduzierte Deformationen ein immanentes, kostentreibendes Pro-
blem in der Faserverbundfertigung. Diese ungewollten Deformationen sind auf die richtungs-
abhingigen Materialeigenschaften des Verbunds zuriickzufiihren, die zum einen zu exzellenten
spezifischen Eigenschaften fiihrt, zum anderen jedoch zu komplexen und vergleichsweise schwer
vorstellbaren Effekten im Fertigungsprozess.

Im Zusammenbau resultieren diese Formabweichungen der Einzelkomponenten in unzuléssig ho-
hen Spaltmafien und Zwischenrdumen, die mittels des Einsatzes von Hard- und Softshim manuell
ausgeglichen werden miissen. Bauteilabhéingig kann eine Montage sogar unmdoglich sein, so dass
signifikante Ausschussraten die Folge sind. Sowohl das manuell durchgefiihrte Shimming, als
auch nachtrégliche Werkzeugmodifikationen sind mit einem enormen Kosten- und Zeitaufwand
verbunden. Hinzu kommt, dass diese Aktivitidten nur bedingt planbar sind und so den Status
des ’kurzfristigen Problemldsens’ nicht iiberschreiten.

Die vorliegende Arbeit verfolgt das Ziel eine Methodik bereitzustellen, welche es erlaubt die
unvermeidlichen, da materialspezifischen, und somit zu erwartende fertigungsinduzierten Defor-
mationen vorherzusagen, um diese Information im Bauteilentwicklungsprozess nutzbar zu ma-
chen. Auf diesem Weg koénnen Fertigungseffekte im der strukturellen Auslegung eines Bauteils
aber vor allem im Werkzeugdesign Anwendung finden, um so bereits im Vorfeld entsprechende
Kompensationsmafinahmen virtuell ableiten zu konnen.

Ein wesentlicher Kernpunkte der Arbeit ist die umfangreiche, experimentelle Charakterisierung
der auftretenden verformungsinduzierenden Effekte Warpage, Spring-in (-back), sowie die am
Beispiel durchgefiihrte Charakterisierung des forced-interaction Effekts. Die experimentellen Un-
tersuchungen verfolgen dabei das Ziel, die genannten Phénomene hinsichtlich relevanter Bauteil-
und Prozessparameter, wie z.B. des Lagenaufbaus oder des Werkzeugmaterials, zu charakteri-
sieren. Die Entwicklung eines methodischen, simulationsgestiitzten Vorgehens zur Vorhersage zu
erwartender Fertigungsverformungen, bildet den zweiten, wesentlichen Kernpunkt der Arbeit.
Wesentliche Neuerung dieser Methodik ist die Kondensierung einer Vielzahl prozessrelevanter
Parameter in einem einzelnen L-Probekorper. Basierend auf der experimentell ermittelten Ver-
formung dieser Probekorper gelingt es mittels einer entwickelten analytischen Transfervorschrift
dquivalente Simulationsparameter zu berechnen, welche in Kombination mit konventionellen
Schalenelementen innerhalb der FEM Anwendung finden. Auf diesem Weg werden Modell-
groflenlimitierungen, sowie der auflerordentlich hohe Parameterbedarf phinomenologisch mo-
tivierter Prozesssimulationsprogramme umgangen. Den Abschluss der Arbeit bildet eine Reihe
experimenteller Validierungen, welche die Eignung der Methodik verifizieren.



Abstract

The increasing application of carbon fiber reinforced plastics as a structural material pursues
the aim to realize high-performance structures with improved efficiency and reduced ecological
impact. Increasing interest of the automotive industry and significantly increasing quantities for
modern aircrafts in aerospace, targeting at more than 50 aircrafts/month, generates steadily
increasing challenges for composite-specific manufacturing strategies and related processes.
The compliance of narrow geometrical tolerances is one essential challenge in order to achieve a
simple and structure-friendly assembly process. This is of particular importance for large CFRP
structures as they are used in aerospace applications.

Currently, manufacturing-induced distortions are an inherent, cost-driving issue within com-
posite manufacturing. These undesired distortions are induced by the composite’s anisotropic
material properties in combination with the commonly used high-temperature processes.

On the one hand this anisotropy enables the superior specific mechanical properties, while on the
other hand these properties induce the complex shape-changing effects during manufacturing.
Within the assembly, these shape deviations result in inadmissible large gaps between mating
parts which must be compensated with soft- or hardshim. For some structures, assembly can
become impossible which results in increasing scrap rates. Manual shimming as well as tool
re-work, often referred to as non-added value operations, are related to significant time and cost
efforts.

The present thesis pursues the aim to provide a methodology to predict the unavoidable,
manufacturing-induced distortions in order to use this data within an improved part develop-
ment chain. This enables the consideration of manufacturing effects within the structural sizing
and in particular the tool design as appropriate compensation measures can be derived on a
virtual level prior the first part or tool is fabricated.

A comprehensive experimental investigation of the distortion-inducing effects warpage, spring-in
(-back) and forced-interaction represents the first essential part of this thesis. The main aim of
the experimental studies is to elaborate the main drivers of the single effects. Furthermore, a
phenomena-specific characterization is performed which focuses on relevant part and process
parameters such as layup or tool material.

The development of a prediction methodology for expectable process-induced distortion repres-
ents the second essential part of this thesis. The major novelty of this approach is the inte-
gration of a multitude of process-relevant parameters within one L-shaped specimen. Measured
manufacturing-induced distortion of this small specimen is analytically transferred to an equi-
valent scale-independent simulation parameter while the structural FE model uses conventional
shell elements.

Thus, model-size limitations and the extraordinary large parameter requirements of phenomeno-
logically-based state of the art process analysis tools are bypassed which lead to a very quick
and efficient simulation strategy.

The thesis concludes with a set of case studies which verify the suitability of the developed
approach numerically and experimentally.
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Introduction

Efficiency is one essential requirement for modern products. Particularly in context of mobility,
the striving towards eco-efficient vehicles, which demand an intelligent light-weight-design, has
opened the market for high-performance materials. Carbon fiber reinforced plastics (CFRP) are
the material of choice for various branches of industry to meet those requirements. Innovative
car manufacturers such as BMW respond to the increasing demand for electro-mobility and
its associated demand for significant weight reduction, with car concepts as the 13, where the
structural entire body of series vehicle is made of composite material for the first time. Within
the aircraft industry the use of CFRP has been developed from a component solution to the
material of choice for the majority of the structural body. Modern civil aircrafts such as the
Boeing 787 or the Airbus A350XWB consist of CFRP material to over 50 %. The main reason
for the use of CFRP materials, is their low density combined with high moduli and strength
properties. Furthermore, current composite manufacturing technologies allow the fabrication of
almost arbitrary geometries, which become more and more important considering design issues.
Market forecasts of car manufacturers as well as leading aircraft companies predict a significant-
ly increasing demand of mobility for the near future [T}, 2} B]. Within the aerospace environment
catchwords such as ‘ramp-up’, which stand for a rapid increase of fabricated aircrafts per month,
become omnipresent [4]. Consequently, manufacturing processes are challenged in order to rea-
lize demanded production rates. Reproducibility, narrow geometrical tolerances, process cycle
times and ease of assembly are key-demands of those required high efficient manufacturing pro-
cesses. Currently, especially the compliance of narrow geometrical tolerances is still a challenge
for CFRP manufacturers. Nowadays, missing geometrical exactness leads to increased efforts in
the assembly process as costly shimming becomes necessary to fill gaps between mating parts.
In addition, the violation of geometrical tolerances leads to a non-negligible amount of scrap
parts. Consequently, geometrical fidelity is directly linked to an immense cost-saving potential as
shimming becomes dispensable and the scrap rates can be reduced significantly, whether parts
are manufactured without undesired deviations from the designed shape.

In academia it is generally acknowledged that undesired process-induced deformations of
CFRP structures are due to the anisotropic material properties of the composite. Autoclave
supported fabrication processes, as they are common in state of the art aircraft manufacturing,
deteriorate deformation inclination due to curing at high temperatures. However, even manu-
facturing at low curing temperatures leads to significant manufacturing deformations induced
by the resin’s chemical shrinkage during the ongoing curing process. Those deviations between
the manufactured and the desired nominal geometry is often referred to as spring-in. As will be
shown in this thesis, this definition turns out to be slightly inaccurate, as multiple drivers of
fabrication induced deformations are acting in parallel.

Therefore, within this thesis, it is distinguished between warpage, induced due to extrinsic
parameters as tool-part interaction for example, and spring-in induced due to intrinsic parame-
ters as the composite’s anisotropy. Moreover, the forced-interaction effect is regarded which is
relevant for certain part shape and tooling materials. Deformations induced due to asymmetric
laminate stacking are out of scope of this research as corresponding deformations are not a direct
consequence of the manufacturing process.

As process-induced distortions are inevitable for current composite-process combinations, the
search for suitable countermeasures is an issue for research as well as for producing companies



2 Introduction

for years.

In industry, the lack of economic and reliable procedures applicable within the industrial
environment, have led to an establishment of widely empirical procedures, which are based on
worker’s experience and rule-of-thumb. Although CFRP producers gained a wealth of expertise,
this procedure is susceptible for multiple reasons: The quality of compensation is directly linked
to the quality and quantity of the worker’s experience; experiences gained for one structure are
hardly transferable to other dissimilar geometries; the risk increases massively with the part’s
complexity and scale; counteracting based on a loop of tool-rework, prototype manufacturing
and prototype measurement in order to subsequently reduce process-distortions induces massive
costs for tool machining and prototype manufacturing; an experience-based compensation is
hardly implementable into CAE supported product-development chains.

According to the aforementioned increasing requirements for modern composite structures in
automotive and aerospace, this procedure becomes contemporary and needs to be structured
and a standard process should be established.

In academia, different approaches are proposed for the prediction of process-induced distorti-
ons. On the one hand side analytics-based strategies, as proposed by Radford [5] e.g., represent
the most simple approaches. However, due to the limitation to cross-section analysis, those ap-
proaches reach their limits when part complexity increases. Furthermore, an implementation
into FEA supported process-chains is difficult. Nevertheless, analytics-based models can give a
quite good estimation of process-distortions for simple structures.

On the other hand numerical approaches using finite element analysis are developed accounting
for the entire manufacturing process as for example proposed by Johnston [6]. Therein, different
physical processes are modeled by constitutive models. As usual, each modeled physical process
demands corresponding simulation parameters. Thus, extensive material characterizations are
necessary for the model setup. Due to the modeled time-dependent curing process, heat-transfer
or heat generation, transient calculations are required, while fine solid-element meshes are used
for discretization. Although computing performance have increased massively within the last
years, model-size and the high amount of necessary parameters remain the limiting factors for
those numerical approaches. According to the aforementioned issues, numerical-based prediction
approaches have not yet reached a state of the art status in part or tool design.

Within this thesis a new, more focused approach is developed that targets mainly on process-
distortions. It pursues the idea that global deformations of a complex part can be explained
with characteristic deformations obtained from simple laboratory-scale specimens. Utilizing that,
the presented approach overcomes the aforementioned drawbacks of analytical and numerical
prediction-strategies by a combination of experimental, analytical and numerical steps. The
main objective is the significant reduction of required parameters for the prediction of the part’s
manufacturing distortions even for large components. Therefore, this thesis investigates acting
mechanisms and main drivers of process-induced distortions. Following the physically based idea
of the approach, a straightforward shell-element-based simulation strategy is developed, applied
and experimentally validated.



1 The Problem’s Topicality and Relevance
Nowadays

1.1 The Problem’s Topicality

Carbon fiber reinforced plastics have become the material of choice for high-performance appli-
cations due to their outstanding mechanical properties. In addition, almost arbitrary geometries
can be fabricated with current manufacturing processes, which is a significant advantage in con-
trast to equivalent metal solutions. However, especially the compliance of narrow geometrical
tolerances is still a challenge for CFRP manufacturers. Nowadays, as outlined by Campbell [7],
missing geometrical exactness leads to increased efforts in the assembly process as shimming is
necessary. Furthermore, the violation of geometrical tolerances leads to a not negligible amount
of scrap parts. Consequently, geometrical fidelity is directly linked to an immense cost-saving po-
tential when shimming becomes dispensable and the scrap rate reduces significantly. Indirectly,
assembly costs can be reduced due the reduction of manual work as a consequence of improved
geometrical fidelity.

Geometric measurements of fabricated parts often reveal massive deviations between the fa-
bricated shape and the aspired nominal geometry. In academia it is widely acknowledged that
those undesired process-induced deformations are due to the anisotropic material properties of
fiber-reinforced composites. Autoclave supported fabrication exacerbates the extent of those de-
formations, as the composite cures at high temperatures while the autoclave pressure compacts
the laminate and induced considerable normal forces against the tool surface. But even out-of-
autoclave (00A) manufacturing strategies lead to distortions due to the resin’s cure shrinkage.
In academia and in practice, those process-induced deviations are often referred to as spring-in.

It will be shown in this thesis that this definition is inaccurate, as multiple drivers of fabrication
induced deformations are acting in parallel. This thesis distinguishes between warpage and
spring-in distortions which is in accordance with Albert and Fernlund [§].

According to the authors, warpage is dominated by extrinsic process parameters such as the
tool material and the bagging arrangement. Stefaniak et al. [9] outlined a significant dependency
of the warpage deformations of thin flat composite specimens from tool-surface roughness and
the prepreg material itself. Radford [5] showed that a single-sided mold concept may induce
fiber volume fraction (V) gradients in laminate thickness direction. Those gradients can result
in distortions similar to that one due to layup-asymmetry, as the V; massively affects the in-plane
ply properties. In contrast, spring-in deformations are driven by intrinsic material properties of
the composite. A strong through-thickness anisotropy of common multi-angle laminates induced
by anisotropic thermal expansion properties and the significant resin cure shrinkage leads to
shape changes in curved areas of a part during processing. According to Fernlund et al. [10]
and Twigg et al. [I1] there is another indirect effect of the autoclave pressure. This effect is
often referred to as forced-interaction. It leads to gradients of in-plane stresses in through-
thickness direction of the part. Thereby, the autoclave pressure induces massive normal forces
on the laminate, which are commonly desired for the compaction purposes. In combination with
certain tooling and/or part geometries, these normal forces lead to a geometrical locking, when
the composite’s CTE is significantly smaller than the tool’s CTE (y,steet > @crrp). This effect
is attributed to the warpage effect in this thesis, as it is driven by the tool’s expansion which
represents an extrinsic process parameter. In consequence, forced-interaction is of particular
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relevance for steel and aluminum tools and will likely diminish for composite or invar tools as
those materials have similar CTEs to the CFRP part (armpar = acrrp)-

In contrast, the spring-in effect is driven by the composite’s anisotropy. It induces distortions
in curved laminate sections. Consequently, it is relevant for the majority of CFRP components
such as profile structures or even curved skins. As warpage is only observed for thin flat laminates
according to Twigg et al. [I1] and Stefaniak et al. [9] it is only relevant for certain parts. However,
forced-interaction induced distortions can superpose spring-in when tools with considerable CTE
are used such as aluminum or steel.

1.2 Goals of the Thesis

As process distortions are inevitable for autoclaved state of the art carbon-duromere composites,
they must be considered within a sophisticated design-process to improve the part’s geometrical
fidelity in the future. This is shown in the following flowchart schematically.

Compensated

Part Prediction of
— ™ . —] manufactured
design
shape

Deformed

shape

Fig. 1.1: Sophisticated part development due to consideration of CFRP-specific manufacturing
deformations

According to Wille et al. [12] different approaches can be pursued in order to predict manu-
facturing-induced deformations: empirical, simulation-based and combined semi-numerical ones.
In industry, mainly empirical strategies are established which depend mainly on the worker’s
experience. Often, a loop containing tool-rework and prototype-manufacturing is performed
until the geometrical fidelity of the part is satisfying. Although composite manufactures already
have a wealth of experience, the empirical approach is inefficient as it is time-consuming, cost-
intensive and risky in particular for large structure. Furthermore, it reaches its limit when part
complexity increases and the experience transfer from one shape to another dissimilar one is
uncertain. Thus, no funded shape-independent knowledge can be built up using this approach.

In academia, considerable effort has been put into simulation-based approaches modeling
the complex processes during the composite manufacturing process. Proposed strategies are
not focused on process-distortions as comprehensive results are derived such as degree of cure
(DoC) for example. Phenomena, such as inhomogeneous temperature distribution on the part
surfaces, autoclave pressure, chemical shrinkage and exothermic heat, heat conduction, tool-
part interaction as well as curing related property changes are only a selection of aspects being
regarded simultaneously within such simulations on micro-level. According to the multitude of
parallel acting mechanisms and their interaction, efforts for parameter determination are very
high. In addition, due to time-dependency and local variability, transient calculations utilizing
fine solid-element meshes are necessary which results in laborious modeling and long computation
times.

Considering that part and tool design are located at an early stage of the development chain
where it is common that neither the part’s final geometry, the final composite material, nor the
final layup is known. Thus, the efforts necessary for the set-up of a numerical-based model are
disproportional high.

Furthermore, although computing performance has increased, model-size is still a limiting
factor for simulation-based approaches especially for large structures as degree of freedoms (DoF)
increases highly nonlinear with part scale driven by recommended FE aspect-ratio limitations.
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Within this thesis a new, widely different strategy for the prediction of process-induced distor-
tions is pursued, trying to overcome drawbacks of empirical and simulation-based approaches.
Therein, the fundamental model considerations are related to the contents of a part-specification
document (PSD) which contains the part’s geometry and material-, tooling- and process-specific
guidelines. The pursued approach differentiates between the nominal-part shape and the part’s
"configuration’, while the term ’configuration’ contains all information of a PSD except the
part’s geometry. Thus, it is physically reasonable that the configuration-specific behavior during
manufacturing is independent from the part’s shape and scale. Hence, the knowledge of the
configuration-specific behavior promises the predictability of process-induced distortions for the
whole part-scale range without a limitation to a specific geometry. Consequently, the new ap-
proach follows this idea and uses laboratory-scale specimens for the evaluation of configuration-
specific manufacturing distortions. Figure shows a flow chart of the proposed strategy which
represents the 'Prediction of manufactured shape’ block in Figure [Tl

Deformed and/or
compensated part
shape

|

|
) |
Nominal | Shell element ‘
part shape : model (FE) ‘
|

|

I Parameter
I calculation
I

Specimen Distortion

manufacturing measurement

|
|
Part specs. :
|
|

Fig. 1.2: Flow chart of the proposed semi-numerical simulation methodology

One essential advantage of that approach is that fabricated specimens inherently contain in-
formation about the material and the manufacturing process. Thus, a characterization of each
acting physical process, as it is necessary for simulation-based strategies, is substituted by geome-
trical measurement of the specimen shape. That is supposed to be less erroneous, as the number
of parameters and corresponding uncertainties is massively reduced. Furthermore, geometrical
measurement using state-of-the-art techniques is comparably simple compared to comprehensive
material characterizations.

Hence, the main goal of this thesis is the formulation of a semi-numerical compensation metho-
dology according to Figure To achieve this, the main goal is subdivided into three sub-goals
which are ’‘preliminary experimental and numerical investigations’, ‘'model derivation and app-
lication’ and ’experimental validation’.

1. The idea is to work out the main drivers of spring-in and warpage experimentally and to
quantify their impact. Therefore, the spring-in effect is investigated utilizing L-profile spe-
cimens similar to those used by Kleineberg [13]. In addition, a new experimental technique,
similar to the one presented by Garstka et al. [I4] is developed which allows an estimation
of expectable spring-in distortion by use of the approach presented by Radford [5]. The
warpage phenomenon is investigated, while specimens are similar to that ones used by
Twigg et al. [I1]. The forced-interaction effect is investigated exemplary for one critical
box structure. In parallel to the experimental work, results are reviewed and compared to
preliminary numerical studies in order to validate their plausibility.
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2. Focusing on the fundamental idea of a straightforward procedure, an analytical model is
developed which transfers measured distortions on specimen level to corresponding simu-
lation parameters. The analytical model is suitable for warpage of flat and slightly curved
geometries as well as spring-in of single- and double-curved geometries. The use of common
shell elements within the FEA environment is one essential innovation of the new concept.
In addition, an extension of Radford’s [5] model is proposed as an alternative input source
for the parameter calculation and to provide a kind of a handbook-formula.

3. For sake of verification, the developed approach is applied to multiple sample cases and
experimentally validated. The idea of a compensation within the tool geometry is ex-
perimentally validated for a straight C-profile geometry. Transferability of the findings
for extruded profiles to double-curved profiles is examined. The approach is applied to a
complex CFRP box structure and predictions are compared to measurement results. Fi-
nally, the approach is applied to a highly integral CFRP upper wing cover and results are
compared to three manufactured parts.
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1.3 Phenomena Spring-in and Warpage: A Definition

In the literature a multitude of different nomenclatures are used to describe process-induced
distortions. This leads to an inconsistent and therefore unclear wording within this field of
research. The synonyms spring-forward (e.g. [15]), spring-back (e.g. [16]), spring-down (e.g.
[17]), warpage (e.g. [18]) as well as spring-in (e.g. [19]) are used synonymously by different
authors, describing manufacturing deformations. Neither a phenomena-based distinction with
respect to the part’s geometric properties nor a distinction into material specific (intrinsic) and
material unspecific (extrinsic) effects is consistent.

This thesis distinguishes between two main phenomena: spring-in and warpage which is shown
in Figure [[.L3] The former describes process-distortions due to the intrinsic anisotropic material
properties, the part’s geometry and the process conditions, whereat the latter one is driven by
extrinsic parameters such as tool-part interaction during processing or effects due to single-
sided tooling. This is in accordance with Albert and Fernlund [8] who have shown that different
phenomena affects the manufactured shape and therefore occurring deviations of composite
parts.

Literature This Thesis

Springforward, Springback, Spring-In Spring-In: Shape changes due to
and Warpage are used synonymously intrinsic material properties. Predominant
for fabrication-induced deformations for parts with angled cross sections

Warpage: Shape changes due to
extrinsic effects. Predominant
for flat, thin or geo-

metrically constrained parts

Fig. 1.3: Denotation of the acting effects used in this thesis

In general, spring-in and warpage effects act in parallel. The relevance of each effect depends
massively on the part’s geometry. As will be shown in this thesis, profile-like composite parts
with angled cross sections are dominated by spring-in deformations. Flat laminates, fabricated
on metallic single-sided tools with considerable thermal expansion such as steel of aluminum,
are affected by the warpage phenomenon. Forced-interaction which is also driven by the tool’s
thermal expansion, can occur even for complex integral structures. Thus, it is very similar to
the warpage effect. In the following, the phenomena spring-in, warpage and forced-interaction
are described briefly.

The Spring-In Phenomenon

According to Albert and Fernlund [§], spring-in is induced due to the different material properties
of the composite laminate in the in-plane directions and the through-thickness direction. Figure
[L4 shows that relationship qualitatively.
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Fig. 1.4: Anisotropic material properties of a quasi-isotropic laminate. F;, a; and &; denote

the laminate’s homogenized Young’s modulus, CTE and the strain due to chemical
shrinkage in i—direction, respectively.

During processing, the ongoing curing process leads to volumetric shrinkage of the resin which
is observed mainly in thickness direction as the fibers constrict it in the laminate plane. A similar
behavior is observed for the thermal fraction of the spring-in, which lead to deformations when
the cured part is cooled down from curing to room temperature. As outlined by Nelson et al.
[20], that mismatch between the through-thickness and the laminate-plane direction leads to
shape changes only in curved laminate areas.

Figure shows a schematic for the initial configuration K and the deformed configuration
K.

K B,

Fig. 1.5: Angle change due to inhomogeneous strains in the cross section plane.

Equation [I.T] derives the deformed angle ¢ with respect to anisotropic strains in tangential
er and radial e direction and the initial angle .
B, :Ba‘(l-i-ET)
_It+er | By =(Ri+t)-¢

_ fi ~ SN T 1.1
YT 1 g ¥ OOH l%:=<Ri+t)-¢ (1.1)

(Ri+1t) = (Ri+f)~(1+8R)

In accordance with Radford [5] the spring-in angle Ay is given by Equation wheres the
strains €9 and e3 refer to Figure [[L41

E9 — &3
1+e3

Ap=p—¢p=

%) (1.2)
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This equation excellently demonstrates that spring-in distortions are only relevant for aniso-
tropic materials. Assuming isotropy, strain components in circumferential and thickness direction
are identical €2 = €3 which results in no spring-in distortions because of eg—e3 = 0 — Ap;so = 0.

Analogously to the contradiction concerning the denotation of the spring-in effect, there is
some contradiction about the denotation of the spring-in angle itself. Therefore, a short definition
is following, which is used within this thesis. Considering a curved section with an arbitrarily
selected section angle of 90°, as shown in Figure [0, two angles @ene and @Pge. can be identified
for the initial configuration K. The angle pep. corresponds to the enclosed angle between both
flange directions, whereas @g.. corresponds to the section angle between both flange normal
directions. For the perpendicular oriented flanges depicted in figure both angles are equal in
the initial configuration.

QOGTLC < ()56%0

K @enc

SOSGC > 95860

Fig. 1.6: Spring-in phenomenon: Definition of the enclosed e, and the section-angle e,

@S@C

Generally, both angles allow the definition of the spring-in angle Ag. The inspection of the
deformed configuration K shows that the enclosed angle decreases Yene < Pene While the section
angle increases Qgsee > Psec. Hence, the spring-in angle Ay is defined as followed:

ASO = Psec — @sec = @enc — Penc - (13)

Thus, a positive spring-in angle Ay corresponds to a decrease of the flange-to-flange angle about
the same magnitude. For sake of clarity, the manifestation of the spring-in effect is illustrated
for a C-profile geometry in Figure [L7
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—

Fig. 1.7: Nominal (left) and manufactured shape (right) of a C-profile schematically. Connecting
dimension d changes depending on the spring-in angle Ay and the profile’s flange length
l

An evaluation of the shape changes in Figure [[.7 by the following equations strikingly illus-
trates the relevance of spring-in, as connecting dimension d depends on the spring-in angle and
the part dimensions.

s =lsin Ayp and d=d—2l-sinAg with Ap=¢—p (1.4)

Thus, spring-in deviations s scales linearly with the part dimensions, which underlines the im-
portance of a spring-in compensation in particular for large composite structures.

Warpage Phenomenon

Warpage is related to extrinsic process parameters such as the tool or the bagging arrangement.
Typically, a convex-up warpage is observed after demolding the parts. Two main drivers are
conceivable sources which are V; gradients and tool-part interaction. Both effects are related
to the single-sided mold concept as outlined by Fernlund et al. [2I] and Radford [5]. During
processing a resin-rich laminate area can develop at the tool-side of the part while a resin-
poor layer develops at the bag side likely promoted by the use of peel-plies. According to the
CLT and considering that the ply’s expansion and stiffness properties depend massively on the
V¢, those gradients result in a inhomogeneous stress distribution in thickness direction which
manifests in the part during the curing process. Tool-part interaction is mainly driven by the
tool properties, whereas tool-surface roughness and thermal expansion properties are supposed
to be the main drivers. Different CTEs of the tool and the applied laminate lead to a strain
mismatch between the part and the tool, which is often referred to as a thermal incompatibility.
Consequently, warpage depends directly on the curing temperature as it defines the magnitude
of the strain mismatch. Thus, metallic tools made of aluminum or steel are more prone to induce
warpage distortions when high-temperature process are uses as sy, steer >> acrrp. Normal
forces, induced by the applied vacuum or the autoclave pressure, enforce friction between the
differently expanding materials while the tool-surface roughness affects the acting stress transfer
as outlined by Stefaniak et al. [9, 22] and Ersoy et al. [23]. In contrast CFRP or invar tools
are supposed to induce no warpage as ®crrp,invar ~ ¢crrp- Figure [.§ illustrates the warpage
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effect for flat laminates fabricated with a high-temperature process on a tool with considerable
thermal expansion.

LT
| |
| |
Elam Eint o
Etool ‘ ’<
- |
E | |
~  without interaction with interaction
M (no warpage) (warpage)

Fig. 1.8: Warpage mechanism for a high-temperature process using a tool with considerable
thermal expansion

As the interaction only affects a small fraction of the laminate the magnitude of induced
stresses is limited. Thus, the effect is only of particular relevance for thin laminates as those
have a very small bending stiffness. As will be shown in this thesis warpage of flat laminates
almost diminishes when thickness exceeds 1.5 mm.

Forced-Interaction

The forced-interaction phenomenon is very similar to warpage of flat laminates as it is mainly
driven by the tool’s expansion enforced by autoclave pressure. However, that effect is obser-
ved even for integral structures what increases its relevance. According to Fernlund et al. [10]
forced-interaction is an indirect effect of the autoclave pressure or the vacuum as it compacts
the composite plies against to tool surface. As pressure is applied throughout the entire ma-
nufacturing process it forces the laminate to follow the tool’s expansion. Figure shows that
schematically.

Due to the acting normal forces the interaction between the tool-sided ply and the tool surface
is enforced while outer plies are not directly affected. Assuming a certain viscosity, induced in-
plane stress relaxes in thickness direction until the gradient is frozen after the resin passes the
gel point. After demolding the inhomogeneous stress state results in shape changes of the part.
In academia forced-interaction is comparably less investigated. Studies on thin specimens are
performed by Wisnom et al. [24], Potter [25]. L- and C-profiles are investigated by Fernlund et al.
[8] whereas the latter ones show approximately 30% greater spring-in angles which is likely due
to forced-interaction effects. As will be shown in the following, those findigs are in accordance
with experimental results of this thesis. However, within another study Albert and Fernlund
[8] contradict the aforementioned findings as fabricated L- and C-profiles show almost identical
spring-in angles. A clear assessment on those contradicting results is not possible. Thus, the
phenomenon is one issue within this thesis which is experimentally investigated in Section (5.1l
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Fig. 1.9: Trough-thickness stress gradients induced by forced tool-part interaction. Tool expan-
sion and autoclave pressure p, enforce the effect.

1.4 Relevance and Consequences of Manufacturing Deformations

As documented by composite manufacturing companies, manufacturing-induced distortions of
CFRP structures are of considerable relevance nowadays. The consequences of those undesired
deformations are complex, as they affect wide areas of the part’s production process starting
from the tool-design up to the final assembly. In the end, manufacturing distortions induce
significant costs within the production process.

Regarding the assembly process of complex parts, manufacturing deformations are a direct
as well as an indirect cost driver. Considering an aircraft’s fuselage or a wing’s structure as
sketched in Figure [L10, the multitude of parts lead to a considerable tolerance chain.

Fig. 1.10: Complex assemblies such as a fuselage and a wing’s structure have a considerable
tolerance chain

According to Fernlund et al. [8] process-induced deformations can be addressed by design-,
assembly- or mold compensation. The first approach contradicts the philosophy of striving for
highly-integral composite structures, while the second approach is insufficient from an econo-
mical point of view as soft and hard shiming commonly demand cost-intensive manual work
and increase the structure’s weight without increasing its performance. Figure [[L11] shows the
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different shimming strategies using hard and moldable shims of variable size.

Moldable shims of variable size

CFRP skins Hard shims

Fig. 1.11: Assembly strategies using hard and moldable shims according Fernlund et al. [10]

The third approach, mold compensation, promises good integrability into the part’s deve-
lopment chain, as only the tool design is affected. Figure shows the general idea of mold
compensation. The use of compensated tools promises a fabrication without undesired distorti-
ons as it is common in the conventional manufacturing.

Conventional Manufacturing

( )

| |

| |

| |

Nominal —_— : :
tool : :
| |

—+ — Deviations —* k—
— 1] I L

Sophisticated Manufacturing

Compensated —>
tool

Fig. 1.12: Sophisticated manufacturing due to mold compensation

Due to the lack of straightforward prediction tools for the global part level, shiming is still state
of the art within the assembly process of complex parts. Due to the high fraction of manual work,
these efforts stand in contradiction to aspired highly automated production processes, which are
necessary to achieve increased production rates. Furthermore, shiming directly induce additional
costs as shims must be purchased from suppliers.
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Estimation of Assembly-Induced Stresses in Spring-In Affected Components

Another consequence of process deformations is the part’s increased internal stress level ;. Ba-
sed on the assumption that not all deformations can be compared by shiming efforts a certain
're-deformation’ is necessary to enable mounting of different components. Considering a certain
amount of manufacturing-induced stresses o4y, due to process, material and stacking parame-
ters, 're-deformation’ of deformed parts adds assembly-related stresses 0,55, to the part’s internal
stress level. Figure [[L.13] shows that schematically.
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Fig. 1.13: Assembly loads increase part’s internal stress level (C-spar taken from [26])

As outlined in Section manufacturing deformations of stiffener structures such as spars
and stringers are spring-in dominated. During the assembly-process stresses are induced due to
manual re-deformation in order to fix mating parts.

A finite element model of a curved laminate section with a section angle of 90° is used. This
cut-out is representative for often used profiles with Z-,C- or L-shape. The parameterized model
is used to estimate the maximum assembly stresses. Within the model, the parameters are the
inner Radius R;, the mechanical material properties, layup, ply thickness and the section width
W. The ’re-deformation’ is modeled by appropriate boundary conditions. Therein a realistic
spring-in angle of Ap = 1.5° is imposed while the cross-sections in circumferential directions are
forced to remain plane. Figure [[ 14 shows a schematic of the FE model and the 0° orientation.

0° direction

A/"\

UR3 = —0.75°

A: 0.75°

Fig. 1.14: Schematic picture of the used parameterized FE model
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Within the following study each ply consists of 2250 elements with five elements used in
thickness direction. The inner radius R; is held constant to 4 mm, whereat the section width W
is set to 6 mm. In order to blank out boundary edge effects stresses are evaluated for the light-
gray area depicted in Figure[[.T4l As the stress distribution within a composite is dependent from
laminate stacking, the model is applied for a selection of layups. Therein, three stress components
are evaluated ply wise. Components Si1, S22 and Ss3 denote stresses in fiber direction, in-plane
transverse direction and in laminate thickness direction, respectively. For sake of clarity, an
evaluation utilizing a failure criterion is not given here. The underlying material properties used
within this study are outlined in Table [Tl

Material Ey [GPa] Es3 [GPa] wvi213 [-] wve3 [[]  Gizis [GPa]  Gas [GPa]  tpy [mm]
T300/977-2 149.94 11.00 0.25 0.45 6.00 3.70 0.188

Tab. 1.1: UD properties of T300/977-2 prepreg material taken from Nguyen [27]

Figure [[.T5] shows the evaluation of the stress components S, S22 and Ss3 for a [0,90]2s la-
minate exemplary. Within Table [[.2] the maximum and minimum of each stress component S;; is

Fig. 1.15: Ply-wise stress evaluation for a [0, 90]25 curved laminate subjected by an angle increase
of Ap =1.5°

listed for multiple layup configurations. Depending on the laminate stacking obtained maximum
and minimum stresses differ significantly. According to Jumahat [28] the tensile strength of the
977-2 resin is about 81 MPa. According to Torayca [29], tensile and compression strength of a
T300/180°C Epoxy resin configurations with a Vy = 60% are about 1760 MPa and 1570 MPa
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respectively. Comparions of the derived ply stresses with those strength values are given in the
brackets in Table Values which exceeds 25 % of the material strength in the corresponding
direction are marked red.

Layup Sll,maz Sll,min SZQ,maz SQQ,min 533,ma1‘ 533,m,in
[0]4s 397 (23 %) 333 (21%) 7(9%) -12(15%) 29 (36 %) I(1%)
[0]10s 780 (44 %) 518 (33% ) 17(21%) -22(27%) 98(121%) 1(1%)
[0,90]25 395 (22 %) 347 (22%) 26(32%) -15(19%) 19(23%) 1(1%)
[0,90,45,—45], 396 (23 %) -371(24% ) 26(32%) -16(20%) 17(21%) 0(0%)
[45,-45,90,0], 170 (10 %) -164(10% ) 21(26%) -18(22%) 9(11%) 3(4%)
[45,-45,90,0)2s 441 (25 %) -431 (27 %) A7 (58%) -38(47%) 32(40%) -10(12%)
[45, —45]2s 156 (9%) -107(7%) 20(25%) -18(22%) 8(10%) 2(2%)
[45, —45]3, 207 (12%)  -108(7%) 24(30%) -22(27%) 15(19%) -2(2%)

Tab. 1.2: Stress evaluation for different laminates subjected to bending (Unit of S;; [MPal)

According to the preceding table, significant stress levels are induced to the re-deformation
mode. Regarding multi-angle quasi-orthotropic laminate configurations, assembly stresses in fi-
ber direction are up to 25 % of the tensile strength. Regarding stress components in thickness
direction Ss3 reveal significant amounts as well, which decrease the laminate’s sustainability
against unfolding which is mainly driven by a failure due to interlaminar normal stresses, which
can, in some cases, lead to considerable material efforts. Although the preceding numerical inves-
tigation is a kind of worst case scenario it, clearly substantiates that manufacturing deformations
induce considerable stresses within part.

Usability of Manufacturing-Induced Deformations

Beside the negative aspects of manufacturing distortions outlined above, there are a handful of
selected applications where those distortions can be used. A CFRP wing upper cover concept
striving for natural laminar flow in cruise conditions at it is regarded in Section There,
manufacturing deformations can counteract in-service deformations due to aerodynamic loads.
Thus, the in-flight shape of the wing’s upper cover can meet requirements for natural laminar
flow.

1.5 Strategies to Counteract Process Distortions

As manufacturing deformations are inevitable for current composites fabricated with state of the
art process cycles a strong demand for appropriate counter measures is the consequence. Process-
induced distortions can be compensated on two different levels, whereat the first one uses design
and tool related modifications while the second one uses material and process modifications.
Fernlund et al. [10] focused on the first level and outlined three different conceivable strategies.
The first, very conservative approach, avoids curved CFRP sections within the part design. This,
massively contradicts the philosophy of striving for integral composite structures. Furthermore,
weight-saving potential is lost due to the need of metallic fittings. The second approach considers
manufacturing distortions within the design and accounts for it with moldable or hard shims
in the assembly. Whereas, this approach could work for small components fabricated in small
quantities it is inefficient for large assemblies as the weight-specific in-service structural perfor-
mance decreases due to the shims. Furthermore, additional costs are induced as shims have to
be purchased from suppliers and the assembly demands additional manual work. The third ap-
proach, proposed by Fernlund, is geometrical tool compensation. This approach promises good
integrability in the part’s development chain, as only the tool-design is affected. However, it
demands a high-quality prediction of the manufactured shape without any prototypes manufac-
tured. Another approach proposed by Huang [30, B1] uses morphing composite tools. Therein,
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anisotropic tool material and thus anisotropic thermal expansion is used in order to adjust the
tool geometry according to the nominal part shape.

The second level of counteracting strategies uses modifications on material or process level.
Radford [5] e.g. proposed an alternative compensation strategy which utilizes asymmetry effects,
wherein locally asymmetric layups are used in curved laminate areas. Thus, asymmetry-induced
distortions are adjusted by layup modifications in order to compensate process-induced deforma-
tions. In contrast, Sprowitz [32] e.g.investigated the effect of varying dwell times on the spring-in
deformation of RTM L-profile specimens.

Figure gives an outline of the different strategies.

Design & tool related modifications

- \
No-curvature Shim Morphing Geom. tool | |
design design tool compensation| |

\

\ A

: Smart cure Layup "No shrinkage’
\

\

cycle asymmetry resin

Material € process related modifications

Fig. 1.16: Approaches counteracting manufacturing-induced deformations

Advantages and Shortcomings of the Different Compensation Strategies

Radford as well as Sprowitz are able to demonstrate within their studies that occurring defor-
mations can be massively decreased with the proposed strategies. Even the use of nano particles
in context of a 'no-shrinkage’ resin is supposed to reduce manufacturing distortions. However,
from an industrial point of view, these approaches are not feasible for multiple reasons. Radford’s
approach is able to reduce spring-in distortions but the local laminate modification leads to a
considerable extension-bending coupling which affects the in-service performance under mecha-
nical loads. Furthermore, the laminate modification within bent sections is hardly realizable in
an automated manufacturing process as plies become to small. According to Sprowitz, exten-
ded dwell stages lead to decreased manufacturing distortions. However, from economical and
environmental reasons, increased process times are not desirable. On the contrary, rapid cure
cycles are aspired to shorten manufacturing time massively. In addition, it is not experimentally
validated that extended process times are able to eliminate process-distortion entirely. From an
industrial point of view the production rate in [kg/h] of those strategies decrease. In addition,
they open new issues in context of certification. In contrast ’design & tool’ modifying approaches
do no affect the composite’s material properties. From an industrial point of view this represents
an advantage, as mechanical parameters which are used for the design must not be characterized
for modified process conditions. Nevertheless, the first approach outlined by Fernlund is very
conservative as one major benefit of composite structures, its design freedom is eliminated by
the use of flat laminates mounted with metallic fittings. The second approach is less efficient
due to increased assembly costs and the increased structural weight. Using morphing composite
tooling as proposed by Huang does not solve the problem of manufacturing distortions. Instead
it shifts it toward the tool design, where asymmetry effects as well an manufacturing effects need
to be considered simultaneously. Moreover, this strategy is limited to composite tools which are
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not state of the art within industry due to their reduced durability compared to metallic tools.
In contrast, geometrical mold compensation represents a promising approach. From an in-
dustrial point of view, excellent integrability into running process development chains is given.
This is supported by the findings of Jain et al. [33], who outlined that manufacturing distortions
are commonly limited to a narrow range between 1° to 2.5° for L-shaped composite profiles.
Considering that tool compensation is already established in industry, this process should be
extended by a prediction of manufacturing distortions on CAE level. According to the focus
outlined above, this thesis pursued the aim to predict manufacturing distortions in order to
derive appropriate mold-compensation measures. Moreover, the predicted manufactured shapes
can be used within the structural analysis to assess the consequences of these distortions. Other
compensation strategies described in the preceding remain disregarded in this thesis.

1.6 Review of the Literature

An excellent review of the literature in the field of residual stresses in composites and their
consequences is composed by Parlevliet et al. [34],[35],[36]. Although those papers focus on ther-
moplastic resin systems, the effects are similar for the thermoset resins which are investigated
in this thesis. Within the following literature review the scope is sharpened towards the pheno-
mena of manufacturing deformations of carbon fiber/duromere composites. For those materials
spring-in deformations are inevitable as outlined by Jain et al. [19]. The authors investigate UD
and fabric prepreg materials as well as RTM injection technology. They outline that anisotro-
pic thermal expansion and the resin’s chemical shrinkage are the main drivers of the spring-in
phenomenon. In accordance with experimental investigations of this thesis, the authors results
show that spring-in is independent from tooling material. Furthermore, analytical investigations
reveal that cross-ply laminates [0, 90]2s show a constant spring-in angle for radius > thickness
configurations. While the derived analytical relations match the experimental findings for multi-
angle quiet well laminates with plies oriented in direction of curvature, significant deviations of
the model are obtained for [¢, —¢]s laminates such as [30, —30]s or [45, —45],. Contrary to the
theory, UD laminates with plies oriented in the profile’s extrusion direction, reveal a radius de-
pendent spring-in angle between 0.20° < Ay < 0.75°. That is in accordance with experimental
findings of this thesis described in Section Kollar [37] obtain similar results for that special
layup. However, scattering for UD ply-based specimens is extraordinary high which suggests
obscurities in the specimen manufacturing process. This is in accordance with results of this
thesis as 90° specimens show process distortions and large scattering as will be shown in Section
4.3l

Huang and Yang [38] investigate spring-in deformations with the aim to improve geometrical
accuracy and shape fidelity of advanced composite tools (ACT). The authors investigate the
effect of different tool angles and tool radii based on unidirectional laminates. They obtain an
approximately linear increase of the spring-in angle with increasing enclosed angle of the part,
which is expected when reflecting the findings of Radford [5]. Fiber volume fraction analysis
reveals a slight gradient in, whereas the ply nearest to the mold show 10 % smaller V; than the
plies nearest to the bleeder. Due to the limitation to UD laminates, the relevance for common
composite parts with multi-angle laminates is rather limited. In context of a tool-design issue
the transferability to complex tooling geometries remains undiscussed.

The effects of processing condition on the spring-in deformations are investigated by Sarrazin
et al. [16]. The authors regard different layups, different mold types and different types of vacuum
bagging arrangements for different temperature cycles. As specimens are fabricated with vacuum-
only conditions and with asymmetric layups only, a comparison to the experimental findings of
this thesis are hardly possible, as especially asymmetry induced distortions commonly dominate
shape variations due to bagging or V; gradients. Furthermore, vacuum-only conditions often
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result in laminates with poor compaction which results in voids and porosity.

Within an analytical study Nelson and Cairns [20] investigate spring-in deformations with a
strain-based strategy. They account for the effects of thermal tool expansion, thermal anisotropy
of the composite and effects due to chemical shrinkage. They obtain an expectable spring-in
angle for a 90° L-profile of 0.63° < Ap < 1.93° which is similar to the findings of Jain et al.
[33, [19]. Based on the assumption that the resin’s volumetric cure shrinkage AV is between
3.5 % and 5.0 % the authors quantified the spring-in fraction due to chemical shrinkage to
30 % < Apcp < 60 %. The main aim of the developed strategy is to support tool designers in
their daily work in order to improve the preliminary design process. This is in good accordance
with the experimental results of this thesis shown in Section

Yoon et al. [39] investigate the contribution of thermal anisotropy and chemical shrinkage
on process-induced deformations of curved CFRP laminates with [£6]2s layups. The authors
propose a model based on CLT, whereas properties in laminate thickness direction are assumed
to be equal to transverse properties of the single UD plies. Obtained numerical results show
reasonable good accuracy, wherein the discrepancy to experimental results is between 20% and
55%. The thermal fraction of the obtained spring-in is reported to 42 % for the majority of
laminates. Unfortuneately, the fiber volume fraction Vy of the investigated parameters remain
unknown, which hinders an quantitative comparison to other experimental results. The results
are in accordance with the findings of Section Furthermore the magnitude is in the range of
the results of Nelson and Cairns [20]. As experiments are conducted for [+£6]2, layups only the
transferability to multi-angle laminates containing 0° and 90° plies is limited.

Darrow and Smith [40],[I8] investigate the effect of the resin’s cure shrinkage, mold expansion
and V; gradients on warpage and spring-in deformations. The authors support the thesis that
warpage is mainly induced by tool-part interaction and/or gradients in fiber volume fractions.
Cognitions gained for warpage specimens are used within a FE study in order predict the spring-
in deformation of L-profiles with a 13 mm radius. Although accuracy of the FE predictions is
quite good, the obtained spring-in angles up to 5.5° are unique in its magnitude within the litera-
ture. Those results are contrary to the experiments of this thesis, which reveal a spring-in angle
of approximately 1.4° for a similar configuration. As neither details about the manufacturing
process nor about the bagging and tooling material are documented, an interpretation of the
origins of these massive spring-in deformations is not possible. Nevertheless, the study supports
the striving for a straightforward strategy, similar to the aim of this thesis, wherein experimental
findings are used in combination with a constitutive simulational model. Metallographic analysis
technique is used by Radford [41] in order to attribute spring-in deformations to a gradient in
Vy as it is sometimes obtained for vacuum-bag processed composite parts. The work focuses
on the differences in spring-in obtained for male-tool and female-tool fabrication. The average
measured distortions of the investigated laminate [0,90]25 is 1.05° £ 0.10° for concave (female)
tooling and 1.50° + 0.10° for convex (male) tooling which is in the range of the experimental
findings of this thesis presented in Section B3l Radford uses equivalent flat plate curvatures,
which are proposed by Radford and Diefendorf [42] earlier for analysis purposes.

Garstka et al. [14] develop an experimental technique to measure through-thickness-strains
during composite manufacturing. Using this methodology, effects of thermal expansion, lami-
nate consolidation and cure shrinkage is captured simultaneously. The authors show that pre-
consolidation affects the total amount of through-thickness strains massively. Jig-, vacuum and
no pre-consolidation configurations are investigated. The authors substantiate that UD lami-
nates exhibit larger thickness changes compared to cross-ply laminates, which is likely due to
fiber-washing tendencies of UD laminates. A similar experimental technique is developed in
this thesis which promises a simplified parameter derivation for the semi-analytical approach
presented in Section

Jain et al. [33] investigate spring-in deformations of an aileron rib which are manufactured



20 1. The Problem’s Topicality and Relevance Nowadays

with a compression molding technology. The authors conclude that spring-in deformations of
parts with angled cross sections can be limited to a range of 1° < Ay < 2.5°. They point out
that a reliable and effective prediction of the spring-in angle should support the tool-design
process as it promises a massive reduction of prototype manufacturing.

Svanberg and Holmberg [43], [44] describe manufacturing deformations as an omnipresent issue
for composite manufacturers. The authors investigate RTM fabricated glass fiber/ epoxy lamina-
tes. Although glass fibers are isotropic and therefore not comparable to carbon fibers, the effect
of different process-cycle paths can be transferred to CFRP laminates. The authors developed
a state-dependent numerical model wherein the rate (change/time) dependency is replaced by
a path dependency. Thus, computational effort is reduced. An experimental validation of the
proposed model is given by Svanberg and Holmberg in [45]. The model turns out to be able to
account for varying process conditions. However, the spring-in angle is overestimated but the
qualitative agreement is quite good. Although computational efforts are reduced significantly,
the amount of necessary parameters is still large as mechanical, thermal and chemical parame-
ters for each state are demanded. Another linear model is developed by Bapanapalli and Smith
[46]. The authors claim that an accurate spring-in prediction is possible without a complete resin
characterization. They worked out, that up to 75 % of the spring-in deformations are induced
by the resin’s cure shrinkage which is approximately 15 % above the prediction of Nelson and
Cairns [20] and Yoon et al. [39]. Furthermore, they claim, that effects due to mold stretching di-
minishes for parts with a thickness above 2.5 mm. Salomi [47] investigate spring-in deformations
of thermoplastic C-channel profiles fabricated using female tooling. An optical laser reflection
measurement technique is used in order to determine the thermo-elastic fraction of the spring-in
angle. Results indicate that the spring-in behavior of thermoplastic-based composites is similar
to the one of duromere composites. The authors extend Radford’s [5] model accounting for the
a change in expansion properties when passing the glass transition temperature 7,. Contrary to
experimental findings of this thesis and the Radford-model, which substantiate no dependence
of the spring-in angle from the part’s radius, a significantly different spring-in angle is obtained
by the authors for specimens with 16 mm and a 32 mm corner radius. However, deviations are
traced back to inhomogeneous fiber distribution and corner wrinkling within the thermoplastic
composite. As the material differs significantly from the one investigated in this thesis, obtained
spring-in angles and corresponding thermo-elastic fractions are not comparable. Nonetheless, a
similar measurement technique, using a full-field 3D measurement system, is used within this
thesis for the determination of the thermo-elastic spring-in fraction of the investigated carbon
fiber/ duromere prepreg systems.

Sprowitz et al. [48], 32] investigate spring-in deformations of RTM fabricated L-profiles made
of a HTS Fiber/ RTM6 composition. The effects of different process cycles are investigated for
multiple V; contents. The authors develop a combined shell-solid element simulation strategy
with the aim of reducing computational effort focusing on the simulation of large geometries.
Therefore, curved cross section areas are modeled with solid elements while flat flange areas are
modeled with shell elements. Rigid bar elements are utilized to achieve kinematic consistency
between both element types. Equivalent CTEs are used within the simulations which consider
volume change due to chemical shrinkage. The developed strategy is applied to a Z-spar geo-
metry. However, neither the derived deformations are analyzed in detail nor they are validated
against measurement results from fabricated parts. Thus, a quantitative evaluation of the acting
phenomena and their magnitudes is not meaningful. Nevertheless, the proposed strategy repres-
ents a first step towards a straightforward procedure to simulate extended structures based on
properties gained on simple laboratory-scale test specimens.

Ersoy et al. [23] characterize the development of the spring-in angle during processing by
utilizing a cure quench technique. They show that spring-in angle before vitrification is larger
than after reaching the vitrification point, which is used later by Wisnom et al. [24]. That is
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due to the resin’s larger CTEs in rubbery state in comparison to the glassy state. Consequently,
they modify the Radford’s [5] approach in order to account for the shift of CTEs when passing
th glass transition temperature Tj.

Ding et al. [49] develop an analysis procedure for thin and thick angled composites utilizing
solid finite elements. Simulation results show good agreement with analytical results obtained
by Jain et al. [19]. The thermo-elastic fraction of the spring-in is obtained to be 37 % which is
similar to the fractions obtained in Section of this thesis and in the range of the findings of
Yoon et al. [39] and Bapanapalli [46]. The authors proof the independence of the spring-in angle
from mid-plane radius of the curved section for radii larger than 1 mm. Regarding eight-ply
laminates with a thickness of 1.6 mm the authors show that different materials and different
manufacturing procedures (dry-fiber and prepreg) lead to different spring-in angles while a radius
independence remains. The authors point out that the proposed strategy is sufficient for most
composite structures whenever R>>h is fulfilled. In accordance with Radford and Rennick [50],
the authors show that the spring-in angle increases nearly linear with the enclosed angle of the
section.

Nyman et al. [5I] distinguishes shape distortions of a complex composite structure in local
and global phenomena such as local spring-in, global spring-in, global twist and bending. The
authors point out the increasing demand of compensation techniques due to the increasing
complexity. Furthermore, they criticize current tool-compensation procedures as they are based
on rule of thumb combined with production trials. The authors pursue two methods of different
complexity in order to calculate manufacturing deformations. Within the so-called ’simplified’
way the authors introduce coefficients of process expansion (CPE), which corresponds to strains
due to chemical shrinkage. Based on a process trial the CPE is obtained to be 1.6 times the
CTE which is about 61 % of the total expansion. That correlates with experimental findings of
this thesis which are documented in Section The significance of the presented simulations
and the necessary efforts cannot be assessed entirely due to several open questions: Utilized
subroutines are not documented in detail; parameters affecting the draping simulation remain
unknown; boundary conditions seems to be over-constrained. The obtained deformation results
are hard to interpret as the selection of the displayed variable U; is not meaningful for the
assessment of manufacturing deformations.

Radford [42] uses equivalent flat plate curvatures as mentioned above to account for spring-in
deformations. Furthermore, he proposes locally asymmetric layups as a suitable counter-measure
to reduce spring-in deformations. The main drawback of this approach is the increase of thermal
instability of the part within those areas due to layup asymmetry as those laminates show a
coupled behavior between extension and bending effects which is commonly not desired for
structural components.

Albert and Fernlund [8] perform comprehensive experimental investigations to examine the
effect of design and process parameters on spring-in and warpage of composite layups with
symmetric layups. The investigated design parameters are: part shape, lay-up, flange length, part
thickness and part section angle, whereas the process parameters are tool material, tool surface
and cure cycle. Albert and Fernlund use toughened T800H/3900-2 duromere prepreg material.
The authors show that a combined FEP ply/ release agent configuration decreases spring-in
significantly in comparison to a release-agent-only setup. Furthermore, the authors work out
that flange warpage needs to be considered as it affects the measured spring-in angle. A clear
distinction between the single effects is only possible to a limited extent, as the parameters part
shape, flange length, tool material and tool surface are varied simultaneously. Consequently, only
single configurations are compared, whereas each configurations is characterized by the part’s
shape, flange length, tool material and the tool surface and cure cycle.

As neither experiments of this thesis nor those of other researchers reveal massive flange
warpage, the origin of that effect can only be suspected. The comparison of experimental results
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by the authors with analytically derived spring-in values utilizing the relation proposed by
Radford [5] are not convincing as effects of volumetric cure shrinkage of the resin are only
roughly estimated. Results by the authors contradict the experimental findings of this thesis
presented in Section However, an interesting conclusion of the authors is that the effect of
the part’s shape (C or L profile) is of lower importance.

Within a companion paper, Fernlund et al. [21I] describe an experimental and numerical study
accounting for spring-in affecting parameters. One major finding of the investigation, which will
be substantiated within this thesis, is, that plies oriented in direction of curvature dominate
the amount of spring-in massively. Furthermore, differences in spring-in angle up to 50 % are
obtained for the two different prepreg systems 8552/AS4 and 3900-2/T800H. That is contrary
to the findings of this thesis which shows almost identical spring-in angles for different prepreg
systems as outlined in Section 4.3l A considerable flange warpage, as it is stated in Albert
and Fernlund [§], is not verified in this study which is in accordance with the experimental
investigations of this thesis. Wisnom et al. [52] derive an analytical relation accounting for spring-
in deformations of curved thermoset matrix composites taking into account the low shear stiffness
of the material during the rubbery state. Experimental results show a significant thickness
dependence for the fabricated specimens which do not match measurement results obtained
in this thesis. Potential sources of the deviations are the used composite tooling which has a
comparably small thermal expansion in combination with the silicon rubber diaphragm which
has a comparably large thermal expansion.

Fernlund [53] develops a simple analytical model which accounts for the spring-in behavior of
curved sandwich laminates. The model is similar to the one for monolithic composite lamina-
tes proposed by Radford [5]. A comparison between the analytical model and a detailed finite
element based model utilizing COMPRO shows excellent agreement, which underlines the rele-
vance of the Radford model. However, an experimental validation based on a fabricated panel
is lacking.

Zeng and Raghavan [54] utilize finite element analysis to assess the effect of tool-part inter-
action on an autoclave-processed composite fairing. Interaction between the tool and the part
is modeled using contact elements whereat a degree of cure dependent frictional coefficients are
implemented. Abaqus user-routines are used within the model. The effect of sandwich-areas on
the part deformations remain ambiguous. The authors name two major effects which contribute
to the total deflection: Shape changes of tool and part during processing and process-induced
stress due to constrained deformation of the tool and the part.

Another approach based on Bayesian statistical considerations is proposed by Fernlund [55].
The approach uses prior knowledge, prototype data and model results. Fernlund develops a
Bayesian methodology using a probability density function of the outcome which account for
the reliability of the data sources. Considering scattering in geometrical accuracy, which is still
an issue for composite manufacturers, the presented strategy represents a promising approach.
Nevertheless, it still depends strongly on experience parameters which are hardly to determine.

While spring-in deformations are subject of multiple studies, the warpage phenomenon is not
investigated to that extent. In the following, relevant literature is discussed. Comprehensive
investigations, accounting for warpage due to tool-part interaction is performed by Twigg et
al. [11],[56],[57]. Therein, shear interaction is measured directly with strain gauges applied to
a thin aluminum mold. The experimental findings show that interaction occurs despite the use
of liquid release agent and FRP release films, whereat the effect is smaller for the latter one.
Within the experimental part [56], the authors point out that part aspect ratio has a greater
influence on warpage deformations than the autoclave pressure. The authors obtain no significant
effect of the tool surface condition, which represents a direct contradiction to the experimental
findings presented in this thesis. The geometric properties of the specimens investigated in
this thesis are equal to the one used by Twigg. A significant variation from batch to batch is
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documented by the authors, which raise open questions about the reproduceability of the used
manufacturing process. However, within the numerical part of the investigations by Twigg et al.
[57] it is shown that an elastic shear layer modeling is not able to predict the lengthwise stress
distribution due to tool-part interaction. As expected, specimens fabricated on invar tooling
show smaller deformations as specimens fabricated on aluminum tooling (Winvar < Wsteel <
Waluminum) Which is likely due to the lower CTE of the invar material. Melo and Radford [58]
distinguish between thermoelastic and non-thermoelastic effects which affect the final shape of
flat symmetric laminates.

Within a developed analytical model they introduce originally unknown friction coeflicients
C for the laminate-tool interface and Cy for the ply-to-ply interfaces. Specimens fabricated on
aluminum tooling g = 22.7 ppm/K show approximately a fourfold higher deformation than
parts fabricated on ceramic tooling ae, = 5.82 ppm/K. At a first glimpse that is analogous to
the ratio of expansion coefficients. However, those results are affected by the surface properties,
which are different for both tool materials. Therefore, the obtained results cannot be directly
linked solely to the expansion properties. The presented experimental result does not allow
the determination of one unique set for C1 and C5. Thus, the relevance of the approach is
questionable as a single set of coefficients would be physically meaningful.

Zhang et al. [59)] investigate different types of modeling surface stress on rectangular beams
analytically. The numerical model uses the Euler-Bernoulli beam theory. Comparison of the
analytical results given by the authors allow a comparison to experimental results for the warpage
specimens of this thesis. Similar investigations are conducted by Kopmaz and Giindogdu [60].
The authors compare linear and nonlinear theories of the curvature of the Euler-Bernoulli beam
for large deformations. According to Potter et al. [61] many factors lead to geometrical variability
of curved composite parts while part/tool interaction is one major effect. The authors obtain
a significant variability for UD specimens fabricated with a no-bleeding technique, using FEP
films at the part-breather and the part-tool interface. Humidity experiments approve the non-
elastic character of the obtained warpage deformations. The reproduceability of the presented
experimental result is rather good, as the influence of prepreg selection dominates the obtained
warpage deformations significantly. Cross section inspections, which might allow a substantiated
interpretation, are not given so that the Vy remain unknown. Jung et al. [62] try to counteract
warpage deformations of hybrid composite booms with tool compensation measures. Therein,
the boom’s laminate asymmetry as well as effects due to chemical shrinkage overlay each other.
Thus a clear assessment is not possible.

Ersoy et al. [63] experimentally investigate the friction process at ply-to-ply and ply-to-tool
interfaces. They show that prepreg-prepreg interfaces show shear stresses in a range of 0.02 - 0.25
MPa whereas prepreg-tool interfaces show only 0.01-0.1 MPa. Both effects are rate and layup
dependent. Supported by the experimental findings it is assumed that warpage deformations are
induced by a shear strain gradient in thickness direction. According to the authors, a simple
stretching of the ply adjacent to the tool is not possible as the transferable shear stress from the
tool to the ply is smaller than it is necessary to overcome the ply-to-ply shear stress capability.
Within Section [Bl that assumption is experimentally validated based on C-profile tests.

Arafath et al. [64],[65] develop a 2D analytical closed form solution for the prediction of
process-induced stresses and deformations of flat and simply curved structures. The model mat-
ches results gained by FE analysis and experimental results by Twigg et al. [11],[56],[57] quite
well. A shear layer is utilized whereat layer thickness and layer properties are used to match
experimental findings. In context of a tool design process, accounting for different prepreg mate-
rials, the model’s applicability is rather limited as property fitting of the shear layer is demanded.
Furthermore, the applicability is limited to extruded structures.

Within a case study Fernlund et al. [10] investigate the applicability of coupled 2D /3D simu-
lation techniques using the COMPRO simulation tool. The main aim of this study is to evaluate
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the exactness of the simplified strategy. Therein, a shoe-box-like structure is manufactured and
the deformed shape is geometrically measured. Within the initial state after manufacturing the
deformed shape of the structure is mainly dominated by spring-in deformations. However, the
proposed measurement technique turns out to be likely inaccurate as will be discussed in detail
in Section (Il Measurements reveal clearly that the flange spring-in varies along the length of
the shoe-box due to the structure’s shape. After sectioning constant spring-in angles are obtai-
ned for the sectioned ribs, which are similar to the ones derived with COMPRO 2D simulations.
The author’s show that the applied 2D /3D simulation technique is suitable for the prediction
of manufacturing deformations of complex parts. However, the amount of necessary parameters
is still significant, as heat transfer, pressure and part-tool interaction is considered within the
2D simulation. Nevertheless, experimental results reveal a transferability from specimen level to
part level which is a fundamental bases of the approach developed in this thesis.

1.7 Essence and Cognitions of the Review

The preceding literature review reveals a wealth of experimental and numerical investigations
which focus mainly on process-induced deformations. There are a lot of similarities obtained.
However, the comparability between different experimental results is rather limited as process
conditions and/or manufacturing strategies differ between the single studies. Nevertheless, im-
portant statements, limitations as well as fundamental experimental findings are summarized
and set in context with the aims of this thesis.

Thus, it is widely acknowledged that the spring-in effect is mainly dominated by through-
thickness anisotropy of common composite laminates. According to multiple authors such as
Fernlund [55], Radford [5], Nelson and Cairns [20], Jain et al. [33], Wisnom et al. [24] and
Svanberg et al.[45] the effect is mainly dominated by anisotropic thermal expansion as well as
the resin’s chemical shrinkage.

Supported by experimental findings of Jain et al. [33], Nelson and Cairns [20], Radford [41]
and experimental findings of this thesis, occurring spring-in angles of FRP composite parts can
be roughly limited to a range of 1.0° < Ay < 2.5°.

This cognition represents a 'positive’ information as no severe non-linearities of the spring-in
angle are to be expected. Due to the limitation to a narrow area of magnitude the spring-in
effect shows a good-natured character.

In the context of appropriate countermeasures, the limited magnitude promotes the approach
of a tool compensation strategy as proposed by Jung et al. [62] e.g.. Furthermore, as documented
by multiple authors such as Radford and Rennick [50] e.g., the spring-in angle changes linearly
with temperature. In addition, spring-in also depends linearly from the section angle as experi-
mentally validated by Huang and Yang [38] and analytically predicted by Radford [5]. Another
essential statement is given by Jain et al. [33], who experimentally validate the transferability
of spring-in magnitudes from specimen to part scale. Consequently, it can be assumed that co-
gnitions made on specimen level can be directly used for predictions on part level as it is the
idea of the proposed approach of this thesis.

According to main drivers of the spring-in effect, multiple authors have investigated the cor-
responding fractions of the total spring-in angle. Hence, Kollar [37] and Yoon et al. [39] show
that the thermal spring-in fraction is about 42 % for multiple laminates while Nelson and Cairns
[20] limit the possible fraction to an area of 40 % to 70 % of the total spring-in angle. Although
this is not valid for all laminate configurations, it gives a quite good estimation. Experiments
conducted in this thesis substantiate the proposed area of Nelson and Cairns, whereat it shows
a significant layup dependency within this range.

An interesting statement focusing on the handling of the spring-in phenomenon is formulated
by multiple authors such as Jain et al. [33], Nelson and Cairns [20] and Svanberg and Holmberg
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[43]. They criticize the absence of comprehensive models and appropriate design tools which can
support the preliminary and the tool-design phase due to the consideration of spring-in issues.
A first step towards a simplified simulation strategy is proposed by Sprowitz et al. [48],[32] who
use combined shell-solid modeling accounting for spring-in of a Z-spar structure. Therein, solid
elements are used for curved sections of the profile accounting for the through-thickness effects
causing spring-in deformations.

The preceding literature review shows the multifaceted nature of composite manufacturing
and the different simulation approaches. For sake of clarity, the investigated specimens and their
manufacturing process is set in context to the generic term ’composite manufacturing’. Thus,
the experimental results presented in this thesis are directly transferable for structures fabrica-
ted with similar materials. Analogous to the manufacturing part, the multitude of simulation
approaches proposed in the literature are discussed from a tool-designer’s point of view. This
should give the reader a clear understanding of the differences, advantages and drawbacks of a
numerical-based approach and the semi-analytical one proposed here. This is complemented by
a short discussion of scattering in the geometrical fidelity of produced composite parts as this
is a relevant issue today.

Classification of the Investigated Specimens

Composite manufacturing contains a variety of facets, whereas fiber materials, resin, process
parameters and even process techniques can vary significantly. Thus, the experiments docu-
mented in this thesis are set in context to this topic. Experiments conducted for this thesis
focus on autoclave-processed thermosetting/carbon fiber prepreg materials which are cured on
single-sided metallic molds. Therein, different mold materials are used to account for the effect
of differing coefficients of thermal expansion. Monolithic laminates are investigated composed of
different state of the art prepreg materials available on the market.

Figure [L17 gives an outline of different strategies in composite manufacturing and shows the
combination regarded here.
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Fig. 1.17: Classification of the investigated specimens of this thesis in the context of composite
manufacturing

That restriction is necessary in order to compare experimental results stated in the literature
with the work presented here. Generally, it cannot be assumed that the characteristic mechanisms
acting during the manufacturing process are the same for different types of processes.

Conceivable Simulational Strategies

Within the following section the aforementioned mold compensation is discussed whereas the
focus is on different simulation strategies. As outlined in Section[I.5]compensation of the nominal
tool geometry demands the knowledge of characteristic manufacturing deformations prior the
first part is fabricated. Figure[I. I8 shows a flow chart of a tool design process, as it is often used in
the industrial environment. Tool design is performed based on the nominal part geometry which
is commonly generated by the construction office supported by CAD systems. After the first part
is fabricated geometrical measurements allow an assessment of manufacturing deformations and
the deduction of appropriate counter measures. Currently, this process is supported by existing
experience of the workers and is conducted based on rule of thumb. The dashed blocks in Figure
[[I] directly depends on the quality of the workers’ experience. Thus, this block is related
to massive cost saving potential providing that reliable compensation methods are available.
Especially for large extended structures and the corresponding large tools, multiple rework loops
induce immense costs and undesired delays. Furthermore, responsibility of the workers and the
financial risk for the company are high. Moreover, the knowledge within one company is directly
linked to particular workers and commonly not documented satisfyingly.

Within a more sophisticated process chain, the tool design is supported by an additional block
which is called "Deformation prediction’. Therein, the nominal part geometry of the construction
office is updated and modified based on the knowledge of the expectable manufacturing defor-
mation of the composite structure at hand. This is analogous to Figure [[LT] on the part level.
Nonetheless, deviation measurement of the first fabricated part is still necessary in context of
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Fig. 1.19: Sophisticated compensation strategy in order to avoid (reduce significantly) process
distortions

Generally, the aim is to achieve a first-time-right production, but however, especially for very
complex structures it has to be proven that this can be achieved by simple straightforward
compensation measures. Therefore, a block "Tool rework’ is illustrated in light-colors within
Figure [[L.T9, which has to be understand as an optional process step.

State of the Art Process Simulation

The incorporation of a geometry modification step, wherein the nominal geometry is adapted
according to predicted manufacturing deformations, represents a promising approach in order
to improve geometrical fidelity of composite parts. Consequently, the main key for a sophisti-
cated design process is to have a reliable prediction procedure. As outlined by Wille et al. [12]
simulation-based and combined semi-numerical strategies can be pursued for the prediction of
process-induced distortions. Within the last decades, detailed simulation-based models have be-
en developed by a variety of researchers accounting for the composite manufacturing process.
However, the strategies as well es their development do not focus on part deformations solely. In-
stead, they try to model the entire production process characterized by a multitude of different
physical processes. Thus, degree of cure, residual stresses, chemical shrinkage due to ongoing
chemical reaction, flow and compaction of the laminate, exothermic heat development as well
as heat transfer are in the focus of the models proposed in the literature Svanberg [26], John-
ston [6], Wijskamp [66] and Hubert [67]. Figure illustrates the complex interactions which
needs to be regarded for capturing the entire curing process of a composite structure. Therein,
the parameters in each block of the flow chart denote a direct dependence to the given para-
meters where t, T, p and H denote time, temperature, autoclave pressure and process-history
dependence, respectively.

The simulation of curing process of a composite structure inside an autoclave represents a
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Fig. 1.20: Simulation of a composite manufacturing process. Parameter ¢,T,p and H denote
time dependence, temperature dependence, pressure and process history dependence,
respectively.

challenging modeling exercise. To clarify the number of necessary simulation parameters the
single process steps are described step by step in the following whereas prepreg material is
assumed. The MRCC is characterized by a certain temperature profile T'= f(¢) and a pressure
profile pups = f(t) as it is schematically illustrated for a two-dwell phase cycle in Figure [[L211
Magnitudes and lengths of the single process steps are material specific.
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Fig. 1.21: Temperature, degree of cure and glass transition temperature during a common 180°
cure cycle used for aircraft composites.

After the process has started, hot air (or nitrogen) is pumped into the autoclave to compact
the laminate. Parallel, temperature is increased by a certain rate (e.g. 2°C'/min). As the air
cycles due to the autoclave fan, heat is transferred from the air to the tool and the laminate by
convection. Correct heat-transfer coefficients are essential for the simulation as they affect the
introduced heat into the part. The heat capacity of the constituents and the heat conduction
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properties, which might be isotropic for the resin and transversal orthotropic for the fibers
needs to be experimentally determined in order to model a correct heat conduction inside the
part. Furthermore, this must be done multiply as a liquid resin e.g. shows other heat-transfer
properties than a resin in the rubbery or glassy state as shown by Svanberg [26].

The introduced heat decreases the resin’s viscosity which directly affects the interaction bet-
ween the single plies as shown by Sun [68]

Exothermic heat is another issue, which is a critical problem especially for thick composite
parts. It is induced due to the poor thermal conductivity of the resin, which leads to property
degradation within the hot-spot area. The amount of degradation must be experimentally deter-
mined in order to model it correctly. The progress of the curing reaction and the corresponding
viscosity of the resin depends directly on the current process step and its magnitude as well
as the already passed process history. The degree of cure X, schematically depicted in Figu-
re [L2T] affects the property development of the resin’s Young’s modulus directly. As common
process simulations utilizes homogenized material properties on ply level, rules of mixture are
implemented into the simulation strategy. A variety of different rules exist, for example Hill [69],
Tsai [70], Hashin [71] and Chamis [72], where some are based on micro-mechanics and others
are additionally modified by empiric or ’experimental’ factors. However, applicability especially
for the liquid and the rubbery state remain questionable. Moreover, the fiber volume fraction
V¢, which is controlled by the amount of applied peel-plies in a prepreg process, needs to be
regarded since it affects the rules of mixture significantly.

Another challenging issue is tool-part interaction induced by thermal mismatch between the
composite and the metallic tool. Analogous to the mechanical properties, the interaction behavior
depends directly on the resin properties. Interaction coefficients for the part-tool interface as
a function of degree of cure are necessary to model those interactions correctly. Within the
demolding block of the simulation strategy, mechanical boundary conditions which represent the
constraint by the tool for example are disabled in the FE model. Thus, residual stresses due to
chemical shrinkage, constrained thermal expansion and gradients in fiber volume fraction deform
the part. The part demolding process block directly depends on the history of the manufacturing
process which is denoted by the H in Figure Consequently, the correct prediction of the
deformed part geometry can only be expected when all the preceding process blocks work and
interact correctly and when all simulation parameters are determined accurately.

Table [[3] summarizes selected issues for the single blocks shown in Figure [[LI8
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Block Issues

Thermal boundaries Temperature distribution due to autoclave air flow
Heat transfer coefficients of the parts surface
Heat transfer coefficients of the tool part interface
Heat transfer coefficients of the tool-base interface
Exothermic heat due to ongoing chemical reaction

Heat transfer Isotropic heat conduction properties of the resin
Anisotropic heat conduction properties of the fibers
Heat transfer between tool and part

Cure kinetics Developing degree of cure (isotropic)
Resin viscosity

Flow & Compaction Ply-to-ply interaction
Resin viscosity and trapped air

Chemical shrinkage Isotropic shrinkage of the resin due to chemical reaction
Resulting Laminate shrinkage (anisotropic)

Property development Change in Young’s modulus of the laminate
Thermal expansion property changes

Tool-part interaction  Interface conditions
Tool expansion

Micromechanics Rules of mixture

Tab. 1.3: Essential physical issues within a composite manufacturing process simulation

As outlined above, the single process steps interact nonstop and are dependent from the passed
process history. That underlines the necessity of time dependent simulations when striving for
all-embracing process simulational models. Simplifications are proposed by Svanberg [43] e.g.,
who divided the entire curing process into the three discrete phases: liquid, rubbery and glassy.
Thus, time-dependency is substituted by a state-dependency. Nevertheless, even for this strategy
the parameter efforts are high.

Reflecting the initial aim of this thesis, the part’s manufacturing deformations are the sub-
ject of particular interest. Regarding numerical based approaches, described above, the part
deformation is the final result of a multitude of different process steps demanding a variety of
hard to determine simulation parameters. Due to the complexity of the necessary constitutive
models failure-cause analysis is hardly possible. Considering the aim to predict part’s manu-
facturing deformations within the early part design, the efforts for the experimental parameter
determinations are disproportional.

Straightforward Prediction Approach

As a consequence of the aforementioned limitations of numerical-based approaches a novel semi-
numerical strategy is pursued in this thesis which focuses on part deformations only. The concep-
tual key idea of the approach is described in the following. The overall aim of the methodology
is to provide a prediction of the manufactured shape with best possible accuracy based on as
few parameters as possible.

One key-idea of the semi-numerical approach is to shift process dependencies of each process-
block and thus the corresponding parameters towards one geometrical measurand of the fabrica-
ted specimen. That is based on the assumption that characteristic manufacturing deformations
of one configuration are independent from part scale. Thus, the determined set of parameters is
applicable for small as well as extended structures. Figure shows a flowchart of the proposed
approach. Although a multitude of different specimen shapes are conceivable, isosceles L-profiles
are used within this thesis for multiple reasons: First, investigations by Kleineberg and Sprowitz
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[13],[48] have proven the suitability; second, manufacturing is comparably simple; third, a right-
angled L-profile represents an often to find cut-out of typical structural components such as
stringers and spars; fourth, comparison to experimental results obtained by other researchers is
comparably simple.

As shown in Figure only the process-block 'Specimen manufacturing’ depends on the
process-related parameters. The subsequent steps are material unspecific. Thus, from this point
the methodology is applicable for prepreg and infusion/injection technologies. The transfer of
measured specimen deformations to one parameter set using an analytical formula considers
the use of shell elements within the simulation part of the methodology. Thus, the prediction
of process-distortions is close to the shell-element based design process of the majority of all
parts, which corresponds to a massive reduction of modeling efforts compared to SoA process-
simulation tools.

Scattering of Process Distortions

Scattering of the geometrical fidelity of composite structures is a known issue for manufacturers
and in research. However, the magnitude and the relevance have only been studied rarely. The
proposed approach allows a quick estimation of the expectable geometrical scattering on the
part level based on the scattering obtained on specimen level. This represents an easy step in
order to assess the magnitude of variability for the macro level part.
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Fig. 1.22: Estimation of expectable scattering: Average, maximal and minimal configuration

Assuming that four specimens (# = 1, ...,4) are manufactured at once on an appropriate too-
ling, the obtained spring-in deformations commonly show a certain magnitude of scattering. As
each measurand corresponds to an equivalent simulation parameter, the derivation of an expec-
table deformation envelope becomes simple within the FEA. Figure shows that exemplary.
Within Section (] this is demonstrated for a integrally manufactured CFRP box structure.
In contrast, current simulation-only strategies demand the derivation of the probability functi-
ons for each parameter in order to set-up a FE based probability-analysis. Related costs and
numerical efforts are of another scale in contrast to the simple strategy described above.
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2 Research Objectives and Thesis Outline

This thesis focuses on manufacturing-induced distortions which are an issue within composite
manufacturing. The main aim of this work is to establish a straightforward methodology for the
prediction of occurring manufacturing deformations on part level. A profound knowledge of the
acting mechanisms and their magnitudes is gained by experimental means.

Therein, the two main contributors warpage and spring-in are within the scope. Both effects
are characterized according to fundamental process and process-related parameters such as la-
minate layup, composite material, process cycle, tooling material, tool surface roughness, part
thickness and part radii in order to substantiate and extend experimental results documen-
ted in the literature. Moreover, the forced-interaction effect are characterized for a CFRP box
structure.

Simple analytical models are derived to validate and extrapolate experimental findings. Thus,
thermal and chemical fractions of manufacturing deformations as well as their dependence from
V¢ is characterized.

The experimental program of this thesis is conducted with carbon fiber - duromere prepregs.
Different state of the art materials are used in order to assess material dependency and trans-
ferability of the occurring effects. Tools made from steel, aluminum and invar are used in order
to investigate the effect of the tool’s CTE. All specimens and parts are fabricated using auto-
clave processes with a single-sided male mold concept. Obtained measured spring-in angles are
statistically analyzed and evaluated.

In order to facilitate the consideration of manufacturing deformations within the part’s and/or
the tool’s CAE supported design phase, a semi-numerical shell-element-based simulation metho-
dology is developed. A massive parameter reduction and efficient shell-element modeling are the
main innovations of that approach, as single laboratory scale L-profile specimens are the only
input data necessary to predict the ’as-manufactured’ shape of an entire part. Due to the use
of test specimens for the parameter derivation, the prediction methodology itself is material
independent and thus directly transferable to other manufacturing processes such as RTM or
00A methods.

One major aspect of this thesis is the validation of the idea of a mold-compensation to
counteract process distortions. The developed methodology and its work flow is verified via
a number of test-cases in specific frame-like, integral and highly integral structures. Predicted
‘as-manufactured’ shapes are compared with full-field optical measurements of manufactured
structures in order to verify the area of application.

Structure of the Thesis

This thesis contains eight chapters. Each chapter is described briefly in the following for sake of
the reader’s convenience:
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2. Research Objectives and Thesis Outline

Chapter 1 introduces into the topic and the aim of this thesis and outlines
the relevance of manufacturing deformations for current composite manufac-
turing. Acting phenomena and sources are characterized according to their
origin and the two main effects spring-in and warpage are introduced. Diffe-
rent counteracting strategies are discussed focusing on the compensation of
process-deformations. As an essence, the major findings of an extensive litera-
ture review are summarized and interpreted. The investigated manufacturing
technique and the proposed approach are set in context of state of the art
manufacturing processes and numerical based simulation procedures, respec-
tively.

Chapter 2 summarizes the research objectives resulting from the literature re-
view and gives an outline about the scientific approach pursued in this thesis.
The fundamental questions which should be answered within this thesis are for-
mulated.

Chapter 3 deals with the warpage phenomena. After a definition of the cha-
racteristics of the warpage phenomenon detailed experimental investigations are
presented and discussed. Therein, three different state of the art prepreg systems
are regarded, whereas flat as well as curved specimens with varying layups serve
as the experimental basis. Results are interpreted and experimental findings are
assessed according to their relevance for current and future composite structures
within aerospace and automotive industry.

Chapter 4 summarizes the conducted spring-in investigations. After analytical
pre-examinations of the effect, conducted experiments are described and results
are presented. Therein, the search for the main contributors of the spring-in
effect is in the focus. A new experimental methodology is presented which allows
a spring-in estimation and/or the parameter calculation based on most simple
specimens with dimensions of a few millimeters. Simple L-profiles as well as curved
L-profiles serve as the experimental basis. Analytical and numerical findings are
summarized and assessed with respect to their relevance. A statistical analysis of
the measured spring-in angles is conducted.

Chapter 5 is dedicated to structures which are simultaneously affected by spring-
in, warpage and in particular the forced-interaction effect. Within this section an
integrally fabricated prepreg-made box structure is investigated in order to cha-
racterize the occurring process-induced manufacturing distortions. Experimental
findings are compared to predictions within Section [Z.7l In addition, a numerical
study is presented which focuses on the gusset fillet and its effect on part waviness
of T-joint connections.

Chapter 6 contains the derivation of the semi-analytical simulation model. The
main aim of this model is to transfer measured specimen spring-in angles and/or
warpage deflections to equivalent simulation parameters which are applicable
with the shell-element based simulation methodology. The model is based on the
classical laminate theory. It is derived in detail for flat, simple and double-curved
laminates.
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Chapter 7 is dedicated to the application and validation of the developed me-
thodology, based on multiple test cases. In specific, a C-profile structure, an
integrated box structure and an highly integrated upper wing cover are regarded.
Model predictions are compared in detail with measured distortions of manu-
factured parts. Advantages as well as limitation of the developed strategy are
discussed in detail. A prediction of expectable scattering of process-distortions
based on variations obtained on L-profile concludes this chapter.

Chapter 8 contains a brief summarization of the major findings of experimental
and numerical investigations of this thesis. Concluding remarks about the pro-
posed simulation methodology, its applicability within a CAE supported design
process, and its limitations are given. A technical outlook completes the present
thesis.
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3 Characterization of the Warpage
Phenomenon

Within this chapter the warpage phenomenon is experimentally characterized in or-
der to assess its relevance for structural components in context of a sophisticated
design process. Therefore, experiments with three different state of the art prepreg
materials, varying part aspect ratios and varying tool conditions are performed to
identify material, geometrical and process dependencies of the phenomenon. Moreo-
ver, the transferability between warpage distortions of flat and simply curved shapes
1s experimentally investigated.

Under certain conditions flat laminates autoclaved with a single-sided mold concept show
undesired warpage distortions after the manufacturing process. In particular, very thin composite
structures are prone to show these process-deformations. In academia, two major sources are
named as possible origins of warpage which are gradients in V; and a mechanical interaction
between the tool and the part during the ongoing curing process. Within this section effects
due to V; gradients are neglected as fabricated specimens do not show a measurable gradient
of multiple percent as it is reported by Radford [5]. However, due to the uncertainty of the
measurement technique, it is not concluded that there is no gradient due to the single-side
mold concept. Instead, it is assumed, that the affectation is indifferent for the investigated UD
laminates and is therefore assumed to be constant.

Tool-part interaction is enforced by the autoclave pressure which induces massive forces on the
laminate. This is commonly desired for compaction purposes in order to reduced pore volume
and therefore the pore content. However, this pressure forces the laminate against the tool
surface which leads to a frictional contact when the tool expands during processing as the
laminate’s CTE is significantly smaller (acprp =~ 2 ppm/K). Thus, the effect directly depends
on the strain mismatch between the tool and the part. Parts fabricated on aluminum tools
(arw =~ 24 ppm/K) are supposed to show larger warpage distortions than parts fabricated on
steel (asteer = 12 ppm/K) or invar (ipyer =~ 2 ppm/K) tools. As the effect is driven by a
frictional contact the tool-surface properties are of particular relevance. While former research
focused on different release agent techniques using liquid agents or FEP plies, the effect of
the tool-surface roughness on occurring warpage distortions is of particular interest within this
thesis. This section summarizes the essence of an comprehensive test program which is described
in detail by Stefaniak et al. [9].

3.1 Preliminary Remarks on Warpage Experiments

Specimens geometries investigated in this thesis are similar to those used by Twigg [56] what
ensures comparability between the experimental results. In short: specimen lengths L are in the
range of 600 < L < 1200 mm and specimen thickness ¢ is in the range of 0.5 < ¢ < 1.75 mm.
A solid steel tool is used for the fabrication of all specimens. Prior to the first manufacturing
cycles preliminary tests are performed in order to verify the tool expansion properties and the
tool surface roughness. Due to the production process of the tool raw material (rolling) a certain
anisotropy in thermal expansion properties is conceivable. Expansion measurement by means of
strain gauges reveals slight differences in thermal expansion between the longitudinal (grinding
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direction in Figure B.2]) and the lateral direction. That difference is in the range of 0.5 % while
the longitudinal CTE is determined to 12.015 ppm/K as shown in Table Bl As this difference is

Direction Ethermal [pm/m] AT [K] CTE [ppm/K]
longitudinal 75 61.74 12.015
lateral 71 61.74 11.949

Tab. 3.1: Measured tool expansion coefficients

small compared to the CTE difference between the tool and part CTE, it is neglected within this
thesis. For sake of simplicity the thermal expansion of the tool is assumed to be constant although
Gorenc [73] reports a slight nonlinear character for increasing temperatures. This simplifies the
analytical relations derived in the following. However, those equations can be derived for a
temperature dependent tool CTE analogously.

Another important issue is the peripheral grinding process of the tool surface which com-
monly leads to a certain anisotropy in roughness between the grinding direction and the lateral
direction. Coarseness measurements at the initial state, utilizing a Mahr Perthometer M1, re-
veal significant differences. Tool surface roughness in grinding direction is obtained to be four
times smaller than in the lateral direction. Table [3.Il gives an outline of the measured coarseness
values for different configurations which are explained in the following. Therein, parameter R,
represents the arithmetic roughness index according to Hoischen [74].
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Fig. 3.1: Average tool-surface roughness R, [pm] in the tool’s longitudinal and lateral direction

On the one hand, this anisotropic coarseness is undesired as it demands additional attention
within the specimen manufacturing process. On the other hand, it allows the detailed investiga-
tion of the coarseness dependence of the warpage effect.

Thus, different alignments of the specimens on the tool allows the characterization of this
roughness effect. Figure depicts differently aligned specimens of various lengths as well than
the obtained convex warpage deformations schematically.



3.1. Preliminary Remarks on Warpage Experiments 39

grinding direction

as-built

—— nominal
B /\

manufactured shape

aligned specimens

Fig. 3.2: Flat laminates of various lengths differently aligned on the steel tool where tool dimen-
sion are [; = 1300 mm, wy;=1000 mm and ¢; = 15 mm

Warpage Deformation Measurement

Warpage deformations are characterized by a convex shape, whereas the center of the composite
part moves away from the tool surface what is shown in Figure The shape of the manufactu-
red part depends on the magnitude of interaction effects. Generally, specimen distortions show
neither a quadratic or circular nor a harmonic shape. Thus, two different approaches are con-
ceivable to characterize the occurring warpage deflections. The first one examines the maximum
deflection of the part while the second one uses multiple measurements along the part length.
Within this thesis the maximum deflection approach is pursued as it represents a straightforward
procedure and as it was also used by Twigg [56].

Due to the small thickness of the laminates the bending stiffness around the width-axis of the
fabricated specimens is very small. Thus, gravity affects the part shape massively. Consequently,
this effect needs to be blanked out within the evaluation of the warpage distortions. Figure [3.3]
shows the chosen measurement arrangement as it is used in this thesis. Therein, specimen width-
axis is aligned parallel to the gravity axis §. A heavy fixture serves as an arrester for the specimen,

D 5 / fixture

— .

specimen i <A

steel-rules

Fig. 3.3: Deflection measurement assembly for warpage specimens

while two steel rules are used to determine the maximum deflection w as illustrated in Figure
B3l For very thin specimens with ¢ ~ 0.5 mm an adhesive spray is used to fix the specimens
on the flat table. In order to validate the reproducibility of that procedure, each specimen was
positioned and measured three times on each longitudinal edge. The measurements revealed an
accuracy of £0.1 mm for the measured warpage deflection.

Investigated State-of-the-Art Prepreg Materials

Warpage experiments presented in this section are performed with three state-of-the-art prepreg
materials: HexPly®-8552/194/AS4, HexPly®-M21E/134/IMA and HexPly®-8552/134/IMT.
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Table B2l gives the major physical and mechanical properties taken from available supplier data
sheets. The assigned abbreviations are used within the following sections. The main differences

Prepreg Vi[%] ¢t [mm] Aw[g/m?] plg/em®] FE11[GPa] G12[GPa] Source
8552/IM7 59.2 0.184 194 1.58 160 4.6 [75]
8552/AS4 57.4 0.195 194 1.58 141 3.9 [75]
M21E/IMA - 0.127 134 1.58 154 42 761
M21/T800 - y § 1.80 171 5.1 7

Tab. 3.2: Investigated prepreg materials and nominal suppliers data. Note, M21/T800 is used
with Section 4.3

between the three investigated prepregs are obtained for the Young’s modulus in fiber direction
which is due to the different fiber characteristics. Differences in the area weight (Aw) and
therefore the nominal cured ply thickness ¢ are compensated due to appropriate layups in order
to achieve comparable thicknesses. All three prepreg system are processed with 180°C cure
cycles. This is important, as the tool expansion is temperature dependent. Consequently, it is
assumed that the maximum tool expansion is equal for all three materials.

3.2 Effect of Tool Surface Coarseness on Warpage Deflections

Eight specimens are manufactured to characterize the effect of the tool-surface roughness on
the warpage deflections. Specimens have a length of 900 mm and are composed of four or eight
UD plies which corresponds to a thickness of 0.5 mm and 1.0 mm, respectively. Indifferent
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Fig. 3.4: Effect of surface coarseness on warpage deformations of M21E. w denotes the average
deflection of three nominal identical specimens.

from the prepreg material, specimens aligned in the tool’s lateral direction show larger warpage
deflections. However, M21E/IMA specimens show significantly larger warpage deflections than
the other two specimens. Within the following, measurement results of the M21E/IMA specimens
are evaluated. According to Figure B.4] warpage deflection of the lateral aligned specimens is
almost as twice as high as the deflection of longitudinally aligned ones. Regarding the 1 mm
thick specimens, lateral aligned ones show a 60 % larger warpage deflection as the longitudinal
aligned ones. An overall interpretation of the measurement results reveals a massive thickness
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dependence, as e.g. the warpage deflection of the lateral aligned specimens decreased about 77
% while the thickness doubles. As only two thicknesses of one layup are manufactured, results
are connected linearly in Figure 3.4l Therein w denotes the average deflection of three nominal
identical specimens. As will be shown in the following this turns out to be incorrect, as warpage
distortions does not scale linearly with the part thickness. Further examinations are given in
Stefaniak et al. [9].

The experimental findings described above substantiate the assumption that tool-surface coar-
seness affects warpage deformation significantly. The sources for the different magnitudes bet-
ween the single prepreg materials remain unknown up to this point. Thus, all fabricated speci-
mens are fabricated aligned parallel to the longitudinal tool direction. That is due to the aim to
fabricate 1200 mm long specimens, since the tool width in lateral direction is only approxima-
tely 1000 mm. For each prepreg material nine different configurations are fabricated, whereas
three lengths of 600, 900 and 1200 mm are combined with three thicknesses of approximately
0.5, 1.0 and 1.5 mm. Thus, the warpage deflections are characterized according to the geome-
trical parameters part length and part thickness. Alternatively to length-based description, a
curvature-based analysis is possible as presented by Rohwer et al. [7§].

Effect of a Double-Sided Tooling Concept

The aforementioned experimental investigations substantiate the assumption that manufactu-
ring deformations are mainly dominated by the tool thermal expansion and the tool surface
properties. Consequently, a double sided tooling would lead to a double-sided introduction of
interaction effects into the laminate which would not lead to a warpage distortion after manufac-
turing. In order to validate that assumption, two specimens are manufactured according to the
arrangement depicted in Figure Therein tool#2 has the same thickness, identical surface
properties and is made of the same material as the already described flat base tool.

liquid release agent tool #2

prepreg

.................................................. vacuum f()l].

liquid release agent \

Fig. 3.5: Vacuum bagging arrangement with a double-sided tooling concept

sealant tool

The fabricated test specimen revealed no measurable deflection after manufacturing, what
substantiates the general model assumption illustrated in Figure [[L.8

3.3 Warpage Deflections of Flat Unidirectional Specimens

Specimens Fabricated from 8552/AS4 Prepreg

The maximum deflection obtained for 8552/AS4 unidirectional specimens is about 17.5 mm.
Generally, warpage deflection increases with increasing part length and decreases with incre-
asing part thickness. Neither a linear nor a distinct nonlinear relation can be derived from
the experimental findings. Specimens with a thickness larger than 1 mm show comparatively
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small scattering, while 0.5 mm thick specimens scatter significantly as indicated by the standard
deviation illustrated in Figure
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Fig. 3.6: Warpage deformations of 8552/AS4 specimens as a function of part-thickness (left) and
as a function of part-length (right)

For illustration purposes the average deflections w of the different thickness-length combina-
tions are illustrated in Figure B.7 with bilinear surfaces as proposed by Gao. [79].
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Fig. 3.7: Tllustration of average warpage deflections w of 8552/AS4 specimens using bilinear
surfaces

Specimens Fabricated from M21E/IMA Prepreg

Specimens made from M21E/IMA show significantly higher warpage deflections compared to
the 8552/AS4 specimens. The maximum average deflection is obtained to 76 mm for the 1200
mm long specimens with a thickness of 0.5 mm. This is four times the maximum deflection
of the 8552/AS4 specimens. Less scattering is obtained compared to the 8552/AS4 specimens.
Nevertheless, the major characteristics are similar to the 8552 specimens as thin, long parts
show the largest warpage deformations.
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Fig. 3.8: Warpage deformations of M21E/IMA specimens as a function of part-thickness (left)
and as a function of part-length (right)

Measurement results of the 0.5 mm thick specimens are conspicuous, as the qualitative de-
flection development is contrary to specimens with other thicknesses. A possible explanation of
that phenomenon is proposed by Twigg [56] who obtain similar striking measurement results. He
introduces a critical part length L., whereat he assumed that for parts longer than L. sticking
conditions between the expanding tool and the composite part are present. Consequently, no
shear stress is introduced in the area L, < x < L. Hence, L. represents a kind of upper bound of
the obtained deformations. An experimental validation by fabrication of a longer part was not
possible due to geometrical limitation of the tool at hand. Figure B.9 shows a bilinear surface
interpolation of the obtained average warpage deformations w.

80

=l
i .
s 604
=}
5 v
ERRUER
[am}
[}
= )
S ,
Eo 20
: 1200
P | 1000
e 800
L6 14 12 7 g7 05 600

Thickness t [mm)] Length L [mm]

Fig. 3.9: Bilinear illustration of average warpage deflections w of M21E/IMA specimens

Specimens Fabricated from 8552/IM7 Prepreg

At the first glance, 8552/IM7 specimens show very similar characteristics as the M21E/IMA
specimens while the maximum part deflection is in between the deflection of the aforementioned
materials. However, it should be noted that tool surface conditions have changed prior to fabrica-
tion. While M21E/IMA and 8552/AS4 specimens are manufactured contemporary after the tool
delivery and therefore the initial coarseness measurement, the 8552 /IM7 specimens are fabrica-
ted at a clearly later point of time. Within the meantime a multitude of parts are manufactured
on the tooling. A repeated coarseness measurement reveals significant changes in tool roughness
anisotropy. While in the initial state the lateral R, was four times the longitudinal R, in grin-
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ding direction, repeated measurement reveals a considerable approximation of both coarseness
values, what is depicted in Figure Bl with the shortcut 'used’. That adulterates a quantitative
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Fig. 3.10: Warpage deformations of 8552/IM7 specimens as a function of part-thickness (left)
and as a function of part-length (right)

comparison significantly, as the coarseness affects the occurring warpage deformations as sub-
stantiated in Section Thus, this must be kept in mind when comparing the experimental
results. Nevertheless, the approximation of the longitudinal and the lateral coarseness represents
an interesting experimental result, which is probably induced due to resin residues and a certain
layer of release agent which built-up with the number of manufactured parts. Those residues
fill coarseness cavities step-by-step. This suggests that a kind of equilibrium state of the surface
roughness is conceivable after a certain amount of fabricated parts. To assess this interesting
effect more thoroughly it needs further experimental investigation. As it is out of the major
scope of this thesis it is not further investigated here. However, an additional set of experiments
in specimen-scale should be performed to substantiate and quantify the effect. Analogously to
the preceding material, Figure B.I1] shows the average warpage deflection @w obtained for the
8552 /IM7 specimens.
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Fig. 3.11: Bilinear illustration of average warpage deflections w of 8552/IM7 specimens

Up to this point the interpretation of the experimental findings is difficult. Figure shows
the obtained average warpage deflections for the three investigated prepreg materials. Results
clearly show that warpage deflections increase nonlinearly with increasing part length and de-
creasing part thickness.
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Fig. 3.12: Comparison of warpage deflections w for the three material combinations

However, differences between the single materials are significant, as the deflection of M21E/IMA
specimens increase deflections of the 8552/AS4 specimen by a factor of four. This was not ex-
pected, as the warpage effect was assumed to be driven by the thermal tool expansion mainly.
As all prepreg materials are cured with an 180 °C process there must be another effect which
induces the massive difference in deflection. The obtained magnitudes clearly suggest that war-
page is only relevant for applications using laminates with thicknesses smaller than 1.5 mm. In
context of a compensation, it should be balanced between a modified curved tool surface, simple
re-deformation of the part within the assembly or a tool solution using invar. Considering com-
mon structural components such as spars, stringers or ribs, the warpage phenomenon is of minor
relevance as laminate thickness of those components is commonly above a thickness threshold
of 1.5 mm.

Nevertheless, the inspection of the experimental findings clearly reveals that M21E/IMA spe-
cimens show the largest distortions. At this point the origin of this difference is not clear. Resin
and fiber properties of the materials at hand differ slightly as shown in Table 3.2, but not
to a degree that justifies the obtained differences in w. When focusing on the 8552/AS4 and
M21E/IMA warpage deflections, since tool surface properties can be assumed as identical for
those specimens, experimental results are striking.

Micro section analysis are performed in order to account for potential differences in the part’s
inner structure induced due to the different ply thickness, a V; gradient or neat resin layers for
example. Within the following section, the conducted micro section analysis results are presented
and discussed.

3.4 Inspection of Laminate’s Architecture by Means of Microsection
Analysis
Tool Surface properties during the manufacturing of the M21E/IMA and the 8552/AS4 speci-

mens are assumed as equal, since the manufacturing of the specimens are conducted within a
small time period. Considering the significant differences of the obtained warpage deformations
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for the investigated materials, it is suspected that the slight fiber property differences outlined
in Table are not the only explanation.

To substantiate that guess, micro-section analysis are performed for selected specimens of the
same thickness. Figure shows representative micro sections for the investigated unidirectio-
nal specimens of the three prepreg materials at hand. A comparison reveals massive divergences
in the laminates architecture. Almost no interply borders are detectable for the 8552/AS4 spe-
cimen while the 8552/IM7 specimens partially show ply boundaries.
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M21E/IMA [0]s  8552/AS4 [0] 8552/IM7 [0]s

Fig. 3.13: Microsections of the investigated laminates

In contrast,the M21E/IMA specimen shows conspicuous interply regions, what can be excel-
lently seen in Figure A detailed cut-out of two adjacent layers is given in Figure 314l The
manifestation of those so-called interleaf layers is supported by thermoplastic particles which
are part of toughening concepts of modern prepreg materials. Those concepts aim for improved
damage tolerance properties as outlined amongst others by Marsh [80]. Regarding such an inter-
leaf layer in Figure B.14] different gray scales indicate neat resin (less dark) and thermoplastic
particles (darker).
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Interleaf layer thickness t;

Thermoplast particles

Nominal ply thickness

Fig. 3.14: Detailed view on distinct interleaf layers obtained for the M21E specimens

The nominal ply thickness t,;, of one M21E/IMA ply is about 0.127 mm. Micro section inspec-
tion reveals interleaf-layer thicknesses t;; of approximately 0.025 mm which is approximately one
fifth of the total ply thickness ¢,;,. As the appearance of the cross sections are that different, it is
assumed that those interleaf layers abet the development of warpage deformations significantly.

Nevertheless, ply-wise V} inspections are conducted to account for conceivable gradients. Sin-
ce, those inspections reveal no volume fraction or void gradient from ply to ply no detailed
presentation is given here. However, experimental results are comprehensively described by Ste-
faniak et al. [9].

Summarizing it should be noted that laminates with interleaf layers show larger warpage
deflections compared to non-interleaf laminates, when similar fiber properties and identical tool
and process properties are given.

A common modeling approach is based on the theoretical assumption of interply slippage.
Melo and Radford [58] assume that slippage between the fibers abet the development of a stress
gradient, since plies distant from the tool relieve stresses as sliding between the plies is possible.
However, this is contrary to experimental findings of Ersoy et al. [63] who showed for 8552/AS4
prepreg material that prepreg/prepreg interfaces have better stress transfer properties than pre-
preg/tool interfaces. Furthermore, own experiments, described in section [Bl substantiate Ersoy’s
[63] findings. In contrast, Sun et al. [68] experimentally show that ply slippage occurs already
at low temperatures between 40 °C and 80 °C when absolute pressure is about 0.1 MPa. Sun
et al. [68] use these effects within a prepreg-based diaphragm-forming process. This suggests
that interply-slippage is a direct function of normal forces induced by the pressure difference
which is analogously to the Coulomb friction. As laminates investigated in this thesis are auto-
claved, interply slippage is excluded as a potential mechanism inducing warpage deformations
as specimens are fabricated with an absolute pressure of almost 0.7 MPa.

Constitutive Model Explaining the Interleaf-Layer Effect

The expanding tool transfers interfacial stresses at the tool/part interface. Considering a homo-
geneous material, this leads to a shear-stress gradient in laminate-thickness direction as depicted
in Figure (left). As long as linear-elastic material properties are assumed, such a gradient
will not result in residual stresses after the cool down to room temperature.
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Fig. 3.15: Post-gelation stress distribution within the laminate for layups with interleaf layers
(right) and without interleaf layers (left)

Regarding the interleaf-layup configuration in Figure (right), the comparably soft in-
terleave layers potentially lead to a more distinct stress gradient, as shear deformation of the
resin-similar areas impede the stress transfer between the plies. Nevertheless, no residual stresses
due to tool-part interaction would remain after the cool-down. Present models give no substan-
tiated explanation for the obtained deformations as they do not account for property changes due
to the ongoing curing process. Thus, a new explanatory model is developed which can explain
the differences between interleaf and non-interleaf prepreg systems.

During the curing process resin properties change significantly. Garstka et al. [14], Ersoy et
al. [23] and Gigliotti et al. [8I] investigate the property development during cure of 8552/AS4
prepreg and showed that the gel point is reached during the second ramp when processing the
MRCC. Moreover, Ersoy et al. [82] show that vitrification is observed approximately 45 minutes
after reaching the second dwell phase. Generally, the resin’s modulus develops during the rubbery
state, which is between the gel point and the vitrification, and increases instantaneously at the
point of vitrification. The underlying mechanism can be explained based on Figure (left).
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Fig. 3.16: Illustration of the constitutive model

After reaching the gel point the resin is in rubbery state and is able to transfer stresses
between fibers and plies. Within this state, the resins’s modulus is denoted FE,.;. Commonly,



3.4. Inspection of Laminate’s Architecture by Means of Microsection Analysis 49

gelation and vitrification are timely spaced within the manufacturing process. As the gel point
is reached during the second ramp, additional thermal strain is induced by the tooling until the
second dwell phase is achieved. Therefore, the laminate exhibits a kind of elastic pre-loading,
whereat the corresponding strain is denoted at &,,5. When reaching the vitrification within the
second dwell phase, the Young’s modulus of the resin increases instantaneously. After reaching
the vitrification the resin is in glassy state and no relaxation is possible any more. At the end
of the process, the cool down to ambient conditions induces thermal contraction of the tooling.
Due to the instantaneous property change the resin’s modulus in glassy state Egqss becomes
significantly higher that FE.,;. Due to this difference, the strain due to the cool down &g4ss
is smaller than &,,; which results in a certain residual strain fraction. Due to their residual
character these strains are referred to as frozen strains €,,. in this thesis. At this point, frozen
strains are responsible for the development of manufacturing deformations but however the
relation of interleaf layer thickness to magnitude of deformation still remains unclear.

As the resin is assumed to have isotropic properties throughout the entire curing process,
shear stiffness is proportional to Young’s modulus G ~ F as, wheres a change of the poisson’s
ratio is disregarded.

Therefore, the aforementioned characteristics of the Young’s modulus can be transferred to
the shear properties. This is shown in Figure (right). A direct comparison of the cross
section characteristics of the M21E/IMA and the 8552/AS4 specimens given in Figure B. I3l abets
an explanation why laminates containing interleaf layers exhibit larger deformations than non-
interleaf laminates. Due to the finite thickness of the interleaf layers, which have neat resin similar
material properties, the development of a distinct stress gradient is supported, as indicated in
Figure (right). Figure BT illustrates the effect of frozen strains in Figure

Cure temperature Room temperature
Autoclave pressure Autoclave pressure

PYvived \EERRREE
L |

— —

neat resin

ply core

neat resin

ply core
&M Vrub &M Y froz

Fig. 3.17: Frozen strains in neat resin layers support manufacturing deformations

As these strains induce a more distinct stress gradient in laminate thickness direction the
resulting residual moment M, which is derived according to Equation Bl is larger than for a
homogeneous laminate. )

t/2
M = o(z)-z-dz (3.1)
—t)2

As the relevance of the warpage phenomenon for common structural elements is comparably
small due the aforementioned geometrical limitations, the preceding constitutive model is not
further pursued in this thesis. Nevertheless, it provides a physically reasonable explanation why
manufacturing-induced warpage distortions of interleaf-layer prepreg systems exceed distortions
of non-toughened systems.
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3.5 Warpage Deflections of Flat Multiangle Specimens

Up to this point, experiments are performed with UD laminates only. Due to their weak me-
chanical properties in transverse direction those laminates are rather less relevant in technical
applications. To assess the relevance of warpage distortions for technically relevant laminates
composed of multiple differently aligned plies, a set of warpage test specimens is manufactured.

The set consists of four different layups manufactured from M21E/IMA prepreg. Layups
are [0,90]s, [90,0]s, [45, —45,90, 0], [45, —45, 0, 90]5, whereas three specimens of each layup are
manufactured. All specimens are 900 mm long and 100 mm wide and are fabricated aligned in
tool longitudinal direction. According to the layup, the specimens thickness is between 0.5 mm
and 1.0 mm. Figure elucidates the measured warpage deflections for these configurations.
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Fig. 3.18: Average warpage deflections of selected multi-angle laminates

The comparison of the average warpage deflection of the multi-angle laminates shown in
Figure with that one of the unidirectional laminates given in Figure B.8 abets a few simple
conclusions. The obtained warpage deflections of the unidirectional and the [0, 90]s; laminates are
of almost the same magnitude, whereas w of the [90, 0], is only approximately 70 %. This can
by explained with findings by Bapanapalli and Smith [46] who numerically analyse the warpage
effect for UD laminates. They derive the theoretical thickness of the laminate fraction affected
by tool-part interaction. They derive a thickness of 0.013 mm for aluminum molds and 0.03 mm
for invar molds, whereat both thicknesses are less than one ply thickness. Thus, it is assumed
that the 0° ply in the [90,0]s is not directly affected by the expanding tool which leads to a
smaller stress gradient and therefore a smaller deflection.

This indicates that the number of UD plies does not dominate the warpage deformations
solely. Instead, it is a balance between the position of the outer 0° plies and the total bending
stiffness of the specimen.

Warpage deflection for the [45,—45,90,0]s is almost identical to that one of the eight ply
UD specimens. Nevertheless, [45, —45,0,90]s; show only half of the warpage deflection than the
[45, —45, 90, 0]s specimens. At a first glimpse, this finding contradicts the relations above, where
the outer 0° ply dominates the occurring warpage deflections. Considering that the affected
laminate fraction is less than two times the ply thickness, it is assumed that the tool expansion
leads to an identical stress transfer for both eight-ply laminates. As this introduced residual stress
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is responsible for the bending of the specimens after the demolding, it acts against the bending
stiffness of the specimens. As the bending stiffness of the [45, —45,0,90]; layup is larger than
that one of the [45,—45,90, 0], specimens, the expectable warpage is lower. This explanation is
supported by investigations of Arafath et al. [64].

3.6 Warpage of Curved Thin Specimens

In the preceding, the warpage effect is characterized for flat unidirectional and multi-angle
laminates. In this section warpage is investigated for simply-curved laminates with a considerable
radius of R = 350 mm.

Due to the geometrical shape of the structure it is potentially affected by warpage and the
spring-in effect as is has a reasonable curvature and is still thin.

The main issue of this section is to answer the question whether a simply curved composite
part is dominated either by the spring-in phenomenon or the warpage effect, or whether both
effects equal each other.

Figure shows the used tooling geometry schematically. Roughness measurements are
performed with a Perthometer M1 in extrusion direction of the tool. A measurement in circum-
ferential direction is not possible with the used Perthometer M1 due toe the massive curvature.
However, the coarseness in transverse direction is obtained to R, = 1.46 ym and R, = 1.24 ym
for two arbitrary selected positions on the tool surface which is significantly higher than that
one of the flat tooling.

As that tooling has been fabricated out of rolled steel sheet metals which commonly have no
grinded surface, no direction dependence of the surface roughness is obtained.

Depending if warpage or spring-in is dominating, two different deformation shapes are con-
ceivable after demolding the part from the tool.

In case #1, the spring-in effect is dominating which leads to an increase of the enclosed
angle but a decrease of the part radii according to Figure Case #2 is dominated by the
warpage effect, which results in a convex-down curvature of the part in tool direction, what is
accompanied by a decrease of the enclosed angle and an increase of the part’s radius.

#1

#2

as-built —— nominal

Fig. 3.19: Constantly curved (R=350mm) flat laminates: #1 spring-in dominated configuration;
#2 warpage dominated configuration

To assure a transferability, the used length and width of the curved specimens should be
identical to those of the flat unidirectional laminates. Thus, the length of the specimen is set
to 900 mm whereby an eight-ply laminate is used (¢ ~ 1 mm). The bagging arrangement is
equal to that one of the flat-plate experiments as illustrated in Figure [4.13l Three specimens are
fabricated at the same time in order to blank out batch-to-batch variability similar to the flat-
plate manufacturing. While the maximum deflection is an appropriate measurand for the flat
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specimens, it is insufficient for the curved specimens. Therefore, part deformation is measured
with respect to the coordinate system illsutrated in Figure The specimen coordinates are
measured for fifteen points along the arc length, while Ax and Ay represent components of the
maximum deflection vector comparable to the measurand w for the flat specimens.
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Fig. 3.20: Measured deformation of the curved specimens. Signs correspond to axes orientations

The signs of the measured deformation in Figure are related to the depicted coordinate
system. The comparison with the two cases shown in Figure reveals that the deformation
of the curved specimen is dominated by the spring-in effect.

Within Section [[.2] an informative numerical comparison is presented, applying the new mode-
ling strategy which is introduced in Chapter [6l In order to compare the measured as-built shape
with the nominal tool shape, best-fit circles are derived from the 15 points along the arc length
of each specimen. It should be noticed that a malfunction of the used diamond saw damaged
specimen 2. Therefore, the specimens number one and three are utilized for evaluation purposes
only. Table [3.3] gives the derived best-fit diameter.

Specimen Meas. points  Best-fit @mm] max dev. [mm] arc length [mm]

nom. - 700.00 0 900
1 15 687.58 1.46 900
3 15 687.76 1.93 900

Tab. 3.3: Best-fit circle derivation based on measurement results

Evaluation of the arc-length relation s = ry for the nominal configuration reveals an enclosed
angle of 147.33° for a radius of 350 mm. Application of the arc-length relation to the average as-
built configuration gives an enclosed angle of 149.97° with a corresponding radius of 343.84 mm.
That corresponds to the definition of the spring-in phenomenon which suggested the assumption
that manufacturing deformations of curved thin composite specimens are dominated by that
effect.

3.7 Cognitions from the Experimental Warpage Investigations

The relevance of the warpage effects directly depends on the structural application. Experimen-
tal results clearly verify that tool-part interaction can lead to massive deflections of thin flat
laminates. Experiments further verify that the warpage effect occurs only for single-sided mold
manufacturing techniques as a double-sided mold with identical surface and tool properties on
both sides produces no measurable warpage deflection. Moreover, warpage is directly related to
the tool’s CTE and in particular to the mismatch between the tool’s and the part’s CTE.
Regarding specimens with identical lengths, a clear nonlinear relation is obtained as the war-
page deflection significantly decreases with increasing laminate thickness. This is consistently
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observed for the investigated 8552/AS4, M21E/IMA and M21/T700 prepreg materials.

The qualitative behavior is identical for all three prepreg materials, as increasing specimen
lengths lead to larger warpage deflections. However, a significant dependency from the prepreg
system is observed as M21E/IMA specimens produce almost twice times higher warpage deflec-
tions compared to the other systems.

Microsection inspections show significant differences in the laminate’s architecture, as M21E/IMA
shows well established interleaf layers with distinct thermoplastic particles. In contrast, M21/T700
and 8552/AS4 specimens only show slight interleaf-layer tendencies respectively no interleaf
layers.

Figure [3:2T] shows a selection of different specimens. As can be seen, deflections can reach
considerable magnitudes.

~ 1200 mm

Fig. 3.21: Selection of different warpage specimens

The surface roughness of the tooling turned-out to have a massive impact on the obtained
warpage deflections. Thus, a surface roughness of R, of 0.15 pum results in a 50 % warpage reduc-
tion compared to a surface roughness R, of 0.6 um for nominal identical specimen properties.
These are common values for tools fabricated with a circumferential grinding process. Interes-
tingly, measurements show that the surface roughness tends to equalize after the fabrication of
multiple structures.

Warpage measurements with different multi-angle specimens reveal that warpage deflections
are dominated by the outer 0° plies in combination with the overall bending stiffness of the part.

Warpage measurements for unidirectional flat circular curved specimens reveal, that the war-
page effect is not the main driver for curved shapes, as obtained deflections are contrary to the
expected, warpage typical distortions. The simulation shown in Section substantiates this
experimental finding.

In terms of appropriate counteracting measures it remains questionable if a tool compensation
in form of an 'inverted’ curved tool surface is able to compensate warpage distortions. According
to the curved-warpage investigations, it must be expected that fabrication on a curved tool
surface leads to spring-in dominated shape variations and thus, no complete compensation.
Therefrom, it is concluded that warpage can only be counteracted by use of a double-sided mold
concept even when aluminum or steel with their high CTEs is used.

If a single sided mold concept is demanded, invar or CFRP tools provide similar CTE’s as the
composite part which will avoid warpage distortions.
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4 Investigation of the Spring-In Phenomenon

In this chapter the spring-in effect is investigated by means of geometrical measu-

rements of fabricated test specimens. The aim is to work out the main drivers of
the effect. Therefore, part specific parameters such as section-radii, part-thickness
and layup as well as tool specific parameters as surface roughness and tool material
are varied. Furthermore, the effect of a process cycle with modified dwell stages is
investigated. Spring-in angles obtained for different prepreg materials are compared
to identify the characteristics of each prepreg material. A comprehensive statisti-
cal analysis is conducted based on the obtained spring-in angles. The experimental
quantification of thermal and chemical spring-in fractions finalizes this chapter

4.1 Analytical Pre-examination of the Spring-in Effect

Composite manufacturing is characterized by an almost infinite number of parameter configu-
rations. Due to this complexity, it is neither possible to quantify the magnitude of expectable
spring-in angles nor to estimate the amount of scattering without focusing on a certain parame-
ter combination or a parameter group. As outlined in the literature review given in Section [L.6]
a lot of research has been conducted in the last decades. Unfortunately, fundamental differences
in experimental setups hardly preclude a distinct quantitative comparison between the obtained
experimental findings. Therefore, the investigations reported in this chapter focus on prepreg
materials similar to the ones used for the warpage investigations.

Therefore, this focus on state of the art prepreg materials similar to the warpage investigation.
Thus, the results presented here are evident for the selected prepreg systems. Specimens are
fabricated with the MRCC with use of a certain bagging arrangement while the tool preparation
procedure is equal. As this preliminary study is performed to receive a good approximation of
the expectable spring-in angles, the straightforward approach proposed by Radford [5] is utilized.
Numerical approaches on detail level, as they are described in the preceding, remain disregarded,
as the parameter characterization efforts are disproportional within the context of a preliminary
study.

The Radford Approach

Orthotropic material properties, such as direction dependent coefficients of thermal expansion
lead to inhomogeneous shape changes of a part when subjected to a thermal load for example.
Based on that cognition, Radford proposed a simple analytical model for the calculation of
anisotropy-related shape changes of curved sections. A brief derivation of Radford’s equations
is given in Section.3l

The model is based on the assumption that angle changes of a curved section can be described
by a strain mismatch in the cross-section of the part. Hence, Radford’s model is two-dimensional,
whereat the inspection plane is equal to a section-cut perpendicular to the centerline of the
curvature as indicated in Figure[4.Jl Radford distinguishes between strains in tangential direction
er and strains in radial direction er which are depicted in Figure Based on these strain
components, the current section angle ¢ as well as the corresponding spring-in angle Ay are
given as a function of the nominal section angle yq.
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In the original form, Radford’s approach is formulated for homogeneous orthotropic material.

©o and  Ap=p— o= ©o (4.1)

Tangential direction e

T Radial direction e
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0° direction [ "~ | Relevant inspection

plane

Fig. 4.1: Inspection plane of Radford’s approach

Regarding a composite laminate composed of differently oriented unidirectional plies, the
cross-section cannot be regarded as a homogeneous material. Utilizing homogenization approa-
ches, as they are part of the CLT, allow the application of the Redford approach, since the ply
properties of the single plies are transferred to equivalent properties of the laminate.

In order to prove that the Radford approach is applicable for layered composites, a ply-wise
plain-stress FE model is compared with the analytic Radford approach, whereat homogenized
material properties are used for the latter one.

Radial direction

- >

Fig. 4.2: Application to homogeneous and layered materials: Is that possible?

The special behavior of a layered composites is illustrated in Figure [£.3l Therein, the laminate
has a [+45, —45, (90, 0)2]s layup, whereat the 0° direction is normal to the depicted cross-section.
Interaction between the single plies is disabled. Consequently, the different expansion properties
of each ply lead to different thermal expansions of the different plies. A 15° segment of a corner
area is modeled within the FE model.
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Fig. 4.3: Thermal expansion of single plies disregarding interaction [4+45, —45, (90, 0)2]s

Applying tie conditions between the single layers and introducing boundary conditions, which
force the free end to remain plain, the FE model deforms like a homogeneous orthotropic ma-
terial. That is necessary in order to compare the predictions of the Radford model with the FE
predictions.
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Fig. 4.4: Corresponding FE model of angle section (15°)

For sake of simplification, the comparison is conducted by regarding the deformation behavior
for a thermal load of AT = —160°C for a laminate composed of 0° and 90° plies. Within the FE
model, each ply is modeled with three elements per ply in thickness direction, while material
properties in laminate’s tangential direction are derived by CLT. Material properties in thickness
direction are assumed to be equal to the unidirectional ply properties in transverse direction.
With other words, material properties in tangential direction depend on the layup whereat
properties in thickness direction are equal to the ply’s transverse properties.

The thermal expansion properties in tangential direction ap and in radial direction apr are
given in Table 4.1l These parameters are derived with ESAComp. The iinsertion of ep = ap- AT
and eg = ag - AT into Equation [ and a nominal angle of 15° gives the corresponding spring-
in angle ApRrqdrora predicted by the Radford approach. The spring-in angle derived by FEM is
denoted with Avrgas.
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0° plies [%] Layup  ar ppm/K agr ppm/K | Apragrordl’] A¢rem[°]
0 90], 28.1 28.1 0 0
16.7 [0,905], 5.82 28.1 0.32 0.32
33.4 [02,904] 2.95 28.1 0.36 0.37
50 (03, 903] 1.82 28.1 0.38 0.38
66.7 [04,905], 1.21 28.1 0.39 0.39
83.3 05,904],  0.803 28.1 0.39 0.40
100 [0];5 0.281 28.1 0.40 0.40

Tab. 4.1: Radford predictions and simulation results

A comparison of both strategies based on Table [4.1] verifies the expectation that the Rad-
ford approach is equivalent to the FE simulation when constraining edge-effects by appropriate
boundary conditions as shown in Figure [£.4]

Based on that finding, the Radford approach represents a suitable strategy to investigate
spring-in fractions on a preliminary level. Therefore, it is utilized within a Matlab routine in
order to quantify thermal and chemical spring-in fractions for a variety of layups. This allows a
limitation of the expectable spring-in angles to a certain range as will be shown in the following.

Magnitude of the Expectable Spring-in Angles

As a first issue, the effect of the fiber volume fraction is investigated for a quasi isotropic layup
[45,—45,90,0]5. Subsequently, the spring-in fractions are derived for a variety of conceivable
layups, whereat the regarded Vy is held constant. The Matlab tool, which has been program-
med in context of this thesis, is described briefly in Section [Cl As outlined in the definition of
the spring-in phenomenon, thermal expansion and chemical shrinkage are regarded as the main
sources of the spring-in deformations. Both effects are resin dominated as the fibers have a con-
siderably smaller thermal expansion as well as no chemical shrinkage. Up to this point chemical
shrinkage of the resin is blanked out for sake of clarity. However, due to the similarities between
thermal and chemical effects, chemical shrinkage is regarded analogously to the thermal expan-
sion within the Radford approach. The derivation of corresponding ’quasi-thermal’ parameters
are demanded in order to incorporate chemical shrinking within the Radford model.

Considering a brick-shaped continuum with the edge-lengths a, b and ¢ and volume change
AV %] is given by Equation

AV = euepee + €ap + Eale + €pEc + €0 + b + Ec (4.2)

For an isotropic material strain is direction independent ¢, = ¢, = . = e. Consequently,
Equation gives

AV =3 43243 . (4.3)

The preceding equation represents the often cited relation ¢ ~ AV/3 which relates volume
change with corresponding strains. That is derived when disregarding higher-order terms of e.
Regarding a transversal isotropic material, as a unidirectional ply for example, the transverse
plane is resin dominated. Thus, it is assumed that chemical shrinkage acts in that plane, as no
physical constrains are present. Due to the high fiber stiffness no elongation in fiber direction
occurs. Considering Equation that is given when ¢, =0 A g, = e, = &* is used.

AV =" 4 2¢* (4.4)

Solving for €* gives the corresponding strain induced by a volume change of a transversal-

isotropic material.
e =—-1+vV1+AV (4.5)
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The second solution (-) remains disregarded as it has no physical interpretation. In context of
a composite laminate Equation needs to be expanded by the Vy as only the resin content
of the laminate shrinks according to the preceding equation. The corresponding shrinkage of a
laminate with a fiber volume fraction of V} is described by the following equation.

& =—1+/1+(1-Vp)AV (4.6)

As the interpretation of £* is difficult, the derived €* values are described as an ’quasi-thermal’
parameter. Therefore, ¢* is divided by the acting temperature change AT which gives a corre-
sponding quasi-thermal expansion coefficient o*. Thus, parameters o, ar and agr are quanti-
tatively comparable.

In order to investigate the expectable spring-in fractions, a simple Matlab routine is develo-
ped which enables a spring-in prediction based on the Radford approach, wherein effects due to
chemical shrinkage are considered as outlined above. Figure gives a flow chart of the Matlab
tool. A detailed explanation with further explanation of the underlying equations is given in
Section [Cl The input data for the routine is separated into a material related fraction, wherein
fiber and resin properties are defined, and a layup and process related fraction, wherein resin
shrinkage and curing temperature are defined. Based on the input data, the local ply proper-
ties are derived with respect to micro-mechanics given by Schiirmann [83]. Subsequently, the
local ply properties are transferred to the laminate coordinate system. Homogenization allows
the derivation of the resulting homogenized thermal and chemical parameters of the inspected
laminates.

Input
Layup
Ply thickness
Resin shrinkage =
Section angle Mechanical Thermal Chemical §
Cure temperature By, By 12, Gz on a2 = f (Vi) e =f(Vy,AV) .
! Qij = f(Vy) a = [a1,a2,0]" et =1[0,e%,0]" =
| | |
h J A A =
Properties Mechanical Thermal Chemical <
Fiber Ex, By, Vay, Gay a—a e =& "8
— 1
Resin Qij = Qij —+ A =
I 2
L]
Spring-in angle Homogenization
a s Qo -
Api (ET*ER) - jia’m,R :kl ,T -
o  \1+er J; €lam,R1 Elam, T h

Fig. 4.5: Matlab routine schematically

Finally, Equation 1] is implemented in order to derive the spring-in angle fractions as a
function of fiber volume fraction Vy. For sake of clarity, only selected layups are depicted here.
Table[4.2l gives the used material properties which are mainly taken from the literature. Although
parameters are taken from the literature and are not validated by experiments, the derived
spring-in fractions allow a limitation of the expectable magnitude of spring-in.
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Parameter Value Unit Reference
Et 231000 MPa [75]
Eyy 21000 MPa [75]
Viaf 0.25 - m

Giaf 28000 MPa [75]
afq —0.63 ppm/K [75]
afo 7.2 ppm/K [84]
E., 4670 MPa [85]

U 0.37 - [86]
G 1704 MPa [86]
fave 65 ppm/K [86]

AV —2<..< =7 [%]

Tab. 4.2: Material parameters of AS4 fibers and 8552 resin utilized within the Matlab routine

As depicted in Figure in the Appendix, those parameters can be easily adapted within the
tool. The resulting spring-in angle and its fractions for an [+45, —45, 90, 0], laminate are shown
in Figure as a function of the V.

O e T
—_— ASO
''''' ASOtGm
S I e A@chem -

Spring-In Angle Ay [°]

20 40 60 80 100
Fiber Volume Fraction Vy [%)]

Fig. 4.6: Spring-in fractions of a quasi - isotropic [45, —45, 90, 0] laminate with AV = -5 %

Therein, the resin’s cure shrinkage is set to AV = —5 %, whereat Figure [£7] shows the
resulting spring-in angles for AV = —2 %, —3 % and —7 %. The ply thickness t,;,, is 0.25 mm
and the nominal section angle is @9 = 90° referring to experiments presented in the following.
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Fig. 4.7: Spring-in fractions of a quasi - isotropic [45, —45, 90, 0]; laminate for AV = -2 %, —3
% and —7 %, respectively

Figure [I.§ gives the derived spring-in fractions for a [0, 90, 0, 90| laminate, wherein AV = —3
% , =5 % and —7 %.
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Fig. 4.8: Spring-in fractions of a [0, 90, 0, 90]s laminate for AV = —3 %, —5 % and —7%, respec-
tively

Figure [£.9] gives the derived spring-in fractions for a [(45, —45)2]s laminate, wherein AV = —3
%, —5 % and —7 %.
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Fig. 4.9: Spring-in fractions of a [45, —45, 45, —45]s laminate for AV = -3 %, —5 % and —7 %,
respectively

Comparison of the results depicted in the preceding figures, allows the cognition that the
magnitude of spring-in can be limited to 0.8° < Agp < 2.5° for a technically relevant fiber
volume fraction range of 40 % < Vy < 70 %. However, the assumed chemical shrinkage is
essential for this range.

Although a slight uncertainty must be expected due to the non-validated material parameters,
the predicted range of spring-in deformations corresponds to own experimental results as well
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as data given by Fernlund and Twigg.
As indicated by the Figures [£.6] E.7, and slight changes between the single layups are
obtained, whereat the sensitivity to chemical shrinkage is the main difference.

Spring-in Angle as a Function of Laminate Stacking

The presented approach is applied to a multitude of different laminates. Therein, V; remains
constant while the layup varies. The investigated layups are described by the parameterized
notation [Ax (B,—B)n CL]s, wherein A, B and C denote certain angles. Within the study pre-
sented here A, B, C correspond to 0°,45° and 90° ply orientations, respectively. The coefficients
K, L, M denote the number of plies or plygroups of a certain orientation.

It should be noted that the stacking of the plies does not affect the equivalent laminate
parameters as A = ZQ -t;. Therein, A, Q and ¢; denote the laminates extension stiffness

matrix, the ply stiffness of ply ¢ in global coordinates and the thickness of ply ¢, respectively.
Therefore, the number of plies of a certain orientation is regarded in the parameterized laminate
only. According to Equation 1], the tangential App and a radial fraction Agpg are defined as
followed.

ET —ER ET —€R
Ao, — L =8 — . S = A A 4.7
P e, PO T The, PO T, POTRPT AR (4.7)

Considering that this distinction is possible for the thermal and the chemical fraction, the spring-
in angle Ay is equal to the sum of the four fractions.

Ap = Aprr + Aprc + Aprr + Aprc (4.8)

A meaningful illustration is difficult due to the number of acting parameters. Within Figure .10
is a derivation based on the assumption that K equals L, which leads to a reduced degree of
freedom. Thus, the illustration as a surface plot is possible. Other configurations with a higher
degree of freedom are not illustratable as a surface plot.

Spring-ln Angle [7]

0,90 plies 45 ,-45 plies

Fig. 4.10: Spring-in fractions for the parametric layup [Ag (B, —B)y Ckls, wherein A;B and C
denote 0°,45° and 90°, respectively.
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An investigation of a parameterized layup [Ax (B,—B)m Ckls with a Vi of 60 % reveals
interesting results. For 1 < K < 14 and 0 < M < 15 layups contain up to 116 plies. However,
the spring-in angle is obtained independent from the number of 0/90 plies, which is due to
the quasi orthotropic material properties. The following set of equations verifies this for this
particular layup.

A= ZZ:1Q g
=k

ET = Qygm - AT

The laminate’s homogenized coefficient of thermal expansion and the expansion due to chemical
shrinkage is derived according to Equation .9 With respect to the parameterized layup, the
extension stiffness matrix A and the total width specific normal forces due to a thermal load is

given by equations .10 and [£.11], respectively.

A =2t [K-(;E—l-Q T +1'-Q-T >+M-<;C—1-Q-.T. +T7 QT ﬂ (4.10)
= =0 = To T9 = T9 =145 = T45 T 45 = T 45
Ny = [K (fl+f1) + M- (11+;Cl )] -Q-a- AT -2t (4.11)
=0 o0 =15 T-45 =
Equation 1Tl can be simplified as follows:
1 10
Nrp=(K+M)-|1 1 0[-Q-a-AT-2t;, . (4.12)
0 0 0]

Deriving the homogenized laminate’s coefficients of thermal expansion given by & reveals con-
stant parameters although the laminate stacking and the laminate thickness changes significantly.

Qg = 5 A7 Ny (113)
The single fractions depicted in Figured.I0show that the radial components of the total spring-in
angle pg; dominate spring-in angle Ay massively. Consequently, that cognition is used within a
new experimental approach for the derivation of expectable spring-in angles presented in Section

It should be noted that, non-quasi-orthotropic laminates, as for example [Aox (B, —B)n Ckls,
reveal a layup-specific spring-in angle which is depicted in Figure 11l However, the obtained
variability is limited.
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Fig. 4.11: Spring-in  fractions for the non-quasi orthotropic parametric layup
[Aok (B,—B)y Ckls, wherein A, B and C denote 0°, 45° and 90°, respective-
ly.

Findings of the Numerical Pre-examinations of the Spring-in Phenomenon

Within the preceding section, the expectable magnitude of spring-in is investigated, pursuing
the aim to define a quantitative range of the expectable spring-in angles. Therefore, the two-
dimensional approach proposed by Radford [5] is utilized. As that approach is proposed for
orthotropic homogeneous materials, it is applicability to layered composites which are not ho-
mogeneous. This is validated by means of finite element analysis. Therefore, homogenized layup
expansion properties used with the Radford approach are compared to ply-wise FEM analysis.
Both strategies reveal the same result when appropriate boundary conditions are applied wi-
thin the FE analysis. That boundaries represent a kind of cyclic symmetry which prevents edge
effects as depicted in Figure .41

Providing this transferability, a Matlab routine was developed, which enables a spring-in
estimation based on the Radford approach. Therein, the resin’s volumetric shrinkage AV is
transferred to corresponding strains. Expansion in transverse direction only is assumed. Thus,
‘quasi-thermal’ strains are derived based on simple volumetric considerations. Subsequently, the
routine is applied for different layups for the range 0 % < V& < 90 %. The used material mecha-
nical and thermal properties are taken from the literature. The magnitude of resin’s volumetric
shrinkage is varied in a realistic range of 2 % < AV < 7 % in order to quantify the effect on
the spring-in angle. It should be noted that all stated spring-in angles are referred to a nominal
angle pg = 90° as this allows a direct comparison to the experimental results presented in the
following. Although slight uncertainties are related to the mechanical properties taken from the
literature, the values of the parameters are representative. Thus, the expectable spring-in of the
o angle can be limited to a range of 0.8° < Ay < 2.5° for a technically relevant fiber volume
fraction of 40 % < Vy < 70 %.

In order to widen the significance of this study, the Matlab routine is used for an parameterized
layup [Ag (B,—B)a Crls. Therein, A,B and C are taken as 0°,45° and 90°, respectively. The
parameters K, L and M denote the number of plies or ply-groups. As the number of parameters
is to large for a clear illustration within a surface plot, it is exemplary depicted for the selected
configuration where K equals L.

Thus, the derived spring-in angle can be limited to 1.33° for a Vy of 60 %. Regarding non-quasi-
orthotropic laminates as [Aox (B, —B)y Ckls for example layup dependencies are obtained.
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Those findings clearly substantiate that the expectable amount of spring-in is within a small
range, at least for the carbon epoxy prepreg materials similar to that one used for this study. In
context of a straightforward compensation strategy, those findings are essential, as expectable
tool modifications will be within a small range as well even when a significant chemical shrinkage
is considered.

4.2 Preliminary Remarks on Experimental Investigations

In order to investigate the influence of part-specific properties such as, for example, part thick-
ness, section radii, laminate layup, a tool geometry is designed enabling the fabrication of L-
profile test specimens with different geometrical properties. In order to determine the effect of
the tool material, the tool design is fabricated twice, whereat one is made from aluminum, which
has a comparably high thermal expansion (« ~ 24 ppm/K) and one is made from invar, which
has a similar thermal expansion as a cured laminate in in-plane direction of @ ~ 2 ppm/K.
Figure shows both tools and a detailed sketch of the cross section of a single L-profile. As
illustrated by Figure the tool-shape provides four male radii (R;,, = 4,6,8,12 mm) and
three female radii (R; s = 4,6,8 mm). However, within this thesis the male-tooling concept is
pursued. The geometrical properties of the L-profiles are similar to those used by Kleineberg
[13]. The specimens are equal-sided, whereat the side length is L = 40 mm. A picture of tools
and specimens is given in Figure

Riom

Fig. 4.12: Cross section of the utilized angle-tools

According to previous experience, specimens show slight batch-to-batch variations in geome-
trical deviations when they are fabricated at different dates although the cure cycle is nominally
identical. In order to blank out this variability, the tool is designed that way that at least four
specimens of each configuration R; are fabricated simultaneously. Thus, it can be assumed that
each prepared specimen experiences exactly the same environmental condition during processing.
Due to the small size of the tool, effects due to inhomogeneous heat conduction are disregarded.



66 4. Investigation of the Spring-In Phenomenon

Specimen Manufacturing

Composite manufacturing provides a wealth of more or less different procedures. As the chosen
process cycle as well as the utilized consumables, such as bleeder a peel-ply for example, might
affect the resulting part shape as outlined by Radford et al. [41], all specimens investigated within
this thesis are fabricated with respect to a single processing instruction similar to the MRCC
given in [75]. If the manufacturing process deviates from the MRCC, it is clearly announced
within this thesis. Thus it is achieved that measured spring-in angles are without a certain
contribution due to varying bagging or process conditions.
Figure [£.13] shows the principal bagging assembly, which is used for all specimens.

/ vacuum bag peel-ply prepreg

liquid release agent \

Fig. 4.13: Vacuum bagging arrangement utilized for all specimens investigated in this thesis

sealant tool

First, the tool surface is thoroughly cleaned (two times) with acetone in order to remove grease
deposits from handling. Subsequently, liquid release agent Chem-Trend Chemlease®) is applied
three times in order to achieve preferably constant surface properties for all specimens. Prior to
the first manufacturing tests, liquid release agent has been applied to the tool and subsequently
oven dried for multiple hours at a temperature of approximately 180°C. Thus, a certain starting
configuration is generated, whereat a thin layer of release agent stays on the tool surface even
after the use of cleaning agents. The prepreg is applied ply by ply, whereat after each ply it is
consolidated with a hand roller. On top of the laminate a peel-ply is applied to absorb excess
resin and to allow homogeneous vacuum suction. The bagging is completed by a vacuum bag
which is sealed with tacky-tape at the boundaries.

Measurement Procedure and Uncertainty

The measurement of the fabrication induced deviations is performed with a high resolution full-
field ATOS measurement system. Since parts are fabricated with a single-sided mold concept
the tool-sided surfaces are used for sake of inspection. As the ATOS system works best when
reflection-free surfaces are inspected, the measurement-relevant surfaces are sprayed with an
appropriate contrast medium which is provided by GOM. Thus, undesired reflections which
falsify the measurement are eliminated. The thickness of the very thin sprayed contrast-medium
layer is assumed to have no adulterating effect since it is applied homogeneously. An ATOS
scan gives a high density point-cloud, whereat the density depends on the camera resolution
and the used measuring-field size. For the L-profiles investigated in this thesis a point-density
of approximately 0.35 pt/mm? is achieved.

As aforementioned, the spring-in is defined as the angle change Ay of a section with a nominal
angle ¢ induced by manufacturing effects. Thus, the orientation of the L-profile’s flanges is an
appropriate measurand. In order to transfer the geometrical information of the point-cloud into
a corresponding spring-in angle, a local area of the point-cloud is selected at each flange of the
profile. Based on all selected points a best-fit plane is derived for each profile leg. Subsequently,
the spring-in angle is derived as the angle between the two plane-normals. Figure .14 illustrates
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that schematically.

Fig. 4.14: Angle measurement using best-fit planes generated from ATOS point-cloud. Nominal
angle is ¢

As indicated in Figure .14 the orientation of a calculated best-fit plane is directly dependent
on the selected points. Each point-cloud of a measured test-specimen is unique and therefore a
automated geometrical inspection has not been possible. Thus, the area for the best-fit plane ge-
neration is selected manually. In order to reduce adulteration, boundary areas and the transition
zone for the single-curved radius area to the flange area is excluded for the plane calculation as
indicated by the dotted plane boundaries in Figure .14l Nevertheless, that manual work-step
is accompanied by an uncertainty which needs to be regarded within the evaluation. In order
to quantify the magnitude of that uncertainty, the spring-in angle has been measured fifteen
times (n = 15), whereat each calculation is based on a new generated set of best-fit planes. The
obtained measurement uncertainty is 0.02°. As this measurement uncertainty is significantly
smaller than the obtained part-specific scattering it is disregarded in the following.

Fig. 4.15: Measured L-profile point cloud with constructed best-fit planes and angle measure-
ment

Within the following sections, the measurement results are illustrated, whereat the ordinate
values are given by the average spring-in angles and the corresponding standard deviations. In
Section [£.4] the geometrical scattering of fabricated L-profiles is discussed in detail.

Therein, the average values Z and the standard deviations s, are calculated with the following
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equations given by Row [87].
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4.3 Experimental Investigation on Spring-in Affecting Parameters

Composite manufacturing is sensitive to environmental effects, since the composite characteri-
stic properties arise during the manufacturing process. Beside that, a variety of part specific
parameters influence the manifestation of process-induced distortions. Those are:

Part thickness

Section radius
Laminate layup

Tool material

Tool surface roughness
Process cycle

NSOt W=

Prepreg material selection

Therefore, the following issues are investigated by experimental means, in order to work out the
main drivers, respectively the essential parameters of occurring spring-in deformations. The idea
is to quantify the single contributions and to gain substantiated knowledge of the origins which
can be purposeful used for the model derivation in Section Bl As the ply-by-ply composition
of common laminates allows a target oriented adaptation of mechanical properties according
to given loads on the one hand, the multitude of conceivable layups makes it hard to develop
general statements about the main drivers on the other hand. Thus, a statement according to
the thickness dependency of the spring-in effect can only be formulated with respect to a certain
layup. Figure contains the global coordinate system used for all specimens in this section.

90° direction

\

Fig. 4.16: Ply orientations for the L-profiles

Regarding a symmetric eight-ply laminate for example, wherein ply orientations are limited to
45°, —45°,90° and 0°, 4* = 256 different layups are possible. As this multitude of different layups
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cannot be investigated entirely, it is focused on selected layups in this section. Nevertheless, a
certain transferability between different laminates is given for quasi orthotropic laminates as
outlined in Section E1]

Spring-in - A Function of Part Thickness?

An effect of part thickness is only evident for layups consisting of one fiber direction only. Thus,
unidirectional four and eight-ply layups are fabricated from 8552/AS4 pregreg material. This is
done on the available aluminum and invar tools. Each set consists of four specimens with four
different radii. Tool cross section and bagging arrangement are given in Figure and Figure
A.13] respectively. Note that the four-ply specimens with the radius of 8 mm are not listed, due
to a problem during the manufacturing process. Thus, Figure .17 depicts measurement results
of these 60 specimens.
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Fig. 4.17: Obtained spring-in angles of unidirectional laminates fabricated on aluminum and
invar tooling with different radii

These measurements show that whether the tool-radius nor the laminate thickness affects the
spring-in angle significantly. However, a slight increase of the spring-in angle is obtained for the
R12 specimens, what is consistent with experimental findings of Hamamoto [88], who reported
a slight increase in spring-in of up to 10 % for increasing radii. Nevertheless, this is contrary to
the aforementioned Radford model as this is radius independent.

A comparison of spring-in angles for specimens fabricated on the aluminum and the invar tool
reveals striking results. Regarding four-ply laminates, specimens made on invar show comparable
spring-in as specimens fabricated on aluminum tooling. This is expected, as spring-in is induced
by through-thickness strains and therefore theoretically independent from tool expansion. Ho-
wever, regarding the eight -ply specimens, and in particular those ones made on invar the tool,
obtained distortions are approximately 20 % smaller.

This is conspicuous, as it is not consistent for all specimens. In addition, results of the followi-
ng subsection do not show this difference between specimens made on aluminum and invar. At
this point no convincing explanation can be given for the observed behavior. As no experimental
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results for carbon-epoxy prepreg L-profiles made on invar are available in the literature the re-
sults obtained here cannot be compared to the ones of other researchers. As further experiments
conducted in this theses do not substantiate this finding it should be treated with caution. It is
recommended to repeat the corresponding experiments in order to verify the results. Neverthe-
less, the magnitudes of the obtained spring-in angles, even for the Rg specimens made on invar,
are slightly higher than those ones obtained by Fernlund et al. [2I] who measured an average
value of approximately 1.06°. However, Fernlund uses release film, which impedes the direct
comparability between the results. Flanagan [89] for example, obtained an average spring-in
angle of three specimens of 1.75° with a considerable large scattering of 14 %.

Spring-in - A Function of Tool Coarseness and Tool Material?

Another set of specimens is fabricated in order to quantify the effect of different tool coarseness.
Therefore, half of both tool surfaces is polished by hand until an extremely fine surface is
achieved. Coarseness is estimated using a micro-finish comparator to R, ~ 0.1 um, whereat the
initial condition is about R, = 0.25 pum. That is similar to the ’Initial’ configuration obtained
for the warpage tool. The following bar plot is based on two specimens of each tool material-
coarseness-radii configuration. A quasi-isotropic [45, —45, 90, 0]s layup is used for all specimens.
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Fig. 4.18: Spring-in angles of a [45,—45,90, 0], layup fabricated on different tooling materials
for two different tool surface coarsenesses

Contrary to the findings of the experimental warpage investigations, tool surface properties
have no significant effect on the developing spring-in angles. It is conspicuous that scattering is
smaller than for the unidirectional specimens, although only two specimens of each configuration
are manufactured. That might be due to a reduced fiber washing tendency (ASTM - 5687) of
the multi-angle laminates compared to the UD laminates. Although the Rg specimens fabricated
on aluminum tend to show larger deformations, a clear effect cannot be developed from the
experimental findings. These findings indicate that the tool surface roughness does not effect
the development of spring-in angles significantly as long it is in a common tool-quality range. A
slight increase of the average spring-in angle for increasing tool radii is obtained, similar to the
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UD laminates discussed above.

Spring-in - Depending on the Prepreg Selection?

As the preceding results are obtained for 8552/AS4 prepreg material, it is an interesting issue if
spring-in angles are transferable even when different prepreg systems are used. As shown within
the warpage experiments outlined in section B4l material selection can affect manufacturing
deformations significantly, particularly due to different chemical shrinkage. Within this section,
it is experimentally validated whether the spring-in phenomenon is even sensible to changing
epoxy-based prepreg systems. Therefore, M21/T800 and M21E/IMA specimens are fabricated
and compared to the 8552/AS4 specimens. Selected material properties are given in Table

=16 z
o
<44
Q
=]
12|
o
g
1
%ﬂ 0.8l B
el [ 1Alu_M21
o 98] [ JAlu_M21E
0.4 1 Alu_8552
' 0 Invar_M21
0.2} B Invar_ M21E |.
I nvar 8552
0 | 5 I I .
6 8 12

Radius R [mm]

Fig. 4.19: Spring-in angles for [0]4 specimens of three prepreg systems 8552/AS4, M21/T800 and
M21E/IMA

The dependency from the prepreg material, obtained in the warpage investigation, cannot be
obtained for the spring-in phenomenon. Neither clear differences between the single materials
nor a consistent tendency can be derived from the experimental results. Only the slight increase
of the spring-in angle for the increased tool radius is consistent to the findings presented above.
Although characteristics of the M21 process are completely different compared to the 8552
cycle, as it has only one dwell phase at 180°C (ref. [76]), obtained deformations are in the
same range for all three materials investigated here. The findings of the preliminary numerical
investigations given in Section [4.J]indicate that thermal expansion as well as chemical shrinkage
of the M21 resin must be similar to the 8552 resin. Although it is not further investigated in
this thesis, the later introduced extended Radford approach should be a suitable experimental
approach to verify that assumption. In summary it should be said that the magnitudes of the
spring-in angles are comparable between the prepreg systems at hand, although cure cycles differ
significantly. That offers a certain potential in context of a straightforward simulation strategy, as
experimental results may be transferred from one material to another. This would be conceivable
particularly in a preliminary spring-in estimation, as the deviations between the single materials
are approximately 20 %. However, this demands additional statistical investigation.
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At least in context of a preliminary spring-in estimation that would be conceivable, as the
deviations between the material are approximately 20 %.

Spring-in - Is it Process-Cycle Dependent?

Within another set of experiments, 8552/AS4 specimens are fabricated whereat the M21 process
cycle is used. That allows the inspection, whether the process cycle characteristics affect the
spring-in angles significantly. All specimens have a four-ply UD layup. Specimens fabricated
with the regular 8552 MRCC are denoted with the index 'reg’ while the index ’proc’ denotes
specimens fabricated with the M21 cure cycle.
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Fig. 4.20: Spring-in angles for [0]4 specimens of 8552/AS4 fabricated with the one-dwell-phase
M21 process cycle

Although it is not completely consistent for all radii configurations, specimens fabricated with
the M21 one dwell-stage cure cycle tend to show slightly increased spring-in angles. However,
for the R4 configuration it remains almost constant. Scattering is comparable between the single
configurations. Nevertheless, the statistical confidence is weak. Therefore, additional experiments
are recommended to verify these tendencies.

Spring-In Deformations of multiple UD and Multi-Angle Layups

For sake of comparison, Figure [L.21] gives a comprehensive outline of spring-in angles for various
layup configurations. Therein, seven configurations are fabricated on the aluminum tool and five
are fabricated on the invar tool. The former are denoted as C4; and the latter are denoted with
Cr;. The corresponding layups are given in Table
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Fig. 4.21: Spring-in deformations for different configurations. Corresponding layups are listed in
table

Results depicted in Figure 2] allow a few conclusions. Laminates with a [45, —45] layup
show larger spring-in distortions compared to the other layups. Thus, the average spring-in angles
for the specimens manufactured on aluminum and invar are Apq 4 = 2.28° and T@CI | = 2.05°.
High standard deviations of s¢,, = £0.29° and s¢,, = £0.34° are observed. This large scattering
is likely layup-induced as no fibers are aligned in circumferential direction of the profiles. When
touching these specimens, their low mechanical stiffness is striking. Therefrom it is concluded
that these specimens are extraordinary sensitive to ply misalignment inducing twist or a certain
asymmetry in the layup. Nevertheless, this layup is selected for the verification of the tool
compensation idea as it shows the largest average spring-in angle. This is content of Section [.3

Similar results are obtained for the 90° specimens. The specimens show a certain spring-in
angle although this is contrary to the Radford theory presented in the preceding. A possible
explanation for this behavior represents the forced-interaction effect which is discussed in Chap-
ter Bl This effect introduces a stress gradient into the resin at the tool side of the specimens
analogous to the warpage principle.

As no load-carrying plies are oriented in circumferential directions, this slight gradient is able
to deform the part. However, the stiffness of the specimens is negligible. Specimens of preliminary
experiments are already damaged during the demolding process and the removal of the peel ply.
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Configuration Layup Tool-material
Cai [45, —45] Aluminum
Ca2 [0,90], Aluminum
Cas [90], Aluminum
Caa (45, —45,90, 0], Aluminum
Cas [45,—45,0,90,0], Aluminum
Cs (45, —45,02,90,03], Aluminum
Car [0]5 Aluminum
Cn [45, —45], Invar
Cro [0, 9 ] Invar
Cr3 [90], Invar
Cra [0]g Invar

Tab. 4.3: L-profile layup configurations depicted in Figure [£.21]

Cross-ply laminates with a [0, 90]s layup shows a deviating average distortion of Ap o = 1.95°
for the aluminum configuration and TQDCIQ = 1.73° for the invar configuration. Scattering for
both configurations is in the same range of +0.15°.

A comparison of the remaining laminates shows that expectable spring-in angles are in narrow
tolerances. In particular, the results of C'44, C45 and C 44 are almost identical although the layups
are different.

4.4 Statistical Analysis on obtained Spring-in Angles

This section contains a statistical analysis of the experimentally obtained spring-in angles of the
preceding section. The main aim of this study is to characterize the spring-in effect in terms
of probability. A total of 289 different, prepreg-made L-profile specimens are considered as the
basis. Specimens are sub-divided into distinct groups and averages as well standard deviations
for each group are derived and evaluated.

Table 4.4l shows the investigated configurations and their assignment to the groups All, With
°, Multiangle, UD, 0/90 and + 45, respectively. The underlying group definition is based on
essential findings of the preceding section as the spring-in angle is independent from tool radius
and tool material for example. Therefore, the groups investigated here do not distinguish between
different prepreg materials or different tool conditions. As an exception, the spring-in angle of
a single layup fabricated with three different prepreg materials is compared at the end of this
section.

Table 4.4 shows the regarded configurations and the assignment to the aforementioned groups.
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Config. Layup All With 0° UD Multiangle 0/90 +45 90°
[0]4 v v v
[0]s v v v
[90]4 v v
8552/AS4 45, —45, 90, 0], v v v
Aluminum [0]4" v v v
[0,90]5 v v v
[45, —45] v v
(45, —45, 05, 90, 03] v v v
45, —45,0,90, 0], v v v
[0]4 v v v
[0]s v v v
8552/AS4 [90]4 v v
Invar (Ni36) (0], v v v
[0,90]5 v v v
[45, —45] v v
M21/T800
Aluminum 0] v v v
M21/T800
Invar (Ni36) 0] v v v
M21E/IMA
Aluminum [0l v v v
M21E/IMA
Invar (Ni36) (0] v v v
ii??f isgi (45, —45, 90, 0], v v v
2 1;?14 145, 45,90, 0], v v v
5552/ (ij;i 145, 45,90, 0], v v v
552 ?34 145, 45,90, 0], v v v
> specimens per group 289 261 122 76 31 30 30

Tab. 4.4: Investigated L-profile configurations assigned to specific groups. Specimens marked
with * are fabricated using the M21E/IMA process

A histogram is derived to investigate whether the measured data can be described by a normal
(gaussian) distribution. Therefore, the area of obtained spring-in angles 0.13° < Agp < 3.07° is
divided into ten intervals. Measured results are assigned to these intervals. Figure shows
their relative frequency of occurrence and a corresponding scaled normal distribution derived
based on the average obtained spring-in angle for the group All Ay = 1.55° and its standard
deviation sap, = 0.40°. Note that this procedure is contrary to the original idea of a normal
distribution as not all specimens of the regarded population have one identical expected spring-
in angle. Moreover, the statistical analysis for each configuration is not meaningful as for some
configurations only two specimens are fabricated. Nevertheless, the approach is used in order to
outline group specific tendencies and to show differences.



76 4. Investigation of the Spring-In Phenomenon

120

100

80

60

40

20 /
— [ .
0.13 0.42 0.72 1.01 1.31 1.60 1.89 2.19 2.48 2.78 3.07 Ay []

Fig. 4.22: Histogram for all fabricated specimens with corresponding normal distribution

A comparison between the obtained histogram and the normal distribution suggests that
the measured spring-in data can be described with this kind of distribution. However, this is
checked by a second analysis wherein the group With (° is considered. This is due to the reason
as the group All contains [45, —45]s and [90]4 specimens. When evaluating the spring-in angles
of these configurations shown in Figure 21 the massive scattering and variability indicated
by the large standard deviations is conspicuous. When deriving the coefficient of variability
CV = deviation/mean values up to 0.7 are obtained especially for the [90]; specimens what
clearly indicates the lack of reproducibility. Therefore, these configurations are excluded for the
following cases.

Figure shows the derived histogram, whereat the area of magnitude of the spring-in angles
reduces to 1.09° < Ap < 2.23°. The corresponding normal distribution derived from Ay = 1.57°
and its standard deviation sa, = 0.22° substantiates that the measured data can be described
with the normal distribution.
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Fig. 4.23: Histogram for specimens of the group With (° and corresponding scaled normal dis-
tribution

However, for the sake of verification a Q-Q plot for both groups is given in Figure 4.24] Within
this Q-Q plot predictions z(p) and measurements Ag(p). The obtained plots show asymptotic
behavior to the angle bisector what clearly substantiates the presumption that the measured
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results are gaussian distributed. Consequently, this kind of function is used in the following for
the characterization of the group-specific spring-in results.

Aplp)

Fig. 4.24: QQ-plot for All and With 0° configuration

Group-Specific Spring-in Characterization

The comparison between a group-specific normal distribution and one of all experimental results
allows a quantitative evaluation in terms of the group-mean value and its standard deviation.
The normal distribution is given by Equation F.I5] where Ay and sa, are the group-specific
mean value and the group-specific standard deviation.

V(Bp-B5 )
1 1 %
N (Ap; A, 5ap) = 2( sap ) (4.15)
eV

The All group shows a comparatively large standard deviation of sp, = 0.40° which is approxi-
mately 28 % of the measured mean value. Group With (P shows a comparable mean value while
the standard deviation is only 14 %.

As aforementioned this effect is induced by the [45,—45]; and the [90]4 layups. Figure
shows the specific normal distributions for these groups. The comparably wide shape of the bell
function indicates a large standard deviation for [45, —45]s and the [90]4 group.

Ni y
2.5 1 — All
+45
2 1 90°
— With 0°

1.5+

1_

0.5+

Fig. 4.25: Differences between normal distribution of the All and the With (° group are due to
the consideration of [45, —45]s and [90]4 layups
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Table contains the obtained average spring-in angles A and the corresponding standard
deviations sa, for all investigated groups. In addition, three intervals with a probabilty P; of
68.3 % , 95.5 % and 99.7 % are derived according to Equation

68.3% fori=1
Pi(Ap —i-spp <Ap <Ap+i-sap) =< 955% fori=2 (4.16)
99.7% fori=3

These intervals are derived based on Equation L.T7 taken from [90].

__ T‘P"‘i‘A«p __
Pi(JAp — Ap| <i-sap) = / N (Ag; Ap,i-sap) dAg (4.17)
Ap—i-ap

Groupname Specimens Ap [°] sa, [°] PA=683% Po=955% P3=99.7%

All 289 1.55 0.40 1.15-195 0.7 -235 0.35—-2.75
With 0° 229 1.57 0.22 1.35-1.79 1.13-2.01 0.91-2.23
UD 122 1.53 0.22 1.32-1.75 110-196 0.89 —2.18
Multiangle 76 1.53 0.16 1.37-1.69 121-184 1.06—2.00
0/90 31 1.83 0.19 1.65—-2.02 146 —2.21 1.27 - 2.40
+45 30 2.19 0.33 1.86 —2.53 153-286 1.19-3.19
90° 30 0.71 0.34 0.37 —1.05 — —

Tab. 4.5: Group-specific mean values, standard deviations and probability intervals P;

A comparison between normal distributions of the groups All, With 0°, UD, Multiangle and
0/90 is given in Figure Inspection of the average values shows that 0/90 specimens show
a higher mean spring-in, while the standard deviation for all groups is in the range of 0.20°.
It is conspicuous that specimens with a 0° ply aligned in circumferential direction show less
scattering which results in a higher reproducibility.

Ni y
2.5 - All
— With 0°
24 Y/ UD
— DMultiangle
1.5 0/90
1 -
0.5
T T T >
0 0.5 335 Ay 7]

Fig. 4.26: Normal distributions of the groups
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One configuration with an unidirectional [0]4 layup is fabricated from three different prepreg
materials 8552/AS4, M21/T800 and M21E/IMA. Thus, a direct comparison between the spring-
in angles is done here. As these specimens are a subgroup of the UD group they are separately
defined in Table The mean values obtained for the three subgroups are very similar between
1.46° and 1.60° while the standard deviations are between 0.09° and 0.20° which is slightly less

than obtained for the other groups.

Configuration Specimens Ap [°] sa, [°] P=683% P=955% P=99.7%
M21/Inv 8 1.52 0.15 1.37—-1.67 121 —-182 1.06—-1.98
M21/Alu 8 1.60 0.13 147-173 134-186 1.21-1.99
M21E/Inv 8 1.51 0.09 141 -160 1.32—-1.69 1.23—-1.78

M21E/Alu 8 1.46 0.11 1.35—-1.57 1.24—-167 1.13—-1.78
8552 /Inv 12 1.58 0.20 1.38—-1.77 1.18-197 0.99 —2.16
8552/Alu 16 1.55 0.18 1.38—-1.73 120—-191 1.02—-2.08

Tab. 4.6: Unidirectional subgroups made from three different prepreg materials on aluminum
and invar tools

Figure illustrates this graphically. The standard deviation of all subgroups is significantly
smaller than that one from the All group which is illustrated as well. This study substantiates
the preceding findings as the obtained spring-in angles are almost identical for different prepreg
systems. Therefrom it is concluded that neat resin dominated interleaf layers, as they are present
for the M21E/IMA laminates, do not have a significant impact on spring-in distortions.

N; A
4.5+
4 -
3.5 1
5 All specimens
_— M21/T800 - Inv
2.5 -—— M21/T800 - Alu
5 — M21E/IMA - Iny
. ——— M21E/IMA - Alu
: — 8552/AS4 - Inv
1- ——- 8552/AS4 - Alu
0.5
0 0.5 2.5 3 3.5 AZ [°]

Fig. 4.27: Normal distributions of [0]4 specimens made from three different prepreg materials
manufactured on invar and aluminum tools

Conclusions

The preceding study analyzes the experimentally obtained spring-in angles of the preceding
section. It is that the measurement data can be described by a gaussian distribution. The
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definition of seven groups is driven by the cognitions of the preceding section. Hence, groups
are defined by their layup, disregarding tool material, part-radii and process informations as the
spring-in angle is widely independent of these parameters. It is shown that laminates with no
plies aligned in circumferential direction, in particular the [45, —45]; and [90]4 configurations,
have significantly deviating mean spring-in values and standard deviations. The mean spring-in
angle of all 289 specimens is obtained to 1.55°. This magnitude turned out to be representative
even for different prepreg materials. However, the 0/90 configuration show a higher average
spring-in angle of 1.83° which is likely induced due to the missing transverse stiffness of the 90°
plies. Overall, when regarding the widely representative With (° group, a standard deviation of
0.22° is obtained which is approximately 14 % of the total spring-in average. Results of smaller
subgroups which contains only one material show standard deviations starting from of 0.09°
which is approximately 6 % of the group-specific average angle. When regarding specimen sets
of one specific radius and one prepreg material, standard deviations of less than +0.05° are
realistic. The relevance of the obtained scattering is exemplary investigated for a CFRP box
structure in Section [.8]

4.5 Extended Radford Approach

According to the hypothesis of this thesis distortions obtained on L-profile level are a suitable
parameter for a straightforward simulation approach. Nevertheless, L-profile manufacturing is a
hurdle. In this section it is investigated whether a very simple measurement technique can be used
as an alternative parameter source. The main reason for this study is the aim to reduce necessary
costs for the parameter derivation to a minimum. The fundamental idea of the experimental
technique based on Radford’s [5] approach represented by Equation I8 The character of the
experimental technique is developed based on essential findings of the preliminary numerical
study on spring-in given in Section .1l as will be shown in the following.

ETi —ER;
Ap, = — . 4.18
i i 4 (4.18)

Therein the index i represents thermal, moisture and chemical fractions, while the entire
spring-in angle is given by the sum of the single fractions Ap = >, Ap; as shown by Equation
.8 Regarding a unidirectional prepreg ply, certain direction dependent properties are present
as the material is transversal isotropic. Figure elucidates that schematically. The fiber
direction is characterized by high fiber modulus F1, very small thermal expansion a7, very small
moisture sensitivity 51 and very small elongation due to chemical shrinkage &;. That is based on
the assumption that chemical shrinkage acts mainly in the transverse plane as no constraints by
the fibers are present, similar to the thermal expansion. A detailed derivation of that assumption
is given in Section [D] of the appendix.

Ey E1 > FEs3

Es3 Q2,3 B23 §2.3

Fig. 4.28: Unidirectional ply properties schematically

When regarding a non-unidirectional laminate such as [0,90]; for example, the characteri-
stic properties change, whereat properties in thickness direction differ significantly from the
properties in laminate-plane directions. Figure [4.29 shows that schematically.
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Fig. 4.29: [0,90]s laminate properties schematically

As the laminate-plane has fiber dominated mechanical properties the expectable thermal ex-
pansion for example should be in the same range as that one of the unidirectional ply. Analogous,
the laminate thickness direction has a comparable high thermal expansion since it is resin domi-
nated. As a first approach, which has already been applied in the literature, Radford’s equation
is modified. Often strains in tangential direction are neglected what can become comprehensible
when inspecting Figure thoroughly. Therein, it is obvious that strain in tangential direction
does not significantly contribute to the overall spring-in angle. Within this thesis, a modified ex-
pression of the original relation given by Equation[4.18is used which promises smaller deviations.
Therein, the tangential effect is indirectly considered.

General ldea

Regarding micro-mechanics based equations, which correspond to simple rheologic models of
parallel and serial acting springs, for the derivation of the expansion property of a unidirectional
ply, it becomes obvious that those expansion properties are determined by the fiber stiffness in
longitudinal direction Ef, the resin’s modulus Epg, the fiber volume fraction Vy, the resin’s
coefficient of thermal expansion and the thermal expansion of the fiber in its fiber longitudinal
ar,, and transversal direction apr. These parameters are very similar for a variety of different
fibers and resins. Consequently, a kind of interaction coefficient £ is introduced which is a meas-
urand for the laminate’s anisotropy. Providing that, equation I8 can be modified as shown in
equation

—€Ri . €T
= Trem (1-=¢)-¢o with &= .
At a first glimpse, this equation solely depends on the radial strain component. However, the
ratio £ still depends on tangential strains. The Ratio £ can be either derived from thermal or
chemical parameters. Here, thermal parameters are used as these are easy to derive using micro
mechanics.

Based on the parameters given in Table [.7] the coefficients of thermal expansion in fiber and
transverse direction are derived as a function of the V. Therefore, the simple relations given by
Schiirmann [83] are utilized as a first step. However, it should be noted that more sophisticated
micro mechanics based rules of mixtures can be applied alternatively.

Parameter Value Source

arg, —0.9 ppm/K  Anghelescu and Alam [91]
apT 7.2 ppm/K Anghelescu and Alam [91]
am, 45.45 pmm/K  Own measurement

Err 206.8 GPa Anghelescu and Alam [91]
Er 4.67 GPa Hexcel [75]

Tab. 4.7: Material parameters used for the derivation of ¢

Figure [4.30] depicts the corresponding coefficients of thermal expansion in fiber direction ai;
and in transverse direction apgg 33 as a function of the Vy. Furthermore, the ratio £ is derived.
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Fig. 4.30: Ratio £ of longitudinal a1 and transversal as 33 properties.

That calculation allows a distinct limitation of the ratio £ for a realistic range of V. For a
realistic range of 50 % < V; < 70 % the corresponding ratio is 0.005 > £ > —0.024. According
to equation 19 the error due to disregarding tangential properties is quantifiable to —2.4 %
up to 0.05 %.

When considering an arbitrary spring-in angle of 1.5°, as it is conceivable for a variety of
layups, that corresponds to an error of 0.03° per fraction, which is smaller than a common
scattering obtained for the L-profiles presented in Section 3]

Based on this verification, the hope is justified that a good prediction of the spring-in behavior
can be derived based on the measurement of through the thickness strains during processing.
Consequently, an experimental setup is developed to measure the through-thickness strains du-
ring manufacturing.

Experimental Setup

A common thermo mechanical analysis (TMA) device is used as it is able to measure strains in
thickness direction. Commonly, thermal expansion of consolidated materials is measured using
a TMA. As this device is able to provide nearly arbitrary temperature ramps it is used for the
curing of prepreg specimens.

In contrast to the prepreg’s MRCC no compaction force is applied during the curing. At a first
glimpse that limits the suitability of this approach. However, as will be shown in the following,
the lack of compaction force affects the obtained through thickness strains only in early stages
of the cure cycle as convincingly documented by Garstka et al. [14].

Nevertheless, the missing compaction and its effect on the laminate quality is discussed in
this section. In the following it is assumed that chemical shrinkage and thermal expansion after
the gelation of the resin, which are responsible for the manufacturing deformations, remain
unaffected.

Figure shows the utilized specimen exemplary. Several plies of uncured prepreg material
are stacked according to the layup at hand. Subsequently, circular specimens are stamped out
with a stamping tool and placed between two silica glass disks of a thickness of 0.5 mm. These
disks are necessary as they prevent the sensing element from indenting into the laminate. The
specimens have a diameter of 5 mm and a thickness of two silica disks plus the inspected layup
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specific value. For an eight-ply layup of 8552/AS4 with a nominal ply thickness of 0.125 mm the
specimen thickness is 3 mm for example.

Fig. 4.31: Size of the utilized specimens

Although the expansion of those glass disks is very small, it is considered for all conducted
measurements. Therefore, a TMA run with two applied silica disks is conducted. The obtained
strain curve is subtracted from all other measurements. Thus, the resulting strain plots discussed
here are induced by the prepreg material only.

temperature chamber
\
«

silica glass uncured prepreg

base

Fig. 4.32: Schematic illustration of the specimen used in the TMA device

Two configurations for the specimen preparation are conceivable. The first one, denoted with
‘simple setup’, is quiet simple as the layup is simply put between two silica disks. The drawback
of this method might be that neat resin can be washed out during process resulting in a bubble-
shaped form as indicated in Figure .33 (left). Another more improved setup prohibits that,
by a small cup depicted in (right). This cup and the top-plate are made from aluminum,
which again demands the subtraction of a compensation TMA run. The results presented here
are gained utilizing the simple setup. Optical inspection of cured specimens reveals no neat resin
excess at the sides of the specimens which is likely due to the missing compaction. However, V}
has been determined for the fabricated specimens for sake of verification.

Resin excess \—4‘ ’—4‘
\ [+ \

Simple setup Improved setup

Fig. 4.33: Simple and improved setup of the specimens utilized within the TMA device

The characteristic of the gained strain-graph is depicted in Figure [£:34]1 This is based on a
common two dwell stage cure cycle. Elongation in thickness direction is measured and strain is
derived according to ¢ = Al/ly. For sake of inspection, the time axis is divided into different
sections, whereat each section is related to a certain configuration of the material. That division
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is similar to the one proposed by Garstka et al. [14]. Within phase a thermal expansion and
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Fig. 4.34: Representative measurement result for a two dwell phase cycle utilizing the TMA
based approach

consolidation processes are acting parallel. Phase b is affected by an ongoing consolidation process
and small amount of chemical shrinkage as the cross-linking reaction has started slowly. Strains
due to thermal expansion are not present as the temperature is constant. Within phase ¢; and
co the temperature increases. Thus, effects of thermal expansion are co-acting with chemical
shrinkage and consolidation effects. The transition from ¢; to ¢o is equivalent to the gel point of
the resin, which has been proven by Garstka with by pull-out tests. The observed instantaneous
change in slope at the beginning of stage co is due to cure shrinkage and a significant reduction
of the coefficient of thermal expansion which occurs when the resin transforms from liquid
to rubbery state. Within stage d the resin is almost completely cured. Due to the constant
temperature, the observed strain is related to chemical shrinkage only. Assuming that the resin
is cured at the end of stage d, the evaluation of the cool down process gives the final coeflicient
of thermal expansion of the layup at hand. It should be noted that the transitions from stage
a to stage b and from stage co to d do not match to the corresponding changes in the thermal
profile. Due to the conducted fragmentation, the evaluation of shrinkage rates during both dwell
stages has more relevance as they are approximately linear as transition zones are blanked out.

Influence of the Consolidation Pressure

The approach presented here does not utilize any explicit consolidation pressure. The aim of this
approach is to provide a strategy which enables the determination of through-thickness strains.
According to Garstka et al. [14] the stages up to the b— ¢y transition are dominated by the com-
peting mechanisms of thermal expansion, consolidation and chemical shrinkage. Nevertheless,
the resin is in liquid phase up to the gel point. Therefore, differences in obtained strains up to
stage ¢; do not affect the magnitude of strains after the gelation, as will be demonstrated in the
following.
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Fig. 4.35: The effect of different pre-consolidation strategies on the measured strains. Redrawn
after Garstka et al. [14]

In Figure this is illustrated, whereby three different types of consolidation are depicted
schematically. Based on the cognition that residual stresses can build up after passing the gel-
point, it is assumed that the effect of pre-consolidation, which occurs in an earlier phase, does
not affect the final strain after gelation. Therefore, it is blanked out.

Through-Thickness Strains Obtained for Certain Laminates

Three different laminates are investigated utilizing the proposed technique: [0]s, [0,90]25 and
[45, —45,90,0]s. Two specimens are fabricated for the [0]g layup, whereat four specimens are
manufactured for the others. Figure compares the average measured strains for the given
layups. However, this illustration is limited only to a limited extent as variations of the sin-
gle measurements due to pre-consolidation effects are considered within the derivation of the
averages. Nevertheless, clear differences are obtained for the different laminates.
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Fig. 4.36: Average strains determined for the layups at hand (left): Zeroed at the start of stage
¢1 (right)

When zeroing the obtained curves at the beginning of stage c¢i, which is equal to the start
of the second temperature ramp, these differences become more explicit. Figure shows
that. Nevertheless, the evidence is still rather limited due to the averaging. According to the
assumption that the resin is able to transfer stresses when the gel-point is achieved, a zeroing
at this point is promising. The gel point is characterized by a significant density increase of the
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resin which results in a considerable volume shrinkage as the mass is constant. Regarding the
measured curves, this happens shortly after starting the second temperature ramp. Commonly,
a linear increase of strain is expected for linear increasing temperature. However, in stage c; this
linear increase is superposed by the massive chemical shrinkage. This results in a local maximum
in the measured strain graph. The comparison of all specimens shows a high reproducibility of
this behavior. Therefore, this local maximum is considered as the gel-point although it must be
expected that the gel-point is reached slightly earlier. Within the following, all curves are zeroed
at this point. The, position of the extrema is calculated based on the measurement data as the
differential quotient is equal to zero at this point. Figures €37 and show the obtained strain
measurements for all specimens. Graphs are zeroed at the derived local maximum.
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Fig. 4.37: Through-thickness strain measurement for the [45, —45,90,0]s layup, zeroed at the
transition point from liquid to rubbery state
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Fig. 4.38: Through-thickness strain measurement for the [0]s and the [0,90]2s layup, zeroed at
the transition point from liquid to rubbery state

The strain measurements shown in the Figures .37 and 43§ allow the determination of
multiple parameters. Figure [4.39] shows the evaluated parameters exemplary. Therein, ¢y, and



4.5. Extended Radford Approach 87

erp, correspond to strains due to chemical shrinkage and thermal expansion, respectively. The
time segments Aty and the not depicted Aty correspond to the duration of the aforementioned
stages d and b, whereat those stage-lengths are utilized for the computation of the corresponding
averaged strain rates €, and &4 by & = Ae/At;. As the stages b and d are isothermal it is
assumed that measured increase of strains induced by chemical shrinkage. However, the ongoing
consolidation process in stage b adulterates the significance to a certain amount. The time
fragment At, is directly related to a certain temperature change in stage e which is given by the
cool-down temperature ramp. Assuming that the resin is fully cured at the end of the second
dwell phase, the cool down step allows the determination of the coefficient of thermal expansion
of the cured laminate by g = e /ATe.

. Stage d : Stage e
S s
g ECh
n s

ETh
-2 Aty
At = AT
-3 4
Time [min]

Fig. 4.39: Evaluation values of the measured through-thickness strains

Within Table [I.§ the evaluated measurands are depicted. One specimen of the [45, —45, 90, 0]
configuration remains disregarded due to a malfunction of the TMA device. Regarding the
average CTE for all layups, the multi-angle laminates show slightly higher expansion properties
in the range of 48.9 ppm/K whereat the unidirectional specimens show 46.4 ppm/K. Curing
rates, which give an impression about the amount of strain during one stage are comparable for
all layups, while they are in the range of —0.0070 < &, < —0.0092 [%/min].

Layup Value I 11 11T v Average  Std.Dev.

€y [%o/min] -0.0082 -0.0102 - - -0.0092 -

[0]s éq [%/min]  -6.163E-4  -5.175E-4 - - -5.669E-4 -
o[1/K] 47T0E-5  4.506E-5 - - 4.638E-5  1.83E-6

€y [%/min] -0.0077 -0.0065 -0.0065 -0.0072 -0.0070 -

[0, 90]25 éq [%/min]  -6.425E-4  -6.475E-4 -5.125E-4 -7.585E-4 -6.403E-4 -
a1/ K] 4.883E-5 4.916E-5  4.824E-5 4.962E-5 4.896E-5  0.58E-6

é [%/min]  (-0.0078) -0.0098 -0.0086 -0.0081 -0.0088
[45,—45,90, 0] éa [%/min] (-8.075E-4) -5.525E-4 -4.975E-4 -4.825E-4 -5.108E-4

a[1/K]  (5.433E-5) 4.768E-5 4.868E-5  5.041E-5 4.892E-5  1.38E-6

Tab. 4.8: Obtained coefficients of thermal expansion ar of the cured laminates as well as iso-
thermal dwell phase strain rates €; and &4

The results of the evaluation of the conducted strain measurements are summarized in Table

4.9

T 1l+e
As a first step Radford’s simplified Equation [£.20 is used to derive spring-in fractions due to
chemical Agpcy, and to thermal contraction Ayry, and the resulting spring-in angle Apqrr =

Ap; -0 with wo=190°and £=0 (4.20)
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Aprn + Apcp. Therein, the initial angle ¢q is 90°.

Layup Spec. | ecn [=%] ern[=%] eerr[=%] | Apc[’]  Aprn[’]  Aperr[’]
(0] I 1.388 0.653 2.041 1.267 0.592 1.875
1T 1.359 0.710 2.069 1.240 0.644 1.901
I 1.642 0.765 2.407 1.502 0.694 2.220
0,90]2 I 1.690 0.799 2.489 1.547 0.725 2.297
’ s 111 1.678 0.778 2.456 1.536 0.706 2.266
v 1.639 0.767 2.406 1.500 0.696 2.219
I 1571 0.864 2.435 1.436 0.784 2.246
1T 1.630 0.700 2.330 1.491 0.634 2.147
[45’ —45,90, O]S 111 1.605 0.775 2.380 1.468 0.703 2.194
v 1.565 0.802 2.367 1.431 0.728 2.182

Tab. 4.9: Strain measurement results for all fabricated specimens. Corresponding spring-in angle
fractions are derived using equation [4.2()]

Inspecting the derived spring-in angles Agcsr, the unidirectional laminate shows smaller
spring-in angles than the multi-angle laminates which show comparable spring-in angles. Ho-
wever, [0,90]2s specimens show slightly more spring-in. That is not surprising, as the global
mechanical behavior of UD laminates is still transversal isotropic. With other words, volumetric
shrinkage of the resin can develop in the transverses direction and is not constrained by the fibers
of the plies underneath. Obtained tendencies are comparable to the findings of the experimental
Section 4.3 although derived absolute angles are approximately 30 % to high.

Due to the good reproducibility, averaged values are regarded in the following, whereat the
standard deviation can be seen in Table FT0l

Layup T@Ch [°] A790Th [°] T@eff ]| s (T@Ch) s (T@Th) S (T%ff)
[0]s 1.253 0.618 1.888 0.019 0.037 0.019
[0,90]2s 1.521 0.705 2.250 0.024 0.014 0.038
[45, —45,90, 0], 1.457 0.712 2.192 0.028 0.062 0.041

Tab. 4.10: Average spring-in fractions and corresponding standard deviations for the layups at
hand

Comparing the results of the strain-measurement-based spring-in, the estimation given in
Table with the experimentally gained values, shown in Figure B.2T] reveals differences,
whereat experimental values are approximately 30 % below the predicted ones utilizing strain
measurement. This may have two potential origins. First, V of the TMA specimens are lower
than those of the fabricated specimens which leads to more spring-in as shown in Section .11
Second, the selected maximum is not a suitable reference point for the derivation of the shrinkage
induced strains.

TMA measurements are performed using incineration techniques in order to compare Vy of
L-profiles. The evaluation of the TMA specimens using incineration is slightly more complex,
due to the two silica glass disks which are part of the cured specimens. As those disks do not
incinerate, their mass must be considered when evaluation the remaining ash. A set of three
specimens is incinerated whereat an average fiber volume fraction of 57.2 % and a standard
deviation of 3.8 %. This is a common value as it is expected for this kind of prepreg material.

Consequently it must be assumed that the selected local maximum is not suitable for the
derivation of expectable spring-in angles. To experimentally validate this, additional specimen
sets are necessary. However, a reverse analysis allows estimating the location of a suitable zeroing
point. Regarding the [45, —45,90,0]s L-profile specimens for example, the measured average
spring-in is obtained to 1.57°.
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This angle is transferred to an equivalent radial strain e according to Equation [4.19 while

& = 0 is assumed.

Ayp 1.57
__2¢ =20 145 4.21
Ao+ o BT o157 % (4.21)

This strain is illustrated in Figure [4.40l Considering that the thermal fraction is given in Table
the resulting chemical fraction egp+ is derived according to the following equation.

ER —

cche =Er—ern  —  Ecpe = —1.7145 % — (—0.785) % = —0.9295 % (4.22)

Therein, the average thermal strain €7, of -0.785 % is used which is derived from the four
[45,—45, 90, 0]s specimens given in Table
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Fig. 4.40: Reverse spring-in analysis for [45, —45, 90, 05 specimens

The evaluation of the thermal and the chemical fraction is given by the following equation.
Therefrom, the reversible thermal fraction is derived to Ay, = 45.8 % while the chemical
fraction is derived to Apcy = 54.2 %

Apey, = % —=542% and Appy, = f—; —45.8 % (4.23)

This results are within the area obtained by Yoon et al. [39] and Nelson and Cairns [20] but
slightly above the experimentally measured ones described in the next section. However, the
findings verify that the originally selected local maximum is not the correct choice as it leads to
an over prediction of expectable spring-in distortions as shown in Table .9

The results of a reverse analysis show that a point on the strain ramp shortly after passing
the local maximum is more appropriate for a spring-in prediction. As a first approximation the
inflection point on the ramp might be a suitable choice. This point is described by the following

Equation.

0% D3e

— =0 and — >0 4.24

ot? ot3 ( )
This statement is not further validated in this thesis. Nevertheless, the obtained results promise
to be an efficient way for a spring-in prediction. However, the experimental technique must be

enhanced in order to account for pressure during the process. This would lead to an improved
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laminate quality as the current specimens show small poorly impregnated areas within the
laminate, which is due to the missing compaction force. Figure 41l shows a representative
microsection of a single specimen.

Fig. 4.41: Microscopic analysis of one TMA-cured specimen

At least an experimental investigation is necessary to assess whether a pressurize curing is
required. In addition, pull-out tests as performed by Twigg et al. [I1] can help to find relevant
reference point on the strain ramp.

4.6 Experimental Quantification of Contributing Spring-In Fractions

Spring-in distortions are driven by two main contributors, the chemical shrinkage during the
ongoing curing process and the thermal contraction when the part is cooled down from the
curing temperature to the room temperature. While the chemical fraction has an irreversible
character as the resin’s morphology changes during the ongoing curing process, the thermal
fraction has a thermo-elastic character.

As the material properties of the composite are assumed as constant after finishing the second
dwell stage, a re-heating to the curing temperature of the specimens leads to a reduction of the
spring-in angle. In this study, specimens are fabricated with a 180° process. The change of the
spring-in angle corresponds to its thermal fraction. Consequently, it can be assumed that the
measured spring-in angle at a temperature of 180°C represents the irreversible chemical fraction
as Ay = Ay, + Apep.

The investigated layup configurations of this study are listed in Table 111

Name Layup Thickness [mm] V} [%]
C1 (0] 1.50 59.6
02 [0, 901, 0.75 52.8
C3 [45, —45, 90, 0], 1.50 70.2
C4 [45, —45], 0.75 59.1

Tab. 4.11: Investigated configurations of the spring-in fraction study

A used measurement setup consists of a controllable heating plate, a temperature measurement
device and a GOM ATOS 3D full-field measurement system [92]. Figure shows the setup
schematically.

The GOM Atos system is utilized to measure the geometry of the L-profile specimens at
different temperature levels. The controllable heating plate is used to heat up the specimens
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to the aspired temperature, whereat the temperature measurement device is used to detect
the specimen temperature accurately as it deviates from the heating plate temperature due to
radiation and convection effects. Figure [4.42] shows a photo during a similar measurement.

Fig. 4.42: Specimens applied on the hot-plate during the measurement

As spring-in distortions develop in the curved area of the profile the temperature sensor detects
the specimen temperature T, in this area. Geometry measurements are performed at certain
temperature steps in order to obtain the spring-in angle as a function of specimen temperature

Ap = f (TSp)'

3D measurement system

As-built geometry

Current geometry f(Tsp)

-
-~
-
-

Difference angle f(Tsp)

Thermocouple (Tsp)

Hot-plate (Trrp)

Fig. 4.43: Experimental setup for quantification of the thermal fraction of spring-in deformations

The measurement is affected by heat convection, as the temperature difference of the specimen
to the environment is considerably large. Thus, the heating plate temperature must be above
the aspired specimen temperature Ty, > T, in order to compensate loss of temperature.
The detected specimen temperature T, as a function of the heating plate temperature Tp,, is
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described by the following equation. Therein, the offset temperature 75, rse; represents the linear
interpolation of the measurement results.

Tsp = Trp — Toffser With  ATyfreer = 0.3673 - Ty, — 8.1651°C (4.25)

Evaluating Equation shows that a hotplate temperature of approximately 200°C is ne-
cessary to achieve a specimen temperature of 130°C. Consequently, experiments are stopped
approximately at this temperature in order to prevent the resin from degrading due to tempe-
ratures above the glass transition temperature Tj,. However, as will be seen in the following,
measurement results can be excellently extrapolated as the change in spring-in angle shows a
clear linear character.

As outlined by Hubert and Poursatip [93] and substantiated by the preliminary spring-in
investigations shown in Section 4.1l the V} is an important parameter for the spring-in angle.
Especially the V; in the curved section which is often referred to show considerable scattering
due to corner thinning or corner thickening as outlined by Hubert and Poursatip [93], is of
interest. Therefore, the V; of each specimen is measured and results are shown in Table ELIIl
This is done by incineration of small laminate sections taken from the curved L-profile areas.

From former experiments with similar specimens it is known that the Vy along the circumfe-
rential length of the L-profile is constant. Thus, a homogeneous V; within the curved laminate
area is assumed. Figure [£.44] shows the measurement results and the derived linear extrapola-
tions. At a first glimpse the configuration cl shows a deviating slope, while slopes of the other
configurations are quiet similar. This effect is clearly related to the layup of configuration C1
which is unidirectional. Thus, fibers are aligned in circumferential direction of the L-profile only.
Therefore, the specimen freely expands in the transverse plane. Consequently, only a certain
fraction of the thermally-induced volume expansion induces a change of the spring-in angle.
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Fig. 4.44: Linear interpolation of the Spring-in angle Ap as a function of temperature for each
configuration. Specimens are fabricated on the 6 mm toll radius

The evaluation of the derived linear regressions of the measurement results allows the de-
termination of thermal and chemical fraction and their percentage of the total spring-in angle.
Therein, the thermal fraction is derived by Aprp = Ap(20°C) — Ap(180°C) while the chemical
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fraction is derived with Apcp = Ap(180°C'). Similar to the obtained spring-in angles differences
between the single layups are obtained which is in accordance with the experiments described
in Section (4.3l

Name Ap  Aprp °] Avcn [°] Aern/Ap (%] Apcn/Ap [%]
C1 1.55 0.56 0.99 36.1 63.9
C2 1.65 0.75 0.90 45.4 54.6
C3 1.47 0.99 0.48 67.3 32.7
C4 2.05 1.06 0.99 51.7 48.3

Tab. 4.12: Measured results of the investigated configurations

The thermo-elastic fraction of the spring-in angle is obtained for 36 % < A7, < 67 %. This
is in accordance with Yoon et al. [39] who experimentally verifies a thermal fraction of 42 % and
with Nelson and Cairns [20] who limited the possible thermal fraction to an area between 40 %
and 70 %.

The magnitude of thermal variability of the spring-in is an important cognition for part and
tool designers as this thermal effect must be considered when a structure is designed to a certain
operating point with a certain operating temperature. For example, a wing of a commercial
aircraft is subjected by thermal loads between -50 °C up to +100 °C. However, due to the linear
character of the spring-in effect shown here, this variability can be well estimated starting from a
spring-in angle measured at room temperature. Although the linearity of the effect is convincing,
it is recommended to perform further experiments with this experimental set-up to secure this
assumption statistically.

4.7 Spring-in of Doubly Curved Areas and Nonlinear-Swept Profiles

Up to now, spring-in is analytically described by a two-dimensional approach proposed by Rad-
ford. Considering doubly curved geometries, part’s shape is affected by a combined deformation
mechanism, as different curvatures are present. Regarding a section of a spherical segment, two
main deformation modes are conceivable whereat superposition gives the total part deformation.
Figure depicts the nominal configuration denoted with tilde-parameters Rgl, Rioe, ¢ and
1, which correspond to the initial global radius, the initial local radius, the section angle, and
the local segment angle, respectively. With respect to the findings presented so far, complex
shape changes are expected for the structure at hand, whereat the geometric parameters of the
deformed configuration change to Ry, Rioc, ¢, 1.

Fig. 4.45: A spherical segment section in reference configuration (left) and in deformed configu-
ration (right)
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As spring-in spring-in deformations develop in the curved part areas, the two curvatures of
the reference configurations in Figure indicate that two mechanisms are competing, whereat
one is due to the local curvature and the other is due to the global curvature. Both deformation
modes are depicted in Figure .46l where the local spring-in dominated mode is shown on the
left side. It is characterized by the change in the local radius Rjoe — Rioe and the segment angle
I/NJ — 1, whereat the global radius and the section angle remain constant.

Fig. 4.46: Separation to local and global spring-in fraction of a doubly curved spherical segment
section

The second mode, dominated by the global radius, is characterized by constant local radius
and segment angles and changing global radius Rgl — Ry and qg — ¢.

Within this section, the main goal is to find out whether the total deformation of a part
containing doubly curved areas is either dominated by the global spring-in or by the local spring-
in. Experimental investigation have been conducted based on two curved L-profiles, which have
been fabricated on an aluminum male tooling whereat the bagging arrangement is identical to
that one shown in Figure .13l

Fig. 4.47: Aluminum tool for curved L-profile specimens

The section angle of the profile is 74° whereat the nominal inner part radius is 492.1 mm.
The local nominal radius of the part’s cross section is 4 mm with a segment angle of 90°. Thus,
dimensions of the global and local radii are of different scale which is a common situation when
considering common aircraft parts such as spars for example. Those spars commonly have a very
large global flange radius up to 3 m and local radii in the range of 3 mm to 15 mm in the web-to-
flange transition areas. In context of a spring-in prediction supported by experimental efforts, it
has to be proved whether simply curved L-profile specimens or the extended Radford approach
is suitable for parameter derivation. The profile’s layup is [45, —45,90, —45, 45, —45,90, 45,
whereat it is fabricated out of 8552/AS4 prepreg material with a nominal ply thickness of
0.125 mm. The layup coordinate system is depicted in Figure 448 Prior to manufacturing, tool
dimensions have been validated based on 3D surface measurements. Flatness as well as radii
match the nominal data exactly. Thus affectations due to bad tooling quality can be excluded.
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For sake of evaluation, the tool-sided surface of the fabricated specimens is 3D scanned using
the GOM Atos system. GOM Inspect software is used for evaluation of the obtained point
cloud. The boundaries of the nominal geometry, which are engraved into the tool surface, and
thus visible in the fabricated parts, are used for the construction of the initial center axis of global
curvature. Subsequently eight cutting planes are defined to generate eight section cuts of the
point cloud. Figure 4] illustrates that schematically, whereat the section cuts are denoted with
SC1_g. The generated cuts are inspected manually. A representative as-built shape of the cross

Part
Tool

0 = 74°
R; =492.1 mm
(o]
SCs 0
SCsg SC7 < 90°
58 mm
a
R =4 mm
/¢ — 90° 30 mm
Nominal cross section As-built cross section

Fig. 4.48: Dimension of the curved L-profile and measurands ¢,,es and @y,-. The 0° direction
is defined by the global curvature of the profile

section cuts is depicted in Figure .48 schematically. Therein, the short flange does not show a
measurable curvature, whereat the long flange comes with a measurable curvature. However, the
obtained curvatures are very small compared to the part’s dimensions. Conceivable sources for
the obtained curvature of the long flange are the absence of unidirectional plies in circumferential
0° direction and warpage interactions between the aluminum tool and the composite part. Within
Section [7.4] that is validated utilizing the later introduced simulation strategy. Regarding the
obtained spring-in angles in circumferential direction of the curved L-profile given in Table .13
they clearly show that the obtained angles are in the range of the specimens presented in Section
M3l Thus, a transferability is given although the geometry is curved. As the bagging is similar
to that one used for the simple L-profiles, a direct comparison to that obtained spring-in angle
is possible.

Regarding the spring-in angles of the specimens Cyuy4, Ca5 and Cag given in Figure E2T] a
good match is observed. It should be noted that the reference coordinate systems of the curved
specimen is different to that one of the regular L-profiles. Thus, a 90° ply within the layup of the
curved L-profile corresponds to a 0° ply of the regular L-profile specimen. Thus, comparability
is given. Spring-in angles of the simple profiles are obtained to Apc,, = 1.42°, Apc,, = 1.43°
and Apc,, = 1.45°, whereat the average spring-in angle of the curved profiles are obtained to
Apcr,r = 1.41° and Agcr, 1 = 1.44° which is almost identical. That excellent matching allows
the cognition that the magnitude of spring-in angles obtained for simple L-profiles is directly
transferable to curved geometries.
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Material parameters ESA Comp
Ex = 47760 MPa, Fy = 23590 MPa, G153 = 29130 MPa, v15 = 0.792

# SC;  SC,  SCs  8C;  SC5  SCe  SC;  SCs | Gmes  Somes

AYioc [O] 1 1.44 1.48 1.30 1.33 1.41 1.35 1.49 1.46 1.41 0.07
2
1
2

Avioe [°] 1.62 1.44 1.30 1.37 1.46 1.41 1.42 1.53 1.44 0.10
2/ [mm] 8077 15919 16101 13319 15382 17970 9900 5390 12757 -
2/ [mm] 18267 14780 18155 13221 15654 21878 15010 13250 | 14322 -

Tab. 4.13: Section cut spring-in angles and obtained flange curvatures for the curved L-profiles

The experimental findings documented in the preceding are compared and numerically vali-
dated with the use of the developed simulation strategy of this thesis within Section [7.4l

Difficulties in the Comparison of CAD, FEA and Measurement data

A common strategy to assess the significance of FE predictions is the comparison of the FE
results to nominal CAD data or to 3D full-field surface measurements. Whereat that comparison
is simply applicable for simple geometries such as the linear extruded L-profiles described in
Section it is a bit deceiving when applied to more complex structures as the curved L-profile
for example. The main source of error is induced within the alignment process of the different
data sets. Within the following, the difficulties are demonstrated, based on the curved L-profile
geometry, whereat a comparison of nominal data to FE result data is conducted. Therefore, one
point cloud of the nominal FE model and one of the resulting deformed FE model is imported
into the GOM Inspect software in order to compare both part shapes geometrically. Thereby,
each point cloud consists of approximately 2900 points, whereat both polygonized surfaces show
a circumferential gap which seems to be an error of the utilized software. However, this is
neglected as it is not detrimental in achieving the goal of this section.

e

Fig. 4.49: Deformed (dark gray) and nominal shape (light gray) aligned according to the boun-
dary conditions of the FE model. Spring-in deviation is visible on the detail picture
on the right

The comparison of nominal CAD data to simulation results or to measurement results de-
mands an appropriate alignment of the data sets towards each other. Considering the curved
L-profile of this section, different alignment options are present. The alignment according to
the boundary condition assigned in the software represents the first solution presented here. It
allows a description of the deviation between both shapes whereat an assessment whether the
inner radius or the global orientation changes is hardly possible. The second and the third option
utilize the flange section of the L-profiles. Within Figure the options are depicted. Using
the short flange for alignment, which is indicated by the white triangles, results in deviations
shown on the left bottom side. Using the long flange for alignment, indicated by the white circles,
produces a completely different deviation shape, as shown on the right bottom side.
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Fig. 4.50: Different alignment strategies for the curved L-profile give apparently different types
of deformations although the numerical result is identical for both alignments

Considering that the FE data is identical for all three presented alignments, the significant
differences are conspicuous. That clearly underlines the sensitivity to appropriate alignment of
quantitative comparisons between nominal shape to FE or measurement data.

Therefore, the evaluation of the curved L-profile is limited to the spring-in evaluation based
on cross section cuts at this point. However, appropriate ’alignment strategies’ should be in-
vestigated and formulated in the future in order to reduce/avoid incorrect cognitions induced
by manual misalignment. Simple ’best-fit’ alignments, as they are commonly used, are often
inappropriate for the to assessment manufacturing deformations. Thus, a cross section based
evaluation, as it is conducted in the preceding, is rather suitable, since it is independent from
the part’s alignment.

4.8 Cognitions of the Spring-In Investigations

Preliminary analytical studies are in accordance with experimental results of Kleineberg [13] as
the spring-in angle is linearly dependent on the Vy when regarding fractions of 40 % up to 75
%. Numerical studies with a parameterized layup clearly demonstrate that the spring-in effect
is majorly driven by the strains acting in laminate thickness direction. Moreover, these studies
substantiate the narrow range of expectable spring-in distortions.

The comprehensive experimental study gives insight into the magnitude of occurring process-
induced spring-in distortions. The laminate thickness of unidirectional laminates turned out to
have no direct impact on the measured spring-in distortions. Moreover, the tool material as
well as the tool surface roughness does not affect the obtained angles significantly. However,
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eight-ply specimens, fabricated on the invar tool, show conspicuous results as they produce
approximately 20 % less spring-in than the specimen fabricated on aluminum tools. As this
result is not verified by other experiments further investigation is demanded to assess this result
thoroughly. The investigation of the effect of the tool radius respectively the part radius revealed
no clear relation. For some layups a slight increase for the 12 mm radius is observed which is
in the range of a spring-in increase of 5 %. A remarkable result is that three different SoA
prepreg materials produce almost identical spring-in angles for one layup. This is contrary to
the findings within the warpage investigations where a strong material dependency is observed.
However, these results verify that expectable spring-in angles are widely material independent
as long as carbon-epoxy prepregs are considered.

All 289 specimens are used for a statistical evaluation. Five groups of specimens are defined
for sake of characterization. Histogramms show that measured spring-in angles can be described
with a gaussian normal distribution although the groups contain specimens made from different
prepreg materials. The average spring-in angle for all specimens is obtained to Ay 4, = 1.55°
with a standard deviation of sa, = 0.40° which is quite high. These high scattering can be
traced back to significant scattering of selected layups. Evaluating specimens with at least two
0 °plies in direction of curvature reveals an average spring-in angle of Ap,, oo = 1.57° and
a significantly reduced scattering of sa, = 0.22°. Regarding specimen sets for one layup made
from one material scattering of sa, < 0.10° is rather realistic.

Based on the cognition that spring-in is dominated by the strains in trough-thickness direction,
the so called ’Extended Radford Approach’ is developed which measured the through-thickness
strain during the complete curing process. Measurement using this technique show that signi-
ficant scattering from specimen to specimen is observable which is in accordance with expe-
rimental findings of other researchers. However, the comparison of the measured strains show
almost identical characteristics when they are zeroed at a defined point. This verifies a high
reproducibility of the occurring through-thickness strains after the resin passed the gel-point.
Consequently, this measurement technique is able to serve as a potential parameter source for
the spring-in prediction. Although results are promising, the experimental technique should be
extended in order to enable compaction forces.

Analyses on curved L profile specimens show that the spring-in angle obtained for regular
L-profiles can be directly transferred to curved profiles.

Within an experimental study, the thermal Ay, and chemical Apeoy, fraction of the spring-in
angle of different L-profiles are quantified. Experiments show a layup-specific thermal spring-in
fraction of 33 % for a quasi orthotropic layup and up to 64 % for a unidirectional layup which
is an important information for tool and part designers.
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5 Superposition of Distortion Mechanisms

This chapter is dedicated to structures which are affected by spring-in, warpage as
well as forced-interaction effects which are a consequence of the part’s shape and
the used manufacturing process. Within this section manufacturing distortions of an
integral prepreg box structure is experimentally evaluated by means of geometrical
measurements using the high-resolution measurement system introduced above. Con-
tributions of each mechanism are characterized and their interaction is verified by
selected experimental means. Moreover, measurements evaluated here are used for
validation of the semi-numerical prediction methodology that is presented in Chapter
0]

The manufacturing of more integrated composite structures has been a challenge for years
and it is still now. However, highly-integrated composite structures promise a maximum weight-
reduction potential due to avoidance of rivets and structural connections. Nowadays, the degree
of integration is limited as the process-induced geometrical distortions are not fully understood.
Thus, elementary airframe parts such as spars are manufactured with a differential-design. In
this section, process distortions of a composite box-structure are experimentally investigated.
This box structure represents a cut-out of a highly-integrated wing cover, wherein ribs, stringers
and the skin are cured simultaneously within one shot. The integral wing cover and structural
cut-out are shown in Figure [5.1] schematically. The tooling concept for this structure contains a
slightly curved base tool which forms the outer skin surface and multiple tool cores which form
stringers and rips during processing.

Selected male tool cores

Fig. 5.1: Conceptional wing cover with integrated stringers and rips. Gray section represents the
regarded structure cut-out. Selected inner male tool cores are depicted in dark gray

The manufacturing strategy for the highly-integral panel is subject of ongoing research projects
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which focus on maximum automation and new filler concepts. Therefore, it deviates massively
from state of the art manufacturing processes used in the industry. Consequently, an expe-
rimental evaluation of the process distortions of the cut-out is not meaningful, as it might be
affected by accompanying effects due to the new tooling concept or other not entirely understood
phenomena. However, multiple manufacturing trials of the cut-out structure reveal conspicuous
reproducible process distortions which can not entirely explained with spring-in or warpage.
This suggests that the structure is likely affected by the forced-interaction effect.

Within this section the inner integral box structure of the cut-out is used for experimental
validation as it is believed to dominate the structural behavior of the cut-out structure due to
its closed and therefore stiff structural shape. Figure shows the cut-out structure and its
integral constituents. Considering the whole wing-cover shown in Figure [B.] it is obvious that
only the center box is representative for the entire wing-cover. Thus, the box-structure is used
for the evaluation and characterization of occurring process distortions.

7

Fig. 5.2: Structural cut out (left) and integral constituents of the cut-out (right). Red box re-
presents the representative box structure

A set of two box specimens is manufactured from M21/T800 prepreg material with a [0, 90]3s
layup. The nominal ply thickness of the UD prepreg material is 0.25 mm which results in a
laminate thickness of ¢ = 3 mm. The box’s inner nominal length I, width w and height h are
798 mm, 206 mm and 55 mm, respectively. Within the nominal design all angles between ribs,
stringers and web measure 90° as shown in Figure 5.3
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/;lobal 0° direction

Fig. 5.3: Dimensions of the composite box structure and denotations

h = 206 mm

A modified MRCC is used, where the first dwell stage lasts three hours at 150 °C while the
second dwell stage lasts four hours at 180 °C. Heating and cooling rates are set to +1°C per
minute. Within the first manufacturing run, a set of four L-profile test specimens is fabricated
under identical boundary conditions and with identical layup. Thus, the characteristic spring-
in behavior of the configuration (material, layup, process, tool) is obtained. Both aluminum
tools are hollow, while the material thickness is approximately 10 mm which assures comparable
thermal conductivity and heat capacity. Tool-surface roughness is of identical magnitude in the
range of R, = 1.6 wm. Bagging arrangement, vacuum conditions as well as the used release-
agent are identical for both tools. Figure 5.4 shows the prepared manufacturing setup inside the
autoclave while Figure shows the used bagging arrangement.

Fig. 5.4: Manufacturing setup for the box structure and one set of representative L-profiles
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5.1 Process Distortions of an Integral Composite Box Structure

Two manufactured box specimens are measured using a full-field 3D GOM ATOS measurement
system. The obtained point-clouds consist of approximately 1.3 million points which corresponds
to a point-density of approximately 4.7 points/mm?2. A triangulated mesh is derived based on
the point cloud. The distortion evaluation is conducted using GOM Inspect software while the
tool-sided inner surface of the boxes are inspected. A representative point-cloud and selected
cross-section cuts are shown in Figure (right). Note that this evaluation focuses mainly on
process distortions along the box’s length direction for sake of clarity.

Manufactured box

-~ {
\ D
—

Fig. 5.5: Manufactured box structure and the full-field 3D measurement system (left); Obtained
measurement point cloud and selected inspection-sections with a distance of 40 mm
(right)

Measurement result

section cuts

A schematic of the obtained distortions is shown in Figure Therein, flange spring-in in
length direction is the main type of deformation which is expected according to the investigations
conducted by Fernlund et al. [10].

nominal shape
manufactured shape

Fig. 5.6: Schematic of the nominal and manufactured (magnified) shape of the CFRP box. Meas-
urand dy denotes the flange-to-flange distance

As a first step, the flange distance d; is measured every 40 mm based on inspection cuts which
are assigned to the point cloud to characterize the deformation state along the part’s length
direction. Figure (5.7 shows the part shape with respect to the coordinate system depicted in
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Figure[5.6l A minimum flange distance of 202.74 mm is obtained which corresponds to a deviation
to the nominal box width w of 2Ay,, = 3.26 mm.

Fig. 5.7: Measured flange shape deviation Ay, of the box-structure along the part’s length
direction. Note different axes scales

A direct calculation of the flange spring-in angle based on the measured flange distance dy,
according to Equation [B.1], reveals a maximum spring-in angle of Ap,,.,=1.70°. This equation
is used by [10].

2h

This direct calculation implies no curvature of the web area between the flanges. As inspections
of the cross-section cuts reveal a curvature of the base surface area throughout the entire part
length, which is likely introduced due to forced tool-part interaction, this direct analytical rela-
tion turns out to be slightly inaccurate for the box specimens of this study. Therefore, Equation
6.1 can only give an estimation of the local flange spring-in angle as an over-prediction is to be
suspected.

To clearly distinguish between base-surface warpage and local spring-in, two different measu-
rement steps are conducted. The first one evaluates cross-section cuts locally around the corner
areas as schematically shown in Figure 5.8l Therein, two local flange spring-in angles Ay and
Ao are evaluated for each specimen. Obtained flange spring-in angles as well as the maximum
spring-in angle Ayy,q., derived according to Equation [5.], are plotted in Figure 5.8 as a function
of the part’s length coordinate xz. As expected, measurement results show a widely symmetric
shape. The spring-in angle progressively develops, starting from the ends of the box where it
is geometrically constrained by the cross ribs. At a certain distance from the end the spring-in
angle is widely constant up to the part’s symmetry plane. Interestingly, this distance is appro-
ximately twice of the part height A which corresponds to the length coordinates = +289 mm.
Note that the standard deviation of the angle calculation is estimated to s = £0.05°, as it is
based on a manual selection of cross-section areas and based on a triangulated mesh within the
Inspect software. Deviations between the single spring-in angle measurements are likely related
to the manual layup procedure and the aforementioned uncertainty within the evaluation pro-
cess. A universal statement about fade-away length of the corner effect is not possible as far as
there is only one configuration fabricated and the effects are likely to depend on material and
geometrical part properties.

—d min
AYmar = arcsin <wf> (5.1)
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Fig. 5.8: Measured spring-in angles of the box specimen and the maximum derived spring-in
using Equation (.1

Comparing the graphs of the measured flange shape in Figure and the measured local
flange spring-in angle, qualitatively different characteristics are obtained as the flange shape
shows no area where it is widely constant. This indicates that the warpage of the base-surface
area interacts with or superposes the local spring-in deformations on the macro-level.

In order to evaluate this interaction, a second measurement step is conducted to examine the
base-surface warpage of the box. Therefore, a tangential plane is constructed at the center point
of the box’s web area based on the measured point cloud. Deviations of the base-surface area are
measured in the tangential-plane’s normal direction as illustrated in Figure Thus, a positive
deviation corresponds to a warp away of the box in the tangential plane’s normal direction.

yz view A X7 view
_________ e
[ | |
— —— nominal
—— manufactured tangential plane

Fig. 5.9: Deviation measurement in tangential plane’s normal direction
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Up to this point measurement results are directly taken from the manufactured box specimens.
Within the following, this configuration is denoted with 'un-modified’. As distortions of both
boxes show comparable deviations, only one box is used for detailed examinations. As a first
modification step the flanges of one box specimen are cut in order to assess the amount of
manufacturing induced stresses. Thus, the constraining effect of the cross ribs is characterized.
This experimental step is similar to experiments conducted by Fernlund [10] who obtained an
almost constant spring-in angle for a similar rib structure after sectioning the flange areas. Figure
shows the applied cuts as blue lines which are approximately 20 mm away from the part
ends. This modified specimen is referred to as 'modified’ in the following.

Figure shows the geometrical measurement of the modified and the unmodified box
specimens. The evaluation of the un-modified specimen clearly shows as disturbed warped shape.
The obtained field of normal deflections substantiate the constraining effect of the corner areas.

0.0 [mm] 0.8
0.1 0.2 0.3 0.4 0:5 0.6 0.7

un-modified

Nl

.
3
N\

modified
A ASO
X
-400 -200 0 200 400

Fig. 5.10: Web-area warpage for the un-modified and modified specimens. Graph of the spring-in
angle shows the effect of the geometrical constraints of the cross ribs.

The measurement of the modified specimen shows an undisturbed deflection field for the web
area. This verifies that the un-modified structure is within an equilibrium state where process
distortions act against the structural stiffness. A comparison of the web-area warpage of the
modified and the un-modified configuration with the measured spring-in angle, clearly shows
the relation between the spring-in distortion and the disturbed web-area warpage of the un-
modified configuration. Therein, the dashed lines represent the length values z = +£289 mm as
outlined in the preceding. As magnitudes of the web-warpage are identical for both configurations
these findings substantiate that the base-area warpage has residual character induced by the
manufacturing process.

Consequently, it is assumed that overall process-induced distortions D are composed of a
spring-in fraction Da, and a fraction due to warpage and in particular forced-interaction effects

Dwarp-
D = Dy + Duarp (5.2)

The magnitude of the web-area warpage induced distortions can be analytically derived suppor-
ted by Figure B.11] which represents a constitutive sketch of the box cross section.
Assuming a circular shape of the web area, the radius R is derived based on the parameters
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Fig. 5.11: Effect of the global part curvature on the measurands flange distance dy and manu-
factured angles ¢; = @; — Ay;

w* and a according to Equation (.3

*2 2
w+a
R=—7— 5.3
» (5.3)
With respect to Figure (.11 the web-area-warpage induced distortion d, is derived according to
Equation 5.4
. w* . dq w* w*2ah
Slnﬁzf AN Slnﬁzﬁ — dath:m (54)
Considering warpage of the un-modified configuration shown in Figure 510 at the centerline
(x=0), the parameter a, depicted in Figure 5111 is obtained to 0.30 mm. Thus, application of
Equation [(£.4] gives an additional decrease of the flange distance d, on both box sides as shown
in Figure 511}, whereas w* ~ w/2 = 103 mm and h = 55 mm.

w*

dy = — -h=0.32 mm (5.5)
R
This suggests that the measured shape deviations Ay, shown in Figure £.7] contain a maximum
of 0.32 mm induced by the web-area warpage. This represents an important cognition, as will be
seen in Section [.7), as this needs to be considered when comparing measurements and simulation
results.

5.2 Evaluation of the Forced-interaction Effect

However, up to now, the origin of the undesired warpage of the web area remains unclear.
According to Fernlund [I0] the tool with its high thermal expansion can lead to residual stress
gradients inside the laminate at the end of the curing process. Figure shows a schematic
which is directly applicable for the box structure fabricated here.

To characterize and assess the amount of residual stresses inside the box structure the modified
specimen is further separated. Thereby, flanges and ribs are cut off using a conventional diamond
saw. Figure (.13 shows the box after sectioning.
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<— tool expansion

Fig. 5.12: Trough-thickness stress gradients induced by forced tool-part interaction.

Fig. 5.13: Box specimen after separating with a diamond saw

Subsequently, the resulting curvature of the web area is measured using the technique descri-
bed above. Figure [0.14] shows the obtained result. A widely symmetric warpage distribution is
observed with a magnitude of up to 2.80 mm which is approximately 3.5 times the magnitude of
the modified configuration with its distortions of up to 0.80 mm. Note that the slight asymmetry
of the warpage distribution is likely due to a minimum of misalignment of the single plies as a
consequenve of the manual layup process or a slight misalignment of the initial reference plane.
At the bottom of Figure B.I4] a threshold of 0.30 mm is used to asses warpage in transverse
direction by a comparison with the warpage of the modified configuration shown in Figure
This comparison reveals that the warpage magnitude in transverse direction remains almost
constant in the range of 0.30 mm. The increasing warpage along the length direction can be
explained with the removal of the stringers, as their moment of inertia does not counteract the
residual stresses of the web area any more.
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Fig. 5.14: Global web-area warpage (top) and area with a distortion under a threshold of 0.3mm
(bottom)

Similar to the web-area, the flanges are inspected for warpage distortions as well. Therefore,
both stringers are fixed together while tool-sided surfaces show towards each other. Figure
shows the simple measurement setup. The maximum distance between both stringer is obtained
to 4.77 mm which is measured using a hand caliper. Thereby, the stringer length is 754 mm
which is approximately 44 mm less than the initial box length induced by the trimming.

‘ -

Fig. 5.15: Flange warpage of the separated flanges is obtained to 2.385 mm. Flange centers warp
away from the tool

Considering the findings of the warpage investigations described in Chapter B the magnitude
of the web-area warpage as well as the stringer warpage are of unexpected magnitude, as re-
sults presented there suggest that warpage will diminish for structures thicker than 1.5 mm, in
particular for non-UD layups. The findings for the box structure clearly substantiate that con-
ventional warpage described in Chapter Blis not the exclusive source for the distortions obtained
here. Therefore, it is assumed that the forced-interaction effects impedes the structural shape
to a non-negligible amount. To validate this presumption a set containing three specimens is
fabricated while two specimens have a C-shape and one is flat, similar to the warpage specimens
shown in the preceding. Figure shows the specimen shapes schematically. Experiments are
solely done for specimens aligned in part-length direction as measurable distortions are expected
to be larger and consequently more accurate to measure.
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Fig. 5.16: Schematic of the tool geometry with applied flat and angled specimens. Blue, green
and red measurands correspond to circumferential, longitudinal and transverse paths
on the tool, respectively.

Specimens are fabricated with a UD layup of identical M21/T800 material. The deviation
from the box-specimens layup [0, 90]3; is necessary due to material shortage. However, a compa-
rison between the C-shaped parts and the flat specimen allows the quantification of the corner
effect and therewith the accompanying geometrical locking. Figure [5.17] shows the fabricated

specimens.

Fig. 5.17: Fabricates specimens to characterize the forced-interaction effect. C-shaped and I-
shaped parts have a web-length of 798 mm and 754 mm respectively.

The obtained warpage of the stripes is shown in Figure [5.18] while distortions of the C-profiles
is obtained twice as high as for the flat specimen.
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Fig. 5.18: Measurement reveal a warpage increase of 100% comparing C-shape to flat specimen

This clearly underlines the effects that a tool with considerable thermal expansion can lead
to significant part distortions when the composite material is cured within a process using high
temperature and high pressure. The obtained warpage of the C-shape stripes suggests that the
double-curved shape of the entire box could be a result of the type of distortions. However,
when considering the geometrical shape of the box this is to be questioned as the warpage of
the C-shaped section directly work against the moment of inertia of the stringers which are
comparable to I-profiles in the present case. Considering the geometrical properties it is unlikely
that comparable small distortions obtained for the C-shape stripes are able to deform the whole
structure against its stiffening elements. Inspecting the tool’s geometry, depicted in Figure £.16],
three particular paths of the tool surface can be assigned. Thereby, P, P, and P, denote paths
in the tool’s length, width and circumferential direction, respectively. With the experiments
documented in the preceding it is shown that forced-interaction effects lead to an increased
curvature of the box along the C-shaped paths P, and P,. However, path P, is of particular
importance, as it has a closed geometry. According to Sun et al. [68] and supported by the
experiments described in Section [Blit is assumed that no ply-to-ply slippage occurs during the
process which is due to high resin viscosity and due to the high autoclave pressure. Assuming
that the composite material is able to transfer stress shortly after reaching the gel point and
that no slippage between the layers occurs, the length of the circumferential path is fixed at a
temperature below the final curing temperature which is called T';, in the following. Further
temperature increase during the process likely leads to an elastic deformation of the part. As
can be seen in Figure this effect acts in the ribs and the stringers which are the stiffening,
load-carrying elements of the box.

A simple FE model is set up to illustrate this relation. Assuming that ribs and stringers
are in a tension stress state at the end of the curing process which is due to the expanding
tool, these residual stresses tend to relax when the constraint of the tool diminishes during
demolding. Within Figure this effect is modeled with a contraction of the lightgray area in
circumferential direction. The obtained deformed shape of the box substantiates the assumption
that this effect, which acts in circumferential direction, could be responsible for the global box
distortions.
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Fig. 5.19: Box FE model. CTE of the lightgray area is manually modified to show effect of resi-
dual stresses in circumferential direction. Stresses in circumferential direction induce
global warpage of the box

This is supported by the comparison of the obtained web-area warpage of the modified con-
figuration shown in Figure with the distortions of the fully separated web-area shown in
Figure 5141 It is obvious that the ribs in the modified configuration enforce higher warpage in
transverse direction than in the fully separated configuration. As the CTE of the ribs should be
identical to that one of the web area due to the identical layup, this effect can not be explained
with differences in thermal contraction. Consequently, it verifies the presumption made before
that residual stresses act in the stiffening elements. However, it remains unknown whether the
integral design of the ribs and stringers abets or reduces this effect.

As this source is of particular importance for the manufacturing concept of a fully integral
stiffened wing cover shown in Figure 5.1 it is experimentally validated with a slightly changed
box design. While the overall geometrical dimensions of the box remain identical, a gap between
ribs and stringers at the circumferential corners is designed in order to break the circumferential
force flux. Figure shows a schematic of the modified box geometry as it is manufactured on
the identical tool as the previously presented boxes.
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Fig. 5.20: Modified box design with a gap between stringers and ribs to break flux of force in
circumferential direction

Fig. 5.21: Modified box structure with broken circumferential force flux

The measured web-area warpage is shown in Figure At a first glimpse, the obtained
measurement result shows a different character compared to the warpage plots shown above.
This is induced by a small twisting of the web-area which is likely induced by misalignment of
one ply during the manufacturing process. In addition, the missing connections between the ribs
and the stringers lead to a box structure with a decreased torsion stiffness. Thus, misalignment-
induced distortions can distort the box more easy compared to the integral box.

However, as shown in the former web-warpage evaluations the maximum warpage is obtained
at the box centerline. Thus, the warpage of the box is evaluated based on a section cut at the
centerline as shown in Figure This is feasible, as this area of the part is unaffected by the
twisting.
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Fig. 5.22: Maximum web-area warpage of the cornerless box is obtained to 0.09 mm. Saddle
shape is observed which is likely due to misalignment effects during the manual layup

The measurement procedure utilizes one mid-section point which is generated from two selec-
ted point on the part’s centerline. This mid-section point is projected to the measured inner-part
surface and the distance between both points is derived. It is shown as a big dot in the center
of the box depicted in Figure The web-area warpage is obtained to w = 0.09 mm which is
significantly smaller than that for the fully-separated (w ~ 2.8 mm) and the modified (w ~ 0.8
mm) configurations.

This result substantiates the assumption that the global warpage obtained for the integral
manufactured box is related to the closed force flux acting in circumferential direction along
stringers and ribs. Furthermore, it becomes obvious that the warpage distortions along the
paths P, and P, are not the main drivers of the global warpage, as the structure shows almost
no curvature in longitudinal and transversal direction.

Figure shows the manufactured box while. For this picture the twist is constrained by
double-sided adhesive tape. This allows a better inspection of the shape of the web area. The
obtained average deflection of the web area is significantly smaller compared to the box with
the closed circumferential path.
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Fig. 5.23: Web-area warpage of the modified box design with interrupted circumferential path

Indicated by the measured flange to web angles shown in Figure (.8 the structure’s behavior
is almost undisturbed in the center area. Therefore, it is assumed that the increasing deflection,
obtained in the center of the part, next to the stringers, can be traced back to the simple forced
interaction effect obtained for the long C-profiles shown in Figure However, this is not
experimentally verified in this thesis.
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5.3 Cognitions from the investigation of the forced-interaction effect

Within the preceding section, manufacturing-induced distortions of an integral box structure are
investigated. It is made from UD prepreg material M21/T800 with a [0, 90|35 layup to blank out
effects due to layup asymmetry. The box is cured on an aluminum tool and fabricated according
to the MRCC (Toyre = 180°C). After processing, the box shows distortions which cannot be
completely explained neither with warpage nor spring-in what is a consequence of the integral
design.

Measurements of the flange distance and the spring-in angles along the box’s length direction
clearly show that spring-in induced distortions are accompanied by a superposing fraction in-
duced by the considerable web-area warpage of the box. By means of selected cuts, the residual
stress state of the box is analyzed, while a relation between the box height and the observed
deformation state is obtained. Furthermore, it is shown that the forced-interaction effect leads to
increased warpage distortions, when comparing C-shaped (geometrically constraint) and flat (no
constraint) strips after the manufacturing process. However, the main finding of this experimen-
tal investigations is that the global warpage of the box specimen is mainly induced by stresses
acting in parts circumferential direction. These, stresses generate during the curing process, whi-
le the tool expands and the composite material is in a visco-elastic state. When disconnecting
ribs and stringers within a corner-free design the global web area warpage diminishes almost
completely.

It should be noted that experimental results presented in this section are strongly focused
to answer the question for the main sources of the observed box distortions. Therefore, it is
clearly pointed out that further experimental investigations are necessary to achieve a material-
unspecific characterization of the forced-interaction effect and to assess corresponding magnitu-
des of scattering.

5.4 Numerical Analysis of T-Stiffener to Skin Connection

Composite T-joint structures are widely used within composite applications such as airframes
for example. In context of this thesis, this kind of connection between stiffening elements and
the skin are prone to show manufacturing-induced effects which result in an increase of waviness
of the outer skin. For the majority of composite applications this effect can be neglected as no
particular requirements are given. However, when thinking of a integrally fabricated wing cover,
which should provide natural laminar flow qualified surfaces, this effect must be considered.
Figure shows a well manufactured micro-section of a T-joint which is extracted from Trask
et al. [94].
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Fig. 5.24: Composite T-section joint with characteristic fillet. Figure extracted from Trask [94]
and subsequently graphically modified

A two-dimensional parametric FE model of a T-joint is used to characterize the behavior of
this kind of structural connection. The numerical study focuses on the effect of the fillet material,
the ratio between the stiffener and the skin bending stiffness which is driven by both, the skin
and the laminate layup, the effects of the stiffener foot width and the stiffener radius.

Figure illustrates the modeling parameters of the parametric plane-stress FE model. The
geometrical parameters A, Ay, R;, t, B denote the stiffener height, the half of a complete stiffener
foot width, the inner stiffener radius, the nominal ply thickness and the half stringer distance,
respectively. The stiffener and the skin laminate can be arbitrarily selected as symmetry is
automatically assumed. Symmetry of the layup is presumed as this is a common scenario within
current applications. Furthermore, asymmetry effects cannot be regarded with this kind of plane
stress model. Indirect asymmetry effects, driven by the stiffener geometry in combination with
the applied UD-ply based laminates, remain disregarded here although they can induce a twist
of the stiffener.

Ay

s

T—pmﬁleé Profile layup [45, —45, .. ],
' &

Skin layup [90,0,...],
fillet 0° direction

skin

-} | g

Fig. 5.25: Modeling parameters of the T-joint.

Figure shows the assigned boundary conditions within the simulation and the local tan-
gential and radial directions. Within the model the radial direction corresponds to the ply
thickness direction while the properties in the models tangential direction are a function of the
ply angle and its nominal properties in the ply coordinate system. The global 0° direction of
the whole model is perpendicular to the investigated cross section. For sake of clarity, the 0°
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direction is illustrated in Figure The light gray illustrated configuration represents the
case where half of the stringer distance is equal to the stringer foot width A; = B. In this case,
the symmetry boundary condition of the skin is extended to the stiffener laminate. The fillet
material is modeled as a homogeneous in-plane isotropic material which properties will be varied
later. This approach is in accordance with the modeling technique used by Hélénon et al. [95].

— tangential-direction

— radial-direction
= isotropic

Fig. 5.26: Local material orientations and boundary conditions of the plane-stress model. Light-
gray depicted shape represents maximal configuration where stringer foot width A;
equals the stringer distance B. In this case, symmetric boundary conditions are ex-
tended to the stiffener area.

Due to the number of modeling parameters in combination with the design freedom within the
laminate stacking the number of different configurations is tremendous. The aim of this study
is to gain information about the main drivers and their influence on measurable deflections.
Therefore, no optimization tools are used here. Instead, modeling parameters are varied based
on engineering judgment. Material properties used within the FE analyses are derived from resin
and fiber properties given in Table [£.2] with the exception «,, = 65 ppm/K. The ply properties
of each ply are derived using ESAComp 4.3 while a Vy of 60 % is assumed for the composite
plies. The Poisson’s ratio and the shear modulus of the UD plies in the transverse plane are
derived to v93 = 0.45 and Gog = 3270 MPa. The chemical shrinkage of the resin is assumed
to AV = —5 %. Corresponding strains in the UD-ply transverse directions are derived using
Equation Figure illustrates the complex stress state schematically.
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Fig. 5.27: Acting stress state in a T-joint induces global deflection of the skin

The global deflection w along the half of the stringer distance B is evaluated in this study to
assess the effect of the varied parameters. It can be assumed that the obtained deflection w is a
function of the stiffener and skin layup as well as the fillet properties.
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Figure shows the FE model for an arbitrarily selected configuration. The geometric
parameters are A = 30 mm, A; = 40 mm, B = 110 mm and R; = 4 mm. The stiffener and
the skin layup are [45,—45,90,0, 90, 05, [45, —45,90, 0]s, respectively. It should be noted that
the mesh density is a parameter within the parametric model as well. However, its value is kept
constant for all simulations presented here.

CFRP, 30 % fillet Parameters

A =30 mm

A; =40 mm

B =110 mm
Layup [45, —45, 90, 0,90, 0] R; = 4 mm

Layup [45,—45, 90, 0],

Deflection 5x magnified

Wmaz = 1.850 mm

Fig. 5.28: T-joint configuration with 12-ply stiffener and 8-ply skin. Laminate’s global 1-direction
is perpendicular to the depicted cross section

Effect of the Fillet Properties

Within the first simulations only the fillet properties are modified while the values of the geome-
trical parameters in the model are kept constant. The initial condition within the thermo-elastic
simulation corresponds to the end of the curing process. Starting at a curing temperature of
180°C of the MRCC the thermal contraction is modeled based on conventional CTEs. Effects
induced by the chemical shrinkage are considered using equivalent CTE (o) which transfers the
volumetric shrinkage AV of the resin to corresponding strains in the transverse ply directions
directions. The same strategy is used for the ply properties, whereat the orientation of the plies
are considered in the model.

Eight different fillet material properties are considered which are summarized in Table Bl
The material properties are calculated with ESAComp whereat the main parameter is the Vy
which is the critical parameter of the fillet region. The parameters given in Table 5.l represent
ply properties in the resin dominated transverse direction
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Material E [MPa] v [] o [ppm/K] a¢ [ppm/K]

Neat resin 4670 0.37 65.0 92.6
CFRP, 30 % 8117 0.37 47.7 98.1
CFRP, 60 % 14950  0.37 30.3 55.8
CFRP, 75 % 21614  0.37 21.65 34.8
E-Glas, 30 % 8972 0.37 47.0 98.1
E-Glas, 60 % 19489  0.37 29.0 55.8
E-Glas, 75 % 34418  0.37 20.0 34.8

EPDM 1.5 0.48 800.0 0

Tab. 5.1: Mechanical parameters of investigated fillet materials

As can be seen in Table L] an increase of Vy results in an decrease of the CTE as less
resin leads to less thermal contraction. A similar effect is observed, whereat an increase of the
Vr results in an decrease of the equivalent strains in transverse direction which is analytically
describes by Equation

The geometrical parameters are set to A = A; = 40 mm, B = 90 mm, R, = 3 mm and
AT = —160°C. To blank out curvature inducing effects due to different laminates of stiffener
and skin both layups set to [45, —45, 90, 0]; which corresponds to a thickness of 2 mm each.

25
2_ ,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,,
TS g T
B D /L SRR
gs Neat Resin
o + CFRP,30%
A 05t F-mmmmmmmmmns * CFRP,60%|
7 CFRP,75%

A o Glas,30%

(O it *  Glas,60% [

- Glas,75%

o EPDM

0 15 30 45 60 75 90

Distance from part center line [mm]

Fig. 5.29: Calculated deflections of the T-joint cut out for varying fillet materials

The derived deflections show a sinusoidal character while the magnitudes are similar for all
configurations. Only the EPDM configuration show approximately 15 % less deflection. However,
none of the configurations show a local waviness directly under the fillet.

Effect of the Stiffener Foot Width

Within a second step the stiffener foot width is modified within a range of A; = 20— 60 mm and
to a special configuration where A; = B. Other geometric properties and both layups remain
unchanged (B = 90 mm, A = 40 mm, R; = 3 mm). The fillet material CFRP, 30 % is used for
the fillet area.
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Fig. 5.30: Calculated deflections of the T-joint cut out for varying stiffener foot widths

The obtained deflections illustrated in Figure show a similar character which was ex-
pected. However, the obtained magnitudes depend strongly on the stringer foot width. From
the results it can be concluded that an increasing foot width leads to an increased deflection.
However, the extreme configuration where the stiffener foot length is equal to the stringer di-
stance shows only a fractional amount of the total deflection. This is clearly an effect of the
doubled laminate thickness which corresponds to an eightfold moment of inertia for the skin.
Thus, this stiffener design promises particular benefits when focusing on surface properties with
a minimum of waviness as it is required for natural laminar flow for example. Consequently, this
design is used for the NLF upper wing cover which is shortly described in Section [.9 Note that
again, no conspicuous local waviness in the fillet area is obtained on the outer skin.

Effect of the stiffener radius width

The stiffener’s inner radius is varied within another set of simulations. Thus, the fillet area
increases with increasing radius R;. The geometric properties are set to A1 = 40 mm, B = 90
mm while R; is varied between 1-12 mm. The fillet material remains CFRP, 30 % Figure B.31]
shows the obtained deflections of the panel for varying radii.
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Fig. 5.31: Calculated deflections of the T-joint cut out for varying stiffener inner radius

The obtained characteristics of the deflection curves is identical. However, with increasing
radii, the start of the initial curvature is shifted which can be explained with the relation
between R; and A; as the first connection between the flange area of the stiffener and the skin
is shifted due to the radius increase. Again, the area directly under the fillet shows no waviness.

Effect of the Stiffener to Skin Bending Stiffness Ratio

Up to this point, geometrical and material properties of the T-joint are varied while the layups
remain identical for stiffener and skin. The effect of different layups is investigated in this sub-
section. Therefore, the stiffener layup is varied to find the a relation with the measured deflections
w. Different layups affect the coefficients of thermal expansion which leads to increasing or
decreasing deflections. On the other hand, is can be assumed that a stringer with a higher
stiffness is able to induce larger deflection to a comparable soft skin. For sake of illustration, the
deflection w is shown as a function of the ratio of the profile’s bending stiffness represented by
the parameter Dag ,0rie and the skin’s bending stiffness Daa sxin-

All conceivable multi-angle 8-ply, 12-ply and 16-ply laminates and unidirectional laminates [0];
and [90]; with a maximum of 24 plies are considered for the stiffener while the skin layup remains
quasi orthotropic [45, —45,90 — 0]s. The geometrical properties of the T-joint are set to A = 40
mm, B =90 mm and R; = 3 mm. Furthermore a V; of 60 % is assumed for the plies and CFRP,
30 % material properties are used for the fillet. Figure 5.321shows the obtained simulation results.
Therein, derived maximum deflections w;,q,; are subdivided into groups according to number of
plies or their corresponding laminates.
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Fig. 5.32: Calculated deflections of the T-joint for varying stiffener layup while skin layup re-
mains [45, —45,90, 0]

The results show that for the majority of the cases the maximum deflection is in the range of
0.5 < w < 2 mm. Even for increasing bending stiffness differences this fraction remains constant.
However, there are results which are conspicuous as a [04]s layup for example induces the largest
global deflections. This effect is driven by the transverse contraction of the plies as no fibers
are aligned in the stiffeners circumferential direction. Therefore, the massive curvature is mainly
induced by the CTE mismatch between the stiffener an the skin. Furthermore, the simple elastic
FE model does not consider strength properties.

Conclusion of the Numerical T-joint Investigation

The preceding numerical study focuses on process-induced distortions which can be induced by
conventional T-joint connections between T-shaped stiffeners and the thin flat or slightly curved
skin. In contrast to other stiffener geometries such as omega-shaped ones, T-joints show a fillet
area which often has deviant material properties. Due to different material parameters in the
fillet area and the base laminate due to a lower V, the geometry of this ares is part of multiple
investigations. In the presented numerical study essential geometrical parameters of the T-joint
are varied to characterize their relevance in context of process-induced distortions. A parametric
FE model is used to investigate the effect of geometrical properties of the T-joint, of different fillet
materials and of layup differences between the skin and the stiffener. The obtained results show
that the stiffener radius and the fillet material have almost no effect on the maximum deflection
w. However, the stringer foot width has significant impact on the measurable deflection, whereat
the global deflection increases with decreasing foot-width. Regarding the local waviness induced
by the fillet area, none of the conducted simulation reveals a considerable effect. However,
the configuration where B = A; shows very small maximum deflections, which promises that
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this design is beneficial for applications where panel waviness is particular importance such as
the NLF wing cover shown in Figure (Il Within Section this tool is applied to a certain
configuration while predictions are compared with one fabricated CFRP T-Joint.
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6 A Semi-Numerical Prediction Approach

In this chapter the analytical equations are developed which enable a semi-numerical
stmulation procedure. The fundamental idea is to transfer measured process distorti-
ons on specimen level to appropriate simulation parameters which are applicable on
part or component level. The model is applicable for warpage as well as spring-in
distortions. It is based on the classical laminate theory. The use of shell elements
promises almost no model-size limitations which is a drawback of state of the process
simulation tools. In the presented form the model focuses mainly on part distortions.

6.1 Intention of the Model and its Area of Application

Composite specific manufacturing deformations are mainly caused by the significantly different
material properties between the lamina-plane- and the through-thickness-direction. Accounting
for that, existing micro level simulations use fine solid element meshes, whereas single plies are
modeled with up to five layers of solid finite elements. In context of an early stage within the
process development chain, this kind of modeling is disproportional as part geometry and layup
is often not finally defined. Where part deformations are of predominant interest, the main
drawbacks of those approaches are the disproportional amount of simulation parameters and
high computational efforts due to transient modeling. For thin-walled structures, as they are in
the focus of this thesis, transverse stress components 13, 093 and o33 are assumed to be small
in comparison to the in-plane components 11, 092 and o12. From a computational perspective,
classical laminate theory is suitable for the modeling of the investigated slender structures of
this thesis. Both, spring-in and warpage deformations manifest themselves in a curvature-change
of a certain reference configuration. Warpage deformations are induced by interactions between
tool and part at the interface. Those interactions are certainly distributed across the interface
surface. Therefore shell-based modeling is suitable, as only lamina-plane parameters are affected.
The main challenge for a shell-based approach is to model the spring-in phenomenon, which
is mainly induced by through-thickness strains. As the ’thickness-direction’ stress and strain
components are excluded within the shell element formulation, this is a challenge. To overcome
that barrier, the idea is to derive equivalent in-plane parameters which induce a curvature in
the shell. This idea is similar to the well known bi-metal effect. The magnitude of the bending
moment is dependent from geometrical measurements on test specimen level as well as the
aspired modeling with the FEA, as will be outlined afterwards.

6.2 Model Derivation for Warpage of Flat Laminates

The starting point of the model derivation is the constitutive equation of a laminate in matrix
form given in Equation [6.Jl This and all other fundamental CLT basics used here are taken
from Nettles [96]. In Equation the matrices A, B and D represent the extensional stiffness

matrix, the coupling stiffness matrix and the bending stiffness matrix, respectively.

G-a o) ) o
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Coefficients of those matrices can be written as:

(A, Bij, Dyj) Z /h QW (1,2,2%) da (6.2)

Therein, Q;j, z, k and N are the coefficients of the laminate stiffness matrix Q in the global

laminate coordinate system, the coordinate in thickness direction, the ply identifier and the
overall number of plies, respectively. Commonly, different types of loads are considered within
the CLT. Within Equation the superscripts 'm’, ’t’, 'h’ denote 'mechanical’, 'thermal’ and

"humidity’, respectively.
N N™ 4+ Nt 4+ N
M [T \M™+ M+ M (6:3)

Regarding a flat laminate composed of n plies as schematically sketched in Figure [6.1]

hO hl ./'/

[ ——— Z

<

Fig. 6.1: Model parameters and warpage deflection w

a bending moment of the different sources M can be written as:

, n _ o fhe N ~ rhg
M = Z Q &% zdz +Q - 22dz p . (6.4)
k h “k h

k=1 k—1 k—1

From Equation [6.4] it can be seen that moments M® are plywise composed of one fraction
induced by midplane strains € and one fraction related to the change of plate curvatures .

For the sake of clarity, the methodology is derived analogously to common thermal loads. The
advantage and the convenience of that will be outlined in the following. Assuming thermal strain
of a ply to be unequal to zero % # 0 and curvature changes equal to zero s! = 0, the thermal
bending moments are derived to:

Mt = Q . Ey %(hk — hk 1 ) (6.5)

k=1 F ewy ),
It should be noted that the variables hi and hy_1 represent the z-coordinate of the top-surface
and the bottom surface of the k-th ply. That is depicted on the left hand side of Figure
Assuming an arbitrary layup without symmetry, each ply can contract or expand differently in
different directions. That results in a thermal moment which leads to warpage (bending) of an
originally flat part. That mechanism equals that one of well-known bi-metal principle. Regarding
a symmetric (even and odd) single-material-laminate (Q = @ ,V k) Equation equals zero.

k
However, due to its characteristics, Equation[G.5]is suitable for the integration of a modification
term. Thus, the introduction of a certain asymmetry due to modified expansion properties allows
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a target oriented affectation. Note that only a single-sided modification leads to a resulting
bending moment, as outlined above. Equation[6.6lgives the bending moments M* for an modified
bottom ply k=1. This area is depicted light gray in Figure

* * * *
M; 3 €z 1 Ex Qy
M*=q My p=0Q & ¢ 5 (m*—ho®) with ey ¢ =AT-S o (6.6)
Mz, bolew), Eaxy ) 4 Ay )

Nevertheless, that area of the manipulation is arbitrary. Regarding monolithic composite struc-
tures, the reference to the ply level is obvious as the lamina are the constituents of the laminate.
That requirement loses its significance for UD laminates, for homogeneous orthotropic and for
isotropic laminates. For remembrance, the aim of this approach is to transfer geometrical mea-
surement on test specimen level to corresponding FEA parameters which induce the measured
distortions in the numerical model. That transfer is directly dependent on the underlying proper-
ties of the analytical model. In other words, magnitude of the calculated equivalent parameters,
can be different with respect to the chosen area of modification. Nevertheless, those different
parameters lead to the same deformation within the FE simulation if the model is set up cor-
rectly. That means, the dimensions of the modified area within the FE model must be identical
to the ones used in the analytical parameter calculation. Note that the area corresponding to
h1 — ho must not be defined with ply borders when UD or homogenized laminates are conside-
red. Therefore, parameters h; and hg should be considered as coordinates in through-thickness
direction.

Applying the moment vector M* as shown in Equation[6.1]a corresponding vector of curvatures
is derived which is shown by Equation

2= My :Q_lM* (6.7)

Therein a symmetric laminate is assumed, since the bending moment due to layup asymmetry
M" equals zero. Moreover, symmetric laminates are commonly used in industry as they do not

result in a coupled bending extension behavior. Insertion of gives Equation

a*
_ z 1
P, :Q*QIAT. ay 03 (h* = ho?) . (6.8)
a;‘cy

Therein the vector of curvature s is calculated with respect to an arbitrary layup, which is
symbolized by the bending stiffness matrix D and the modified bending moments applied to the

bottom surface exemplary. Double integration of the components of the vector of curvatures s
gives the deflection components w,, w, and w,, with respect to the global coordinates x and
y. The total deflection of the originally flat part is a superposition of the single fractions of the
doubly integrated components of the vector of curvatures s . Thus the total deflection is given
by:

i J
W(T,Y) = Wag + Wyy + Wy With  wyj = / / (=25 d) dE. (6.9)
0Jo

Disregarding the contribution of the term w,,, Figure shows the corresponding deflections
for two conceivable curvatures s, and s,.
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Fig. 6.2: Exemplary warpage deflection when warpage occurs in longitudinal and transversal
direction

As the aforementioned equations are suitable for arbitrary layups the underlying relations can
be significantly simplified for unidirectional laminates or when smeared material properties are
used. Regarding the population of the matrices of Equation with respect to that limitation,
it is obvious that the system of equations can be reduced, whereat the first and the second line
of the system remain. Dots represent non-zero terms of the corresponding matrices or vectors.
Parameter = is constant.

N
I
(1l
[ ]

0
0V, a*="{e = (6.10)
[ ]

0

e}

Applying Equation [6.6] the moment components M and M, are given by equations 6.11] and
0. 12!

- — 1
M; = AT [QH(J&; + nga;;] B (h% — h(Q)) (6.11)

. . 1
My = AT [Qu20] + Qnaj] 5 (h? —hd) (6.12)

Inserting those components into Equation 6.7, the components of the curvature vector are
given by

1
v = ————+ (Dog M* — Do M* d =—— . (=D M* 4+ D1 M¥). 6.13
P det(D) (Dgo M 12M;)  and det(D) (=D12M; + D11 M) (6.13)
B3 - 5 h3\ 2
D;j = QUE and det (Q) = (Q11Q22 - Qm) ) (12>

Insertion and subsequent rearranging gives the curvature component sz, and s, .

o Qa2lty - AT [Qu10% + Quaaf) § (k3 — h3)
(@@ - @) - ()

_Qu% AT [Qraa + Qo] 5 (hf — h)
(@G - Q2) - (%)

6AT o (b — hY)
Hyx = 73 L 9

(6.14)
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~Quls AT [@uai +Qreag] 5 (b - 1) |

(@@ - Q%) (1)
Q1112 AT [Qr204 + Qcv ] 3
(Q11Q22 — Q%) - (%)

Hyy =

(1 = o)

6AT o (h2 — h2)
Y 1 0
Hyy = e (6.15)
Derived curvatures turned out to be independent from material properties, whereat the area of
affectation, represented by the term (h? — h(%), has a direct impact. Double integration of the
curvatures with respect to the corresponding coordinate reveals the deflections.

6ATa (B3 —hE) z2 6AT oy (b —h3) 42
Within Equation [6.16] the parameter w;, and wy, represent measurements of fabricated test

specimens. Combining w(x) and w(y) to w(z,y) = w(z) + w(y)

1
w<$7 y) = _5 (%.tsz + %yny) (617)

Thus the transfer between measured deformations to corresponding expansion properties can
be calculated with respect to the dimensions of the affected area. The application of that equa-
tions is discussed in detail within Section [[.1l

Rearranging Equation and solving for « gives:

h3 w(x)
- : ith  Zmee = 1/2 6.18
AT —ng) a2 / (6.18)
; h? wly)
= with  Ymaz = b/2 (6.19)

o = .

YOBAT (W3 —hd) v?

The preceding equations represent the connection between the measured warpage deflection
and the corresponding simulation parameter o = f(w(z)) and o, = f(w(y))

6.3 Model Derivation for Spring-In of Single- and Double-Curved
Sections

Composite structures can have arbitrary shapes. As shown in the preceding section the proposed
simulation strategy transfers a measured specimen deflection into an equivalent simulation pa-
rameter. This strategy should be used for the simulation of spring-in deflections as well in order
to maintain simplicity of the used models. Therefore, a measured angle change Ay, obtained
from an L-profile specimen, should be transfered to an equivalent simulation parameter a* what
is shown in Table

Warpage Spring-in
Relation w— ot Ap—at

Tab. 6.1: Relation between measurement and equivalent simulation parameter
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The model approach presented within the preceding section is based on the considerations of a
bi-metal. Consequently, a curvature s is derived which corresponds to a certain combination of
two materials with different Young’s moduli and different CTEs. Therefore, the derived curvature
#zq, in x-direction for example, is a linear function of the equivalent simulation parameter o
as shown by the following equation which is simplified based on Equation

Hyx = flin (Oé;)

Regarding arbitrary part shapes this linear transfer is not feasible for all shapes what is
demonstrated by the following picture. For sake of clarity, cross sections for three different part
shapes are illustrated in Figure Therein, the curves ygurpit (%), Yeni () and yeire(x) represent
an arbitrarily, an elliptically and a circularly curved shape, respectively. As can be seen clearly,
only the circular arc has a constant curvature.

— Yeire
. —— - = Yelli
. .............. Yarbit

T T T T T T T T —> T
R 2R 3R
Fig. 6.3: Three different conceivable cross-section shapes

According to Merziger and Wirth [97], the curvature s of a function y = f(x) is derived
according to Equation 620 where y' = dy/dx and y" = d2y/da?.

(z) = (1+(Z)2)3/2 (6.20)

Table shows that only the circular arc has a constant curvature » = 1/R. Thus, the deri-
ved corresponding parameter is independent from the x-coordinate. With other word, a single
parameter o can be used for a complete circularly-curved section.

Arbitrarily curved Elliptically curved Circularly curved
. z\2 z\2
Function y = f(x) y:b‘\/l—(a) y:R-\/l—(F)
Curvature w(x) = —~=m5 x(x)= ab w=1

(1+(y’)2) (a2+x2.(%_1))3/2 5

Tab. 6.2: Three different part shapes and corresponding curvatures

Therefrom, it is concluded that the proposes strategy must be analytically based on circular
curvatures. This is due to the shape of the used L-profile specimens as well as these provide
information for a circularly curved part area only. Thus, the measured angle change Ay is a
function of the arc length s which is the product of the initial angle ¢ and the radius R.

At a first glimpse this is a limitation of the approach. However, when inspecting typical com-
posite frame components circularly curved areas are standard. Therefore, it is not a significant
limitation. In addition, curvature changing shapes, such as the elliptic one, shown in Figure
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can be locally approximated by circular curves which allows the application of the approach.
For sake of demonstration, this procedure is shown Section

elliptic cross section

. B .
P3 . R
r Py
Sloc:T'?vD @
By
P,

Fig. 6.4: Local circles are used to interpolate curvature-changing shapes

Based on the considerations given above the fundamental analytical equations are derived for
circularly curved arcs in the following section. Equation shows the benefit of the limitation
to curvature-constant shapes. As s # f(s) it acts as a constant during the integration which
allows the aspired direct transfer Ap — a*.

dg@ S0 S0
= o (p:/ wds — cp:%/ ds as x# f(s) (6.21)
S 0 0

In order to cover shapes with varying curvatures by a corresponding parameter function a

more complex, non-circular curved specimen would be necessary and the analytical equations
given above must be updated. However, this approach remain unconsidered in this thesis.

Circularly Curved Sections

As warpage mainly affects flat structures mainly, spring-in is omnipresent for curved structures.
In general, doubly curved geometries with different radii are conceivable as depicted Figure
Spring-in and warpage deformations represent a change of an initial curvature.

Thus, the fundamental model assumptions outlined in Section are suitable for both phe-
nomena. Slight changes which account for the curvature of the structure need to be introduced.

‘\W

©o, RO,go

m

Fig. 6.5: Geometries of a doubly curved structure (left) and a simple-curved structure (right)

Equation[6:22is equal to Equation[6.7] Therein, ¢ and 1) represent the change in curvature with
respect to the corresponding arc length s, or sy, respectively. Within this derivation constant
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radii are assumed as those are commonly applied. Nevertheless, the derivation for non-constant

radii is possible.
0p/08p | _ —1q,%
{819/8319 =DM (6.22)

In contrast to the warpage deflection, spring-in deformations are characterized by the deviation
of the nominal and the fabricated angle. Consequently, the change in curvature needs to be inte-
grated once only as this is described by the first derivative of the displacement. The integration
O0¢/0s, along the arc length sg gives the corresponding angle change ¢, whereas the initial arc
length sq is the product of the radius Ro and the section angle ¢q as shown in Equation

dp [
o= / ds with s0 = Ro, - o (6.23)
Osy, ’

In order to transfer a measured spring-in angle to a corresponding expansion parameter of the
affected area, Equations [6.23] and [6.22] are combined. In order to underline the characteristic as

an measured parameter @,,es is introduced wheres s = .

6ATar (h? — h3

Pmes = 0 ° RO,go : 4)0}53 ) = 50 * HMax (624)

Inspection of Equation reveals that angle change n,es is given by the product of the initial
arc length sy and the corresponding change in curvature sz, which has been introduced in
the preceding section. Rearranging Equation gives the corresponding equivalent thermal
expansion parameters for both directions of curvatures o and o).

* Pmes 1 h3
= . . 6.25
CWP ©o R07¢AT 6 (h% o h%) ( )
19mes 1 h3
ay = (6.26)

Jo  RogAT 6 (h2 — h3)

Equation represents the analytical link between the experimental and the numerical part
of the proposed semi-numerical simulation approach. Equation contains four factors where,
factor 4 is constant, factor i7 is the measured spring-in angle of one fabricated specimen or an
average obtained from multiple specimens, factor iii is related to the part geometry as it contains
part-thickness h and the nominal arc-length of the curved sections sy and factor iv, which is
a modeling parameter that contains the chosen temperature change and the modified laminate
area in thickness direction.

1 h3 1
le% — — (p . — .
v = goRo,, AT (W3 —h)

X —_—— ———

(6.27)

K .
22 w

Therein, the parameter AT can be arbitrarily selected. It comes from the transfer of a strain
into a quasi-thermal strain composed of a temperature change and corresponding expansion
parameters introduced in Equation A meaningful selecting for AT is the step from the
curing temperature to room temperature of for example -160 K. This allows a direct comparison
to strains due to the thermal contracting during cool down.

6.4 Advanced Model Formulation

In the preceding model derivation homogeneous orthotropic material properties are assumed
which is suitable for UD laminates or when homogenized laminate properties are used. The
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main advantage of this simplified formulation is the easy parameter calculation which becomes
more complicated when the laminate stacking is considered. It is demonstrated here that this
simplification is not a necessary one. Therefore, an analytical relation is derived which assumes
that only the tool-sided ply’s expansion properties are modified. Origin of the model derivation
is again the following Equation.

0¢/0s,
09/0sg p =D ' M* (6.28)
0

Therein Q‘l denotes the inverse of the laminates bending-stiffness matrix which is derived as

follows.

>

1
o~ adj D with det (Q) — D1 - Doy — D2, (6.29)
det (D)

It should be noted that symmetric laminate properties are presumed. This is due to the
fact that asymmetric laminates inherently induce process distortions due to inhomogeneous
distributed in-plane stresses. As those deformations are not directly related to the manufacturing
process they remain disregarded here. Combining Equations [6.28] and yields:

dp/0s, 1 2_p2| P2 D 0 Qu Qi 0 gy
09/0sy » = AT - 3 dlt(D)O —Di2 D O Qiz Q2 0| -Jay (6.30)
0 & 0 0 5 0 0 Qes), LO

Equation [6.30 represents the final expression for the parameter transfer which cannot be
further simplified without informations of the laminate layup and the ply thickness. However,
it is possible to conduct the following exchange where hg = —%.

(hf = h3) = (h1 = ho) - (1 + ho) = tpiy - (ho + tpiy + o) = Loty - (tpry — h) (6.31)

For sake of clarity Equation[6.301is applied to a simple example. Considering a [0, 90]s laminate
with a ply thickness #,;, = 0.25 mm the modified expansion parameter is derived according to
Equation [6.32]

- C - Ymes
N —9'QOQ'R0#,-AT-(A+B-B1)

A= 20Q% +14Q11Q2 — 1603,

. = 2Q1Q12 — 2Q2Q12
with D11Q12—D12Q11 (6.32)
D12Q12—D11Q22

C= 14Q% +100Q11Q2 + 14Q3, — 8Q?,

A more detailed derivation of Equation is given in Section [Al of the Appendix. There,
Equation is applied for 8552/AS4 prepreg configuration which results in a derived modified
expansion parameter of the tool-sided ply of a, = 26.110 ppm/K which has verified with a FE
model of an L-profile. However, the preceding lines show clearly the increasing analytical efforts
for the parameter calculation.

Qp

6.5 Limitation and Transferability

The preceding model derivation purses the aim to transfer measured process distortions on speci-
men level to corresponding scale independent simulation parameters analytically. The simulation
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approach focuses mainly on the prediction of expectable distortions. Due to the modification of
expansion properties in the curved areas obtained stress values are physically not meaningful for
this areas. However, stresses in the flat laminate areas are reliable as regular material properties
are assigned. To by-bass this, a two-step simulation procedure is possible wherein th first step
derived expectable process distortions. The second step re-deforms the structure to the nominal
shape while regular material properties are used. As this procedure presumes elasticity it is able
to derived in-plane stress components even in the curved laminate areas similar to the numerical
study shown in Section [[.4

Due to shell element based procedure shell-specific limitation are valid for the approach as well.
Thus, the approach is not able to account for stress components acting in thickness direction.
As usual within shell elements models, local edge effects cannot be analyzed with this kind of
elements. Overall part dimensions must be significantly larger that part thickness. As briefly
discussed in this section the model assumed constant radius in the curved laminate areas. Thus,
curvature changing parts must be simulated using the technique described in Section
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7 Verification by Means of Numerical and
Experimental Studies

This chapter is dedicated to the application and wvalidation of the developed semi-
numerical prediction approach. The developed procedure is applied to a set of test
cases. Among other studies, the approach is applied to a C-profile structure with the
aim to derive a compensated tooling geometry. Results are experimentally validated
as one nominal tool and one compensated tool is fabricated. Moreover, the process
distortion of the CFRP box structure is predicted and compared to the measurements
shown in Chapter[d. L-profile shape scattering is transferred to the box scale and the
relevance of both effects is discussed. Finally, the approach is applied to a highly inte-
gral CFRP upper wing cover and results are compared to three fabricated specimens.

7.1 Application and Extension of the Warpage Prediction Approach

The experimental investigation on the warpage effect shows clearly that the effect depends on the
laminate thickness and the specimen length. The developed simulation approach documented in
Section transfers measured warpage deflections w analytically into an equivalent simulation
parameter of. Equation [6.I8] rewritten in the following, describes that analytically.

o h? w(x)
TT3AT (W - h2)  a?

with  Zper = L/2 (7.1)

The use of this simulation procedure is briefly shown in the following. As an example confi-
guration, a 1200 mm long and 0.5 mm thick warpage specimen is considered. Specimens are
made from M21E/IMA prepreg material. They show an average warpage deflection of 75.9 mm.
As specimens are fabricated with a 180°C process cycle, AT to room temperature is -160 K.
According to the preceding Equation o is obtained to 0.87847 ppm/K when assuming that half
of the laminate is modified.

U, Magnitude
75.90
. 69.58
£ 56,93
| 24.28

Fig. 7.1: Warpage simulation with the derived parameter

As shown in Figure [[[1] the parameter transfer from measurement data to the simulation
parameter works. However, when considering the major findings of the experimental warpage
investigation, which showed a direct dependency of the obtained warpage distortions from the
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specimen length, the specimen thickness and the CFRP material, the simulation procedure is
not very effective as at least one specimen of a certain configuration must be fabricated to
derive the equivalent simulation parameter based on the obtained warpage deflection. Due to
this high sensitivity of the effect it will not be possible to derive a single analytical relation valid
for all specimen configurations. Nevertheless, it is possible to interpolate between the material-
specific specimen configurations. Thus, it becomes possible to predict process-induced warpage
distortion for configurations which are in between the data points.

Within the experimental warpage studies of Chapter Bl nine configurations with specimen
thicknesses of 0.5, 1.0 and 1.5 mm and specimen lengths of 600, 900 and 1200 mm are fabricated.
This is done for three different prepreg materials. The idea is to interpolate between these
nine configurations in order to achieve a closed 'parameter surface’. Thus, expectable warpage
distortions can be reliably estimated for configurations which are not equal to the fabricated
ones. Of course this procedure is not limited to 3D parameter surfaces. It can be applied to
parameter curves as well. Due to the characteristics obtained in the experimental part, a C*
steady surface with a simple analytical equation does not seem suitable for the measurement
results. Therefore, a C steady bilinear interpolation is done as described by Salomon et al. [98].
Each sub surface is uniquely defined by its four corner points and is valid for a certain length
and thickness area. Using this technique, Equation [[I] can be transferred to a more applicable
form given by Equation

16 ¢

=3AT2 B i, wi, u - wg, 1]F (7.2)

AO&Z‘
Therein t and L describe the specimen thickness and length while [u;, w;, u;-w;, 1] is the vector of
normalized length and thickness coordinates. The parameter vector p. is the basis of the bilinear
surface interpolation. It is derived based on the four sub-surface corner nodes specific for each
material. Tables [T.1] and [.3] give the corresponding parameters for the investigated prepreg
materials M21E/IMA, M21/T700 and 8552/AS4, respectively.

Area; length-range [mm)] thick.-range [mm)] norm. thickness norm. length D, [mm)]

areay 600 < L < 900 1.0<t<1.5 up = LT wy = L5800 [3.433,2.817, 4.800, 2.517] T
areas 600 < L < 900 05<t<1.0 ug = 1-%95" wy = L0800 [16.050, 7.617, 29.767, 5.950] T
areas 900 < L < 1200 1.0<t<1.5 ug = 1221 wz = L2200 [8.233, 5.233, 7.900, 5.333] T
areay 900 < L < 1200 05<t<1.0 ug = 201 wy = L2200 [45.817,13.133, 3.367, 13.567] T

Tab. 7.1: Parameter for bilinear parameter-surface interpolation for M21E/IMA corresponding
to equation

Area; length-range [mm thick.-range [mm norm. thickness norm. length p. [mm

p;
area; 600 < L < 900 1.0<t<1.5 up = 2221 wy = L5500 [1.667, 1.200, 2.550, 1.1833] T
areas 600 < L < 900 05<t<1.0 ug = % wy = L5000 [7.933,3.750, 18.783, 2.856] T
areas 900 < L < 1200 1.0<t<1.5 ug = 1-05? wy = L5200 [4.217,3.90, —0.0167, 2.383] 7
areay 900 < L < 1200 05<t<1.0 ug = 2920 wy = L2200 [26.717, 3.883, 5.133, 6.600] T

Tab. 7.2: Parameter for bilinear parameter-surface interpolation for M21/T700 corresponding
to equation

Area; length-range [mm] thick.-range [mm)] norm. thickness norm. length P, [mm]

areay 600 < L < 900 1.110 < t < 1.665 uy = 1§3§g‘ wy = L5500 [2.425,2.350, 5.250, 0.950] 7
areas 600 < L < 900 0.555 < ¢ < 1.110 ug = % wy = L5000 [5.250, 7.60, —4.275, 3.375]T
areas 900 < L < 1200 1.110 < t < 1.665 ug = L90=L wy = L5200 [7.675,4.025, —2.550, 3.300] 7
areay 900 < L < 1200 0.555 < t < 1.110 ug = 2I0=L wy = L2200 [0.975,1.475, 3.800, 10.975] T

Tab. 7.3: Parameter for bilinear parameter-surface interpolation for 8552/AS4 specimens corre-
sponding to equation
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For sake of clarity, the application of these parameter surfaces, it is exemplary applied for the
M21E/IMA configuration. The parameters of the configuration are summarized in Table [T4l
Note that the specimen thickness and the specimen length differ from the ones of the fabricated
specimens.

Parameter value
length L 1050 mm
thickness ¢ 0.75 mm
AT —160 K

Tab. 7.4: Test case properties

Due to the given length and thickness of the specimens, the suitable parameter P of areay
listed in Table [[Jl The expected deflection w (¢, L) for the given parameters is derived to

45.817 0.5
13.133 0.5

w(L,t) = aag7 | T gos | T 43.884 mm. (7.3)
13.567 1

Calculation of the equivalent parameter of thermal expansion for the tool-sided laminate area

results to:
16¢

3ATL?
The simulation results for the new ’in between’ configuration are shown in Figure

- 43.884 mm = 0.9951 ppm/K (7.4)

Qg [T = —

U, Magnitude

Fig. 7.2: Warpage simulation for the 'in between’ configuration

Summarized, it is concluded that the warpage phenomenon cannot be described by one
material-independent analytical equation as dependencies from geometry parameters and from
the used prepreg materials are large. However, the presented technique, described in the prece-
ding, interpolates between the obtained experimental results to realize a prediction capability
based on the conducted experiments. Using this interpolation approach, warpage of ’in between’
configurations can be estimated and corresponding equivalent simulation parameters can be
derived.

7.2 Numerical Verification for Warpage of Curved Specimens

Within Section it is investigated whether the warpage effect is relevant for thin specimens
with a considerable curvature. The investigated radius is 350 mm in order to assure comparability
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between the flat and the curved specimens while layup and the specimen length values are kept
constant. Due to the specimen’s shape and due to the manufacturing process it is potentially
affected by warpage as well as spring-in what is outlined in Section Thus, it is possible to
simulate this kind of structure with corresponding parameters obtained from warpage specimens
of from spring-in specimens. The experimental findings show that the observed deflection is
spring-in dominated as, after manufacturing, the specimen radius is smaller than the tool radius.
A dominating warpage effect would have led to an increased specimen radius.

Within this small study it should be investigated whether this finding can be numerically
verified. The obtained average measurement results are shown in Figure

First, the equivalent simulation parameter is derived with the warpage model. The comparison
between the flat and the curved specimen is done for a four-ply configuration. The regarded
specimens have a length of 900 mm and a thickness of 0.5 mm. Three flat and three circular
specimens are fabricated from 8552 /IM7 material. A detailed documentation of this experimental
work is given in Prussak [99]. The average warpage deflection w of the flat specimens is obtained
to 33.3 mm. The equivalent warpage parameter u,qrp is derived according Equation

—16h w —16-0.5 mm - 33.3 mm
LA = 0.6852 K 7.5
Qwarp = GAT T I2 T 3(—160)K - 9002 mm? ppm/ (7.5)

Fig. 7.3: Process distortions predicted with warpage parameters

Simulation results based on this parameter are contrary to the experimental findings. Obtai-
ned deflections in x direction (U1) and in y direction (U2) are one magnitude larger than the
measured ones and they are oriented in the opposite directions. Parameters demanded for the
spring-in based simulation are derived from one representative set of L-profile specimens with
a unidirectional four-ply layup. These specimens produced a spring-in of 1.52°. The nominal
L-profile radius is 4 mm and the laminate thickness is 0.75 mm due to the use of mid-grade pre-
preg with a nominal ply thickness of approximately 0.188 mm. According to Equation the
corresponding parameter for this L-profile is derived to 13.1940 ppm/K as shown in Equation
(.0l

O _prof = —2h Ap
3AT (poRl'

Equation [7.12] is used to transfer the obtained spring-in results of the L-profiles to the regar-
ded use case. Important parameters are the part radius R/ = 350 mm its thickness h! = 0.5

= 13.1940 ppm/K (7.6)
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mm. Consequently, the transferred parameter is derived to ayrans = 0.10053 ppm/K. Predicted
distortions derived with this parameter are shown in Figure [[.4l

COOOHRERINNMNNW N
ONUINONUINONUINGO
ONFEORENNNWOAOD

Fig. 7.4: Process distortions predicted with spring-in parameters. Deflections are threefold ma-
gnified

Note that deflections are threefold magnified. The predicted distortions are of the same order
of magnitude and the direction corresponds to that one of the fabricated specimens. A minor
overprediction is observed which was to be expected as interaction between the tool and the part
remains disregarded within the spring-in simulation. Nevertheless, this model gives a rather good
approximation of the expectable process-induced distortions. Moreover, this study substantiates
that the warpage model is valid only for flat geometries and that the spring-in effect is of
particular relevance for curved flat laminates.

7.3 Compensation of C-profile Process Distortions

Within this study the general idea of a spring-in compensation due to appropriate tool shape
modification is experimentally validated. This is done for prepreg made C-profile specimens.
The main aim of this study is to verify whether a ’linear’ compensation of a tool is sufficient or
if nonlinear effects have to be considered. Moreover, another aim is to exemplary proceed the
proposed sophisticated design process shown in Figure

The Radford relation given in Equation [Z7] describes the angle change Ay of a circular
laminate with the section angle ¢ based on strains in tangential ez and radial er direction. The
corresponding percentage change is constant as shown in Equation [[.7

Ap = TTER, v — A = const. (7.7)
14ep %)

For sake of demonstration, an arbitrary L-profile specimen is regarded which shows a presumed
spring-in angle of Apgpe. = 1.50° and a nominal angle of pgpe. = 90°. This represents a flange
to flange angle of 88.50°.

In order to compensate this distortion, the first idea is to add the obtained spring-in angle
Apspec to the nominal tool angle. Thus, the angle between the tool’s flange surfaces is 91.50°.
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This is the most straightforward way of compensation. Therefore, it is used for the fabrication
of compensated C-profiles here.

However, when looking at the shape of the composite part, which is fabricated on the modified
tooling in detail, the section angle of the profile and the tool decreases due to this geometry
modification. According to Equation [Z.7] this decrease results in a reduced expectable spring-in
angle for the modified configuration. Equation shows this. For sake of clarity, please refer to
the definition of the spring-in angle and the differentiation between the enclosed and the section
angle given in Figure

Astpec ASpcomp

= With Ptool = Sospec - ASOspec (78)
Pspec Ptool

Consideration of the reduced section angle of the part results in a reduction of the compensation
angle Aycomp what is given by Equation

A90spec2

7.9
Pspec ( )

A()Ocomp = ASospec -
Therein, the angle Aycomp represents the increase of the flange to flange angle of the tool. For
the regarded L-profile A@ o, is derived to 1.475°. Considering the obtained standard deviations
of the fabricated L-profile specimens given in Section [£4] it is obvious that those are one order
of magnitude above the derived deviations here. Consequently, the following study pursues the
linear compensation strategy presented above in order to compensate process-induced distortions
of prepreg C-profiles.

As a kind of worst-case scenario, a layup with a comparatively large spring-in is used for
the demonstration of the compensation idea. Thus, four L-profile specimens with a [45, —45],
layup and a radius of 6 mm are the reference which show an average spring-in angle Ay of
2.22° and a standard deviation of san, = £0.11°. This parameter set is taken to verify that a
tool compensation is possible even for spring-in angles over two degrees. C-profile specimens are
fabricated with a [45, —45]45 layup what results in laminate thickness of approximately 2.1 mm.
According to the spring-in investigation, this modification is expected to have no influence on
the occurring spring-in angles.

Two aluminum tools are fabricated where one has 90° angles between the web and the flanges
and the other has 92.22° angles. Figure shows the measured tool surfaces within the GOM
Inspect software. Manufactured tool accuracy is verified using the full-field measurement system
described before. As shown in Figure the deviation from the nominal angles is -0.03° for the
nominal tool and +0.01° for the compensated tool, which is satisfying.

Tool angle (Comp)

Tool angle (Nominal) A Actual
% Actual £z +92.23°

Z +89.97°

Fig. 7.5: Measured tool angles of the nominal and the compensated tool

To compare the tool shape with that one of the manufactured parts and especially the flange
to flange distance, two measurands d_19 and d_5¢p are defined according to Figure
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-10 mm -50 mm
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Fig. 7.6: Definition of the two measurands d_1¢ and d_s5¢ used for the comparison of tool shapes
and manufactured specimens

The distances d_j9 and d_s5g are measured for both tools at room-temperature conditions
based on the obtained point clouds and with a hand caliper for the fabricated C-profile specimens.
Note that d_s5o corresponds to the flange-tip distance as illustrated in the preceding figure. In this

case study one specimen of each tool is manufactured whereat both tools and both specimens
are shown in Figure [[.71

Fig. 7.7: Nominal and compensated tool and both fabricated specimens

Table[T.Hlists the conducted measurements and the nominal design data from the CAD model.
Therein the angle 6 is derived according to the following Equation.

d_s50 —d_190

0= tan — 7.10
arctan 5. 40 o ( )

It describes the deviation to the nominal design for each configuration. A positive 8 indicates
that the flanges of the regarded configuration are outside the nominal shape as shown by the "tool
comp’ configuration shown in Figure for example. An evaluation of the measured distances
and in particular the comparison of the 'Tool compensated’ and the "CAD comp nominal’ con-
figuration reveals a slight offset of approximately 0.44 mm between both measurements, which

is likely a result of the milling process. However, as the obtained flange angle is correct, this has
no impact on the expectable spring-in distortions.
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Configuration d_10 [mm] d_50 [mm] 6 [°]
CAD nominal 150.00 150.00 0
CAD comp nominal 150.32 153.42 2.22
Tool nominal 150.04 150.05 0.01
Tool compensated 150.76 153.83 2.22
Part nominal 149.97 147.20 -1.98
Part compensated 150.84 151.09 0.18

Tab. 7.5: Measured dimensions d_19 and d_sg

The evaluation of the "Part nominal’ configuration shows that the specimen fabricated on the
nominal tool reveals a 6 of —1.98° which is 0.24° less than the obtained L-profile-based average
used for the compensation. The evaluation of the 'Part compensated’ configuration reveals a 6
of 0.18° which represents a slight overcompensation. However, when comparing this result to
the "Part nominal’, the deviation is almost as large as the aforementioned difference between the
measured C-profile spring-in and the L-profile-bases average of 2.22° used for the compensation.
An application of the 'nonlinear’ compensation described in Equation derives Apcomp to
2.17°. Thus, a consideration of the nonlinearity within the tool design would lead to a reduction
of 6 to 0.13°.

The origin of the obtained deviations between the L-profile spring-in magnitudes and that one
of the C-profiles is not further investigated in this case study. Nevertheless, it is recommend to
fabricate more specimens in order to achieve a statistical verification. Figure visualizes the
effect of the tool compensation strikingly.

tﬁs - sl ("3

Fig. 7.8: Effect of the tool compensation. Distance between red lines is approximately 2 mm

Summing up, the fabrication of this kind of C-profiles without a spring-in compensation
leads to a flange to web angle deviation from the nominal (90°) of approximately 2° which is
accompanied by a decrease of the flange to flange distance of approximately 4 mm. Using the
'linear’ compensation approach shown here, a reduction about 93.75 % to 0.25 mm is achieved
which represents a significant improvement. Using the 'nonlinear’ compensation, this value can be
further reduced to 2-sin(0.13°)-40 mm = 0.18 mm. The gained improvement within the assembly
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process is schematically illustrated in Figure Assuming a structural bonding process, desired
adhesive layer thicknesses tpong are roughly in the range of 0.3 mm to 0.7 mm. The thickness
variation of this bond layer, as a consequence of process-induced distortion, is denoted with
tbond,vari in Figure

| ]

|
C-profile thond
tbond,vari

Fig. 7.9: Illustration of the variation of the adhesive layer thickness due to process-induced
distortions

Regarding the C-profile fabricated on the uncompensated tool, tyond,veri is obtained to 1.98
mm which is approximately three up to seven times a realistic adhesive layer thickness tpoqg-
Regarding the specimen fabricated on the compensated tool, tyond,veri is reduced to 0.09 mm
which is significantly smaller than tp,,q. Within a riveted assembly the advantages shown for
the bonded joint are transferable and will lead to a massive reduction of cost intensive hard and
soft shim use and to a reduction of assembly-induced stresses due decreasing part deformation
during assembly which are detrimental to the part’s performance.

7.4 Spring-in Simulation for a Curved L-profile

In Section [£.7] curved L-profiles are experimentally analyzed. Cross section analysis of the fabri-
cated curved specimens reveals identical spring-in angles as obtained for the regular L-profiles.
This suggests that the whole profile is dominated by the spring-in effect although affectations by
the curved flanges are conceivable as well. A shell-element model of the curved profile is set up
in order to apply the developed simulation process. For sake of convenience, the laminate is mo-
deled utilizing homogenized material properties. These parameters are derived with ESAComp
to Ef = 47760 MPa, Er; = 23590 MPa, G2 = 29130 MPa and v15 = 0.792. The corresponding
part coordinate system is depicted in Figure [[.10l
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0° (II) direction

90° (I) direction
Fig. 7.10: Material orientation within the shell model

The modified laminate parameters are derived based on Equation Regular L-profiles
with a similar layup show an average spring-in angle of 1.43°. The local radius of the part
is 4 mm while is has a constant laminate thickness of 2 mm. The local section angle of the
regular L-profiles is 90°. Therefrom, the equivalent expansion parameter is derived to 33.1713
ppm/K. The application of the model to the curved flange demands the transfer of the derived
simulation parameter to this new geometry. Therefore Equation[7.I2lis applied while the nominal
parameters of the curved profile are inserted.

ol R oM. RI
hi - Rl
The resulting parameter for the curved flange is calculated to 0.2696 ppm/K. These parameters
are applied to the corresponding curved areas while elastic properties are equally set for all areas.
Figure [C.11] shows the derived distortions of the curved profile. The applied boundary conditions
are depicted on the left of Figure [[.14], whereat the black illustrated edge of the model. There,
all translations and rotations are constraint.

— o'l =0.2696 ppm /K (7.11)
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Fig. 7.11: Simulation result for representative boundary conditions
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A simple measurement setup is used to verify the accuracy of the simulation. A schematic of
the utilized measurement setup is given in Figure Therein, two steel squares are clamped
together while the part is clamped against one square. A simple steel rule is used to measure
the gap between the steel square and the part.

clamped part

angle squares %

—

clamp

5 mm / steel rule

Fig. 7.12: Schematic of the used measurement setup

Fig. 7.13: Measurement using setup of Figure [[.T2]

Figure shows the obtained gap which is slightly below 1.5 mm which matches excellently
to the conducted simulation shown in Figure [[ 11l Nevertheless, the conducted simulation is
used to exemplary illustrate how different boundary conditions can induce massive misinter-
pretations of occurring distortions. Figure [[.14] shows the results of three simulation runs. The
underlying material properties are kept constant while only boundary conditions are varied. The
derived distortions of the structure are identical for all three configurations. Nevertheless, the
different results suggest completely different cognitions. This must be kept in mind when eva-
luating process-distortions of composite structures as badly chosen boundary conditions within
the simulation can lead to massive misinterpretations. In Figure [[.T4] boundary conditions are
illustrated by a black rectangular. At these selected nodes all translational and rotational DoF's
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are constraint. The boundaries are assigned to three different regions: the flange centerline, the
flange end and the web end.

U, Magnitude

1.42 U, Magnitude
U, Magnitude

Fig. 7.14: Deceiving simulation results. Boundary conditions apparently affect part distortions.
"Encastre’ properties (U; = UR; = 0 for ¢ = 1,3) are assigned to the black marked
areas while other model parameters remain constant

While the first boundary condition (left) allows a direct comparison to the measurements
shown in Figure [[.I3] both others are widely inadequate. To prevent this kind of error-proneness
a local shape evaluation based on node to node measurements should be conducted, as it is
independent from the coordinate system of the simulational model.

7.5 Spring-in of Curvature-Changing Structures

The majority of structural components used in aerospace is composed of flat, simple- and double-
curved areas as illustrated in Figure In addition, it is common that curved areas have a
constant radius. However, there are applications with more complex curvatures or a varying
curvature along the part length. These components are in the focus of this section.
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Fig. 7.15: Structural components in aerospace applications are commonly composed of flat,
simple-curved and double-curved sections

Figure [ 16l shows a CFRP leading edge which has a varying curvature along its cross section.

Fig. 7.16: Small demonstrator of a CFRP leading edge as an example of a curvature changing
structure. Picture taken from [100]

Regarding Equation 6.21, the angle change ¢ is derived from the gradient 0p/0s, integrated
along the arc length sg. This equation is very simple for constantly curved areas. However, it
becomes more complicated for curvature varying surfaces as the arc-length becomes a function
of the changing radius R = f(¢p).

The main problem is the relation between a measured spring-in angle and a corresponding
equivalent expansion parameter o which is part of Equation 6.23. For constantly curved areas
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a constant coefficient of thermal expansion is derived. This is only feasible when assuming that
the spring-in effect generates homogeneously along the arc length as no curvature change occurs.

In the following, a simple strategy is proposed to use the measured spring-in angles of L-profile
specimens for structures with varying curvature.

There, the equivalent coefficient of thermal expansion af, describes the angle change for a
circular section with the section angle ¢ and the laminate thickness h. Substantiated by the ex-
perimental experience, the spring-angle is invariant to the profile’s radius but linearly dependent
on the section angle . Although experiments showed that the spring-in angle is independent
from the laminate thickness, the modeling parameter depends on the thickness as this infor-
mation directly affects the second moment of inertia of the profile. Consequently, the modeling
parameter depends on the thickness. Equation describes this analytically.

ag - R* oz{p -R! _ ag - R*- n! (7.12)

_ I
h* - hi - Oz(p h* - RI

For sake of clarity, the use of the parameter transfer is exemplary demonstrated for an arbitrary
profile. The initial equivalent parameter of, is calculated from L-profile specimens with a [0]4
with a laminate thickness of 0.75 mm and an average spring-in angle of 1.52°. Therefore, af, is
derived to 10.556 ppm/K. Figure [[.17] shows the cross section of the profile. The area with the
enclosed section angle of 45° has a laminate thickness of 3 mm for sake of demonstration while
the rest of the laminate has a thickness of 0.75 mm. Figure [[.17 shows the cross section of the
profile while the render shell thickness option of Abaqus is used to visualize the different shell
thicknesses. Nevertheless, the model uses shell element modeling.

w5 = 90°
hg = 0.75 mm
o = 45° .
Kl =3 mm
R* =5 mm

J 45°

R’ =10 mm

Fig. 7.17: Verification of the parameter transfer approach. Green part represents the derived
deformed part geometry

The corresponding parameter for the thicker laminate area is derived according to Equation
Therefore, a{o is derived to 21.112 ppm/K. As can be seen in Figure [[.17], the obtained
spring-in angles of the profile match the expected behavior as the 45° section produces only half
of the spring-in compared to the 90° section.

The use of this simple equation to transfer from one shape to another promises significant cost
saving potential as the number of L-profile specimens, which are necessary for the simulation of
a more complex part, can be reduced. However, according to Equation the model is derived
for homogeneously curved shapes. This is contrary to the aim of modeling parts with changing
curvature.

Therefore, the idea is to interpolate inhomogeneous simple-curved surfaces locally with circles,
which are derived based on the FE nodes. Given that a circle is entirely described by three points,
the node coordinates of these points ]31, ]32, Py are necessary to derive a corresponding circle.
This circle is characterized by a certain radius 7 and its center P.. Of course, this results in a mesh
dependency of the predicted results as quality of the circle-based interpolation of an arbitrarily
curved surface depends directly on the mesh density. Nevertheless, providing that the mesh
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density is sufficient for a reliable interpolation, the approach should give a good estimation of
the real distortions. As demonstrated in Figure [[.T7] the section angle of the regarded corner is
important for the parameter transfer. Equation[7.14l derives the section angle on the interpolation
circle based on the points 131, ]33, and 15;. The radius of a circle trough three points is described
by Barycentric coordinates. The utilized equations [[.13] are taken from [I0T].

_ |P - B||P, — By||P; — Py
2|(Pr — P2) x (P2 — P3|

(7.13)

The local arc length along the interpolation circle is derived according to Equation [7.14]

<ﬁ1_ﬁc>'(ﬁ3_ﬁc>
1 = arccos ~——s——=—s——= (7.14)
|P1 — Pel| - |Ps — F

Therein, it is important that the |]31 —133| represents the largest distance obtained in the triangle
shown in Figure [ I8

For sake of clarity, the procedure is exemplary illustrated for a surface with an elliptical shape.
Figure shows the cross section of the part while black dots illustrate nodes of the FE model.
The red circle represents the circular interpolation of the first three nodes, whereat the gray lines
are fractions of the second and the third interpolation circle.

elliptic cross section

Fig. 7.18: Derivation of the local circles and the corresponding arc length

Moreover, Figure shows the section angle 1 which depends on the coordinates of ﬁl, B,
and ]33. Although this approach is applied manually for this test case, it promises automation
potential within the FE environment as node coordinated are easy accessible.

The center point ]5‘C is of particular importance for this approach. It is derived according to
Equation based on the node coordinates of 151, 152, and Ps.

o = [P=BsP(Pi—Py)(Pi— D)
2|(By—Pa)x (B L3)|2
g ARG AR
2[(PL—Py)x(Pa—P3)|?, (7.15)
Y o PPRE-P)P T
g 2|(P1—P2)T><(P2—P3)|2
P = (zi,9i, %)
To visualize the application within the FE environment, it is applied to an elliptic surface
with the semi axes ¢ = 1000 mm and b = 250 mm. The corresponding analytical Equation is:

ﬁc = 04]31 + ,Bﬁg + ’)/Ijg with

y = 250 mm - \/1 — (/1000 mm)?. (7.16)
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Figure shows the simulation process. For sake of clarity, the surface is subdivided into
only twenty distinct areas what can be seen on the gray surface. Local interpolation circles are
evaluated and the equivalent parameters are derived according to Equation The second
figure shows the assigned material properties which vary locally according to the derived local
curvature. The third figure shows the FE mesh whereat the fourth Figure shows the calculated
deformations for the surface which is approximately 22 mm at the tip. Symmetry boundary
conditions are applied to the edge with the coordinates x = 0 mm and y = 250 mm.

y/mm = 2504/1 — (2/1000)*

I, Magnitude
21.98
20,15
18.32
16.49
14,66
12.82
10,99
9.16
7.33
5.50
3.66
1.832
0.00

Fig. 7.19: Curvature variable elliptic surface. Partitioned surface, locally varying layups, FE
mesh and derived Distortions (f.l.t.r)

The presented approach is not limited to simple-curved surfaces with changing curvature. It
can be applied to double-curved surfaces as well. Figure [[.20] shows a partial area of an ellipsoid.
It is described by Equation [7.17]

) ) ) a = 1000 mm
T Y z .
STt =1 with {b=250mm (7.17)
¢ = 450 mm

Similar to the procedure in the preceding, local fitting circles are derived based on the node
coordinates. This is visualized for a very coarse mesh in Figure Therein, the normal vector
of the red circle is parallel to the x-axis whereat the normal vector of the blue circle is parallel to
the z-axis. However, this concentricity is not necessary. Within the model it should be ensured
that circle normal orientations are parallel to the assigned material orientations.
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Fig. 7.20: Local interpolation of a double-curved surface with circles

Consequently, each surface area of the double-curved surface demands two equivalent expan-
sion parameters.

The proposed approach implies a direct transferability independent from the part scale. With
other words, experimental results obtained on L-profile level can be used for structures with
deviating angles and structures of a different scale. While the linearity from the section angle
has been experimentally validated by Ding et al. [49] the transferability to completely different
structures needs further experimental validation as perhaps other effects as warpage for example
can affect the final shape of the part.

7.6 Verification of the T-joint Tool by Experimental Means

For sake of verification, one T-joint configuration is manufactured. Both, skin and stiffener
have the same [0, 90]45 layup. The T-joint in manufactured from 8552/AS4 prepreg material. A
modified MRCC is used wherein the autoclave pressure is reduced within the first dwell stage.
The idea of this simple experiment is to verify whether the tool predicts distortions of reasonable
magnitude. Figure [[L2]] shows the manufactured specimen during the measurement.

JlL

0,40

20

10

Fig. 7.21: Measured distortion of one exemplary T-joint

Figure [[.22] shows a schematic of the used measurement technique. Therewith, deviation d is
obtained to 2.0 mm while the half skin length is 90 mm. Consequently, the obtained spring-in
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angles on both sides are obtained to v = 0.63°. This corresponds to a deviation of 1.0 mm at
the skin tip in comparison to the simulated T-joint.

—easurement

. . ‘ J
simulation sin(2y) = oo

Force 2y 3
l \ :

Fig. 7.22: Measurement principle used for the photo

Regarding the simulation results given in Figure [[.23] an underprediction is observed, as
only 0.60 mm deflection is derived. Please note the different alignments within the simulation
and during the measurement which are illustrated in Figure As the simulation does not
account for the varied process conditions this could be a possible explanation for this deviations.
Furthermore, a parameter adjustment is recommended.

U, Uz

Sppooooo e
Pt L N OO O o) )
[N S e U N N

Fig. 7.23: Simulation result for the regarded T-Joint configuration

Additional specimens are necessary to assess that thoroughly. However, the study proves that
the T-joint tool predicts deflections of realistic magnitude.

7.7 Prediction of Process Distortions for the Integral CFRP Box
Structure

The simulation strategy proposed in Section is applied to the box structure which is ex-
perimentally investigated in Section Bl According to the flow-chart of the simulation shown
in Figure [[.2] one set of L-profile specimens is manufactured using the box’s prepreg material
M21/T800. Specimens have the same layup as the box [0,90]3s. Both, the box tooling as well
as the L-profile tooling are made from the same aluminum and bagging conditions including
release agent application is identical. Fabricated specimens have a flange length of 50 mm and
a width of 40 mm.
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Fig. 7.24: L-profile specimens and the fabricated box

The fabricated specimens are measured using the full-field measurement system described
above. The average spring-in angle is obtained to Ay = 1.38° while the standard deviation is
obtained to sa, = £0.03° which substantiates the good reproducibility of the spring-in angle for
multi-angle laminates as shown in Section [4.4l The tool-sided surface of the box is used for the
FE model. Note that the outer as well as the mid-plane surface would lead to identical results.
In Figure arrows point at the areas which are modified according to the model definition.

Modified curved areas

Fig. 7.25: Shell-element model of the box structure

To capture the structural behavior of the layup UD material properties of one unidirectional
ply are used. Table contains the used data of the single ply and the homogenized data of
the [0,90]3 derived with ESAComp. Within the simulation composite shell elements are used
which considers the laminate stacking appropriately in order to capture the bending stiffness
correctly. However, within the curved areas homogenized parameters are used as this leads to a
comparable simple modeling as shortly described in Section

Material E, [GPa] E; [GPa] w12 [[| Giz2 [GPa] «; [ppm/k] a2 [ppm/K]
M21/T800 UD 177.00 7.86 0.284 3.18 0 25.00
M21/T800 homog. 92.71 92.71 0.0242 3.18 1.33 1.33
[0,90]3s

Tab. 7.6: M21/T800 material parameters for UD-ply and homogenized parameters [0, 90]3, layup
derived with ESAComp Software
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According to Equation the equivalent expansion parameter is derived to 38.33 ppm/K.
The modeling parameter of Equation is derived to 1/360 Kmm?. In order to focus entirely
on process-induced distortions and to distinguish them from the homogeneous distortions due
to the quasi-isotropic expansion of the layup, the laminate CTEs are zeroed in the model. Thus,
distortions are directly related to the spring-in and not superposed by other effects.

Similar to the experimental procedure, the flange distance is evaluated within the FE model.
Subsequently, spring-in angles are evaluated using similar techniques as in the evaluation of the
measured point cloud. To realize this, multiple node sets are defined in the FE model, whereat
node translations of set ae are used for the angle evaluation and set dy is used for the flange
dlstance evaluation. Figure [7.26] depicts the evaluation node-sets and the derived vectors @ and
b for the spring-in angle /(@,b) evaluation.

Set
et ae ‘WW

LE Set df

< \\\\:\:\ -——
@b
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y-sym aj\’ |||

Fig. 7.26: Spring-in angle and flange-distance evaluation in the FE shell-model

Within the first step the simulation focuses on spring-in distortions only. Result related to
this simulation are denoted with I in the following.

The second configuration accounts for the forced-interaction effect, whereas parameter modi-
fication is done based on engineering judgment and supported by former warpage investigations
documented in [9, [102].

Figure illustrates the predicted flange shape changes Ay, in length direction and the
corresponding deviation from the measurement Ay, as red lines. As simulation results are
symmetrical, only one half of the results are depicted in Figure

T-0.25

Fig. 7.27: Predicted flange deformations for spring-in-only simulation. AY denotes the difference
between predicted and measured flange deformation
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The match of the obtained results is good for the areas where |z| > 289 mm. Characteristics
of the predicted and measured flange shape are very similar. However, deviations up to 16 % are
obtained for the center area of the box (|z| < 289 mm) which corresponds to a difference between
measured and predicted AY = Ay, 1 — Ay, of 0.31 mm. However, the evaluation of the spring-in
angle along the box length reveals excellent match between the experimentally measured results
and the predicted ones as shown in Figure Therein, the dashed lines represent the average
spring-in angle obtained from the L-profile specimens. At a first glimpse the results presented
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A(Apsimulation .............

—— Ay specimen 1

—O0— Ayy specimen 1
£ A1 specimen 2

—t— Ay specimen 2

— A¢nas
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Spring-in angle Ay [°]
o —
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| |
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Length in z direction [mm)]

Fig. 7.28: Measured and predicted spring-in angles, maximum spring-in angle according to Equa-
tion [5.Jl and the average spring-in angle obtained for the manufactured L-profile spe-
cimens

here are somehow conspicuous as spring-in angles match the measurements good while the flange
distance still show deviations. As indicated within Section [5.1] the explanation for this behavior
is comparably simple as the spring-in distortions are superposed by distortions induced due to
forced-interaction which induces a considerable curvature of the box’s web area. The following
figure shows this schematically again.

da:f(a) da:f(a)

Fig. 7.29: Effect of the global part curvature on the measurands flange distance dy and manu-
factured angles @; = @; — Ayp;

As shown in the preceding the predicted flange distance deviates about 0.30 mm (half global
deviation) from the measured one. According to Equation 5.5 which is given here again, the
effect of the web-area warpage is derived to 0.32 mm which matches almost exactly the difference
between simulation an measurement.

g — W -2ah _ (103-2-0.3-55)mm’
w2462 (1032 4 0.32)mm?2

= 0.32mm (7.18)
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Thus, it is concluded that the semi numerical simulation approach is able to predict the spring-in
distortion of the box structure convincingly. As expected, deviations between the prediction and
the measurement occur which can be clearly related to other distortion-inducing effects such as
forced interaction. Nevertheless, the prediction of the manufactured parts is very good, as the
obtained deviations at the flanges are only 0.30 mm to the nominal. Assuming realistic tolerance
requirements, typically used in the industry is +0.5°, would result in a tolerable deviation of
40.48 mm when considering a flange height of 55 mm.

Nevertheless, a set of simulations is conducted in order to assess the magnitude of the acting
effect qualitatively. Based on the cut box, shown in Figure [(.30], the single areas are inspected.
According to Figure 5.4 the cut web area shows considerable warpage of up to 3 mm. This is
induced and enforced by forced-interaction effects as demonstrated in Section Inspired by
the warpage investigations and the developed warpage simulation strategy this approach is used
to account for the forced-interaction effects within the simulation.

Fig. 7.30: Box structure after sectioning

According to the experimental findings presented in section and shown in Figure 5.14] the
expansion parameters of this area are modified based on engineering judgment. The aim of this
approach is not to find the physical reason for the global box curvature. Moreover, the aim is
to qualitatively explain the acting direction of the induced stresses. Therefore, two additional
simulation runs are conducted wherein the thermal expansion parameters of the tool-sided ply
are modified. Table [.7] shows which direction of the thermal expansion properties is modified
in each run.

Simulation run Bottom-ply CTE modified in:

x-direction y-direction
1 X b
II - X

Tab. 7.7: Parameters of the modified simulation runs

The modification of the expansion parameters is done with a constant value of 10 ppm/K. In
run [ the x- and the y- direction are modified whereat in run /1 only the y-direction is modified.
As this modification does not affect the spring-in behavior of the box, only the web area is
evaluated. Figure [[.31] shows the comparison between the measured distortions of the box, the
spring-in only simulation and the two modified simulation runs.
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Fig. 7.31: Comparison of different simulation runs with the measurement. Sub-figure 0 denotes
the spring-in only simulation

The results clearly show that the a homogeneous in-plane thermal expansion cannot explain
the obtained global box curvature. However, simulation run /7 substantiates that the relevant
acting direction is the y-direction. Evaluating the flange distance, as conducted for the spring-in
only simulation what is done in Figure [[.32] shows that the predicted flange distance is almost
equal to the measured one. Therein, Ay, denotes the results of the simulation run I7.
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T -0.25

Fig. 7.32: Predicted flange deformations for spring-in-only simulation. AY denotes the difference
between predicted and measured flange deformation

In summary, based on the modified simulations it is demonstrated that a superposing effect
is acting which leads to a global curvature of the box. Based on the modified simulation runs
it is shown that the acting direction of this effect is most likely in y-direction. However, the
simulation is not able to show whether the web-area is the driving force of this distortions or
if residual stresses in the stringers and the ribs lead to the obtained distortion. Experimental
findings obtained from a slightly modified box design convincingly showed that the web-area
warpage almost disappears when the circumferential path (2 stringer + 2 ribs) is sectioned.
Figure shows the initial and the modified box design.

Fig. 7.33: Original (left) and modified (right) box design used for the investigation of the forced-
interaction effect

As a conclusion of the conducted case study it can be summarized that the simulation approach
is able to predict manufacturing-induced distortions of an integrally fabricated composite box
with good quality. However, the evaluation of a spring-in only simulation substantiates the
experimental findings of Section Figure [7.34] shows the simulation result of the simulation
run I while deviations from the nominal shape are illustrated.
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Fig. 7.34: Predicted manufacturing deformations of the box structure. Magnitude of node-
translations [mm)] is depicted, which correspond to the deviation of the manufactured
shape from the nominal shape

It was demonstrated that forced-interaction effects induce global curvature of the part. This
is verified experimentally in Section as a modified design of the box showed only a small
fraction of the web-area warpage compared to the initial design. Of course this design change
affects the structural behavior of the box massively which must be considered in the structural
sizing. Nevertheless, when focusing on highly integrated design for example, this kind of design
modification can be a promising solution in order to reduce undesired process distortions. From
an experimental point of view the forced interaction effect needs more detailed investigations in
order to identify and quantify the essential drivers.

7.8 Consequences of Process Scattering on Box Distortions

The prediction of expectable process-induced distortions of the CFRP box structure shown in
the preceding section uses the average spring-in angle obtained from four nominal identical L-
profile specimens. However, as shown in Section [4.4] composite parts commonly show a certain
amount of scattering. For a designer it is important to know whether a fabricated structure
fulfills or violates tolerance requirements. Furthermore the magnitude of expectable scattering
is of particular importance. As long as scattering is observed on L-profile level it is most likely
present on the more complex part level.

In this study the effect of scattering is quantified for the CFRP box structure investigated
before. Therein, three levels are observed where the first one represents excellent manufacturing
conditions with a standard deviation of the expectable spring-in angle of sa, r is £0.03°. The
second level considers a standard deviation of s, ;7 = £0.10° which is a rather realistic value as
shown in Section 4.4l The third level assumes a standard deviation of sa, 777 = £0.15° which is
considered as the worst cast. Nevertheless, there are selected layups where scattering can exceed
these values. However, layups which are used in industry applications are well circumscribed
with the chosen scattering intervals.

Figure illustrates the different scattering intervals while the blue line corresponds to the
predicted spring-in angle along the box’s length. Therein, the gray-scaled area represents the
expectable range of spring-in based on the scattering levels for an uncompensated manufacturing.
Note that level one cannot be differentiated from the blue line as the area is too small.
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The green areas represent the expectable scattering for manufacturing on a compensated tool.
It is obvious that a tool compensation leads to a significant improvement although the scattering
is still present.

\
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Fig. 7.35: Range of expectable spring-in angles without compensation (gray scale) and with
compensation (green scale)

As outlined before the connecting dimensions are of particular importance within the assembly.
Based on the assumption that the average spring-in angle can be compensated due to appropriate
tool modifications there is still some scattering. Figure illustrates the expectable scattering
after the average spring-in angle is compensated within the tool. The red line represents the
simulation result whereat the black line is the measurement.

Note different axes scales!
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Fig. 7.36: Expectable variation of connecting dimensions due to angle spring-in scattering. Note
the different axes scales

The maximum deviation from the nominal shape at the section x = 0 mm is 0.29 mm which
is a rather good result. Although compensation by tool modification is a promising strategy
for the CFRP box regarded here, this approach is not feasible for all applications. Section [Z.10l
outlines suitable and less suitable geometries.
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7.9 Process Distortions of a Highly Integrated CFRP Upper-Wing
Cover

Originally the aim was to develop a straightforward strategy for the prediction of process-induced
distortions of profile-like structures as stringers and spars. As shown in the preceding section the
developed approach is able to predict process distortion for integral structures as well. Therefore,
as a next step, it is applied to an integrally fabricated panel what is content of this section. This
panel represents a cut out of an integrally fabricated wing skin which is schematically shown
in Figure [0.Il The main aims of the wing study are the establishment of a highly automatable
and therefore cheap manufacturing process and the realization of a high precision part providing
shape tolerances suitable to achieve more natural laminar flow. The integral design concept is
a consequence of the NLF requirements as neither steps and gaps are allowed nor a rivet-based
assembly is feasible.

Within this study the developed approach is used for the prediction of process distortions.
Predicted distortions are compared to measured ones whereat three panels are the experimental
basis within this study. As the manufacturing strategy for this panel is still in stage of deve-
lopment, each panel is manufactured with slight differences. As an example, the filler materials
are varied from one to another item. Furthermore, the layup is modified as +45° and -45° UD
plies are substituted by £45° fabric prepreg. Consequently, geometrical variations from panel-
to-panel are observed which are not a consequence of the scattering observed on L-profile level.
These deviations are a result of the aforementioned process modifications. Figure [[.37] shows the
CAD model of the panel and selected dimensions.

a = 100 mm

b = 800 mm

Fig. 7.37: CAD model with selected dimension. Rib and stringer height between 50 mm and 65
mm

Nevertheless, all three panels show comparable characteristic distortions. Obtained magni-
tudes vary slightly between the three panels. The aim of this study is to verify whether the
prediction approach is able to reliably predict the characteristics of the obtained deformations
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and a realistic magnitude. The boxes are made from M21/T800 prepreg material with a nominal
ply thickness of 0.25 mm. The panels are cured with a double-sided aluminum mold concept.
An autoclave curing process with two dwell stages is used which is very similar to the prepreg’s
MRCC. Figure shows the constituents of the integral panel in terms of sub laminates. The
inner box structure is equal to that one investigated in detail in Section Bl A detailed des-
cription of the manufacturing process and the developed tool concept is skipped here as this is
neither a part of this thesis nor is it necessary to evaluate the process-induced distortions.
After manufacturing the geometry of all three panels is measured using the full-field measu-
rement system. The obtained high-density point clouds are the basis for the detail measurement
presented in the following. Figure shows the obtained shape ob the first fabricated panel.

0.000 [mm] 3.100

0.207 0.413 0.620 0.827 1.033 1.240 1.447 1.653 1.860 2.067 2.273 2.480 2.687 2.893

Fig. 7.38: Deviations from the nominal shape of manufactured panel #2

As expected the panel structure shows undesired process-induced distortions. Within the
center area, circumscribed by the inner closed box, out-of-plane distortions are below 0.21 mm,
while the distortions increase up to three millimeters at both open surface areas. As will be seen
in the following, this effect is not critical for the wing concept. Nevertheless, it represents the
manufactured shape of the structure which should be predicted by the approach. The model is
set up based on the inner surfaces of the boxes and the outer surface of the skin as schematically
depicted in Figure These surfaces have been extracted from a volume model within the
CAD system and than transferred to the FE tool. Single surfaces are kinematically connected
within the FE model. The layup of the panel is symmetrical. Consequently it is divided into two
unsymmetric layups which are assigned to adjacent shell areas. The global layup symmetry is
assured due to the coupling. Similar to the CFRP box model, the flat areas are modeled using the
composite module in Abaqus. In flat areas the layup is considered within the simulation while
in the curved laminated areas homogenized material parameters are used. One set of L-profile
specimens is used for the parameter calculation. The L-profiles showed an average spring-in
angle of 1.40°. The simulation results are shown on Figure
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Fig. 7.39: Predicted process distortions of the panel structure

The characteristics of the distortion mode match excellently between simulation and measure-
ment. However, the magnitude of the derived distortions is almost identical as the measurement
reveals a maximum deflection of 3.10 mm the simulation predicted 1.89 mm.

The three manufactured panels show variations. Therefore, the simulation result is compared
to the deflections of the measurements. This is done by two representative cuts. The first cut
is described by the xz-plane as the second one is described by xy-plane. Figure shows the
obtained results for the xz-plane cuts. Only the first millimeters of the stringers are illustrated
for sake of clarity.
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Fig. 7.40: Simulation result vs. measurements of the three panels. Axis scale differs for sake of
illustration

As indicated before the panel configurations show differences what is substantiated by the
section cuts shown in Figure However, panel #1 and panel #3 show almost identical
deflections in this cut while panel #2 shows an increased deflection. The characteristics of the
simulation result is quiet similar on a global level.



162 7. Verification by Means of Numerical and Experimental Studies

These findings relativize the deviations between simulation and the measurement of panel #2
as this panel shows extraordinary high deflections.

Figure [[.41] shows the section cuts along the xy-plane. Used scales are identical to Figure [7.40l
Obtained deflections are one order of magnitude below that one obtained in the perpendicular
direction.
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Fig. 7.41: Simulation result vs. measurements of the three panels. Axis scale differs for sake of
illustration

Again the simulation underpredicts the measured deflection. As a parallel to the CFRP box
investigations the panel measurements show a slight curvature of the center area between both
ribs.

As discussed in Section [B.1] the box is affected by forced-interaction effects. Therefore, it is
assumed that the panel structure is affected as well. This is substantiated by the obtained double-
curvature of the center area between the ribs and the stringers. The simulation run shown here
does not account for the forced-interaction effect. Consequently, the obtained deviation is not
surprising.

Nevertheless, the simulation result is used to characterize the shape of the manufactured
panels in detail. Figure shows five sections with different offsets in z-direction.

2z =0 mm
-z = 88 mm

-z =118 mm
-z = 206 mm
-z =318 mm
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Fig. 7.42: Multiple offset sections to the xy-plane

It becomes obvious that for z > 120 deflection increases massively which is a result of the
missing adjacent stringer. Within the area enclosed by ribs and stringers the deflection is in the
range of £0.1 mm.
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Fig. 7.43: Multiple offset sections to the xz-plane
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This is verified by four offset section cuts in y- direction shown in Figure [.43] The preceding
results lead to two main cognitions. First, the panel structure is suitable for the validation of
the manufacturing process. Due to its design it is well suited for the investigation of process-
induced distortions as they are not constrained. However, the panel design makes it impossible
to assess the suitability for NLF as it is not representative for the in-service situation. Figure
[[.44] illustrates that schematically. Obtained deflections of the panels are far away from NLF
waviness requirements what is an effect of the missing stingers for |z| = 325mm

manufactured
nommal

UZ, UT’Z =

in-service

cyclic sym. ‘ ‘ cyclic sym.

S [ws, ur;] =0

Fig. 7.44: After-manufacturing boundary condition (top) differs from in-service condition (bot-
tom) for the stiffened panel

Consequently, the areas where |z| > 200 mm can freely deform which results in that large
distortions. Based on the cognition that the simulation is able to predict the process-induced
distortions with good accuracy it is used to derive the expectable structural shape for in-service
conditions illustrated by the Figure [[44] (bottom). Therefore, the geometry of the FE model is
modified in order to apply symmetry boundary conditions to the structure. Therefore, dimen-
sions are modified to a — ¢ = 400 mm and ¢ — ¢* = 105 mm. Figure shows the set up
simulation model and the derived deflections for applied symmetry conditions.
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Fig. 7.45: Simulation of a representative panel in for-in-service conditions using symmetry con-
ditions

This Figure shows that the idea to balance process-induced distortions with in-service distor-
tions due to aerodynamic loads is a promising approach as the manufacturing distortions lead
to a warp-in behavior of the areas between the stringers and the ribs. These warp-in will be
counteracted by a warp-out effect induced due to the aerodynamic suction acting on the outer
wing skin during flight. Nevertheless, forced-interaction effects are still an issue which must be
considered in order to reach this challenging goal.

7.10 Feasibility of the Tool-Compensation Approach

A reliable prediction of process-induced distortions is one essential step towards a sophisticated
design process. One major part of this approach is the derivation of appropriate measures to
counteract process-induced distortions by tool-compensation. On the one hand, the prediction
of expectable deformations and the derivation of corresponding tool modifications reduce costs.
Multiple cost-intensive tool-rework loops can be avoided as the tool geometry is virtually mo-
dified prior to the part’s first fabrication. On the other hand, a reliable prediction can help to
substitute invar tools by less expensive aluminum tools. This is desirable, as raw aluminum is
significantly cheaper, milling speeds are higher and the thermal conductivity is one order of ma-
gnitude higher than the one of steel. This promises faster and therefore more efficient processing.
However, as aluminum tools are prone to induce higher process distortions due to warpage or
forced-interaction, the prediction approach must account for these effects thoroughly. Common
aerospace structural components are illustrated in Figure
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Bl Double-curved
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Fig. 7.46: Common structural components in aerospace industry

Most of these structures are suitable for the tool-compensation approach independent of the
tool material. However, tool compensation can become impossible, or at least complex, when
multiple tools interact within one large tool assembly. Figure [[.47 illustrates that for a cross-
section of an integrally stiffened panel, which is similar to the one investigated in Section [T.9l

Tool concept

Fabricated
structure

Fig. 7.47: Schematic of a tool concept for integrally fabricated stiffened panel

Fabricating this kind of structure with a nominal tool, while process distortions remain dis-
regarded, results in measurable part deviations. This is supported by the results obtained from
the manufactured T-joint which is investigated in Section

Results from the C-profile compensation, reported in Section [7.3] show that tool-compensation

can lead to parts with almost no deviation from the nominal design, what is schematically
illustrated in Figure [(.48]
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- )

Fig. 7.48: Feasible compensation concept verified in Section

However, a simple transfer of this approach to the tooling concept of the whole panel is not
possible what is shown in Figure [7.49]

A

Fig. 7.49: Unfeasible manufacturing

This kind of tooling concept will not be able to assure homogeneous compaction of the stiffe-
ning elements. Thus, it is not suitable.

Consequently, stronger tool modifications are necessary to achieve an improved part. This is
schematically illustrated in Figure

Imaf

Fig. 7.50: Improved tool concept for integrally fabricated stiffened panel

This kind of tool might be a solution for linearly extruded parts. However, regarding a com-
plete wing skin with integrated ribs and stringers for example, the complexity of the tool concept
will increase disproportionally. For this kind of structures, a process-based compensation seems
to be a promising approach. Nevertheless, modified processes with modified dwell stages or
temperature ramps demand cost intensive material characterizations in order to enable certifi-
cation. To summarize: tool compensation is a promising solution for the majority of structural
components. However, as the complexity of compensated tools commonly increases, it is the
designers task to find a best balance between compensation and part design modifications.
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8 Conclusions and Qutlook

This thesis investigates phenomena that cause process-induced distortions within composite
manufacturing. In accordance with the definition of Albert and Fernlund [§] it is distinguished
between the three major effects: warpage, spring-in (-back) and forced-interaction.

The superior goal of this thesis is to provide an efficient methodology for the prediction of oc-
curring process distortions. The main aim is to overcome drawbacks of existing numerical-based
process simulations which demand extensive material characterizations, complex solid-element
modeling and transient calculations. To characterize the acting effects thoroughly, extensive ex-
perimental and numerical investigations are conducted to work out the particular main drivers.
Within this thesis it is focused on state of the art prepreg materials. Nevertheless, the developed
simulation strategy as well as essential findings are similar for RTT and RTM manufacturing
technologies. The investigation of the warpage effect reveals a strong dependency from the tool-
surface properties as a rougher surface leads to increased warpage. Measured deflections show a
strong nonlinear dependency from the specimen length and the specimen thickness. In general,
the qualitative behavior is similar for different materials. However, the obtained magnitudes
are material dependent as specimens from materials with discrete interleaf layers produce more
warpage than specimens without interleaf layers. Although deflections can reach considerable
magnitudes for very thin specimens, the relevance for the majority of structural components is
limited as warpage is only relevant for flat structures of thicknesses below 1.5 mm. Moreover,
warpage is driven by single-sided tool concepts using tool material with considerable thermal
expansion such as aluminum or steel. Experiments with a double-sided tool concept reveal no
measurable warpage. The spring-in effect turns out to be relevant for all composite structu-
res that contain curved laminate areas. Analytical investigations verify that spring-in is mainly
induced by the resin’s chemical shrinkage and the thermal contraction. The effect depends li-
nearly on VF for technically relevant VF of 40 up to 70 percent. A comprehensive test program
on L-profile level reveals that neither the part thickness, the profile’s section radius, the tool
material nor the tool surface roughness have an impact on the obtained spring-in distortions.
Even different state of the art prepreg materials results in almost identical distortions what is
proved for a single UD layup. Statistical analysis based on the whole experimental test program
confirms the findings of Jain et al. [19], Nelson and Cairns [20] and Radford [5] as the obtained
spring-in angles can be limited to a range of 1.09°to 2.23° for technical relevant layups made
from the used carbon epoxy prepreg materials. These layups produce a representative average
spring-in angle of 1.57 °. However, even on L-profile level, a representative scattering of up to
10 % is observed for a set of four nominal identical specimens fabricated within one autoclave
run. However, specimen sets with only 2 % scattering are fabricated as well. The sources of
this scattering are not investigated in detail in this thesis. Scattering of the supplied prepreg
material as well as slight misalignment during the hand-layup process are conceivable reasons for
this scattering. Moreover, varying consolidation effects during processing can result in distorti-
on scattering, what is indicated by experimental tests measuring the through-thickness strains,
during processing. This technique is used based on the idea of the developed 'Extended Radford
approach’. As spring-in is almost completely driven by the resin dominated through-thickness
strains this approach measures theses strains throughout the entire curing process. This is done
for circular specimens with dimensions of a few millimeters. Measured process strains for diffe-
rent layup reveal considerable scattering even for one nominal identical configuration. According
to Garstka et al. [14], this is related to consolidation processes which vary slightly from specimen
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to specimen. However, analysis of the obtained strain graphs shows that a certain point can be
derived which can be found in every strain graph. Zeroing different strain graphs of one configu-
ration at this point reveals that almost identical strain is observed after passing this point. The
position of this point is related to the gelation of the resin during the process. As a first step
this characteristic point is used for the spring-in prediction. However this turns out not to be
the correct choice. Indicated by a reverse analysis, the inflection point is more suitable for the
spring-in prediction. Apart from that, the developed experimental technique is able to derive
the thermal fraction of the spring-in effects and the laminate’s CTE in thickness direction. The
thermal fraction of the spring-in angle is experimentally obtained to a fraction of 36 % up to 67
% for different laminates. That correlates with findings of Nelson and Cairns [20]. Experiments
on circular extruded L-profile specimens show that the spring-in angle obtained from regular
L-profiles is equal to that one obtained in the cross section of the curved profiles. One essential
finding of the experimental spring-in investigations is that L-profile specimens are excellently
suited to characterize the dependencies of the spring-in effect. Therefore, the distortions of these
specimens are used as the input parameter for the proposed simulation strategy.

The forced-interaction effect is exemplary analyzed for one integrally fabricated CFRP box
structure. Full-field measurements of the structure reveal that spring-in distortions dominate
the box shape after manufacturing. However, spring-in is superposed by additional distortions
induced due to forced-interaction. By experimental means it is verified that the obtained global
curvature of the box is induced by residual stresses acting in the stiffening elements of the
structure. Within a modified box design this closed force path is cut what result in almost no
residual double-curvature of the box. The developed simulation methodology uses conventional
shell elements. This reduces modeling and computational efforts massively, while almost no
model-size limitations remain. The approach is based on the classical laminate theory. Measured
deflection on specimen level is transferred to a corresponding simulation parameter. This is done
analytically based on the derived Equations. Within the model, this parameter is assigned to the
curved laminate areas while flat part areas are modeled with conventional material properties.
Simulations are linear elastic while conventional shell elements are used.

The application of the methodology to various use cases verifies the suitability of the approach.
Good agreement is achieved when comparing predicted with measured process distortions of the
CFRP box structure. Deviation obtained for a spring-in only simulation can be clearly related to
the forced-interaction effect. Even for a highly integrated upper wing cover predicted distortions
are in good agreement. However, this comparison is superposed by process modifications of
the cover’s manufacturing process which remain disregarded. The proposed sophisticated design
process, which considers manufacturing-induced distortion within the tool design, is applied
to a C-profile structure. A modified tool geometry is derived based on the predicted process
distortions. The part fabricated on this tool shows almost no deviation from the desired nominal
shape. This verifies the general idea of 'tool compensation’ as it leads to significantly reduced
shape deviations of the fabricated parts.

Outlook

This thesis contains a variety of experiments. Some of these experiments are conducted only once
in order to answer a single specific question. Consequently, the evidence from a statistical point of
view is rather limited for these experiments. Therefore, it is necessary to repeat some experiments
conducted in this thesis to statistically verify the results. In particular, the investigations of the
forced-interaction effect should be extended in order to substantiate and broaden findings of
this thesis. Therefore, the presented box structure should be fabricated on an invar tool in order
to experimentally verify the effect of the significant smaller tool CTE. Moreover essential part
parameters such as layup and thickness should be varied. This is essential in order to predict
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distortions due to forced-interaction reliably. Especially for highly integral structures, which
often demand complex tooling concepts, the forced-interaction can be a show-stopper.

The idea of the ’Extended Radford Approach’ is based on the cognition that spring-in is driven
almost exclusively by the resin dominated through-thickness strains. The experimental techni-
que yields very interesting results as strain is measured with extraordinary high reproducibility.
This suggests the developed technique as a suitable alternative for the determination of simula-
tion parameters applicable with the developed approach. Due to specimen dimensions of a few
millimeters, this technique promises additional cost saving potential compared to the L-profile
manufacturing process. However, the experimental setup should be upgraded in order to achieve
realistic process conditions in terms of pressure. Currently, it cannot be concluded whether this
affects the obtained results significantly. As consolidation pressure is supposed to affect only the
pre-gelation phase of the curing process it is not unlikely that the simple technique used in this
thesis is suitable.

Within this thesis prepreg manufacturing is considered. The cognitions of this thesis should
be extended to infusion technologies such as RTI and RTM. Out of Autoclave manufacturing
should be investigated as well as it promises reduced process distortions due to curing at room
temperature. Based on the findings of this thesis a significant spring-in reduction of more than
50 % is expected. As the developed prediction methodology is material independent, it should
be used for other material systems as well.

Considering sandwich applications, the model should be extended as shear deformations of the
core are not realistically captured by the current model which is based on CLT.

The idea to modify the tool geometry to counteract process distortions should be experimen-
tally verified to more complex structures. As outline in Section and experimentally verified
for a C-profile in Section [.3] this approach is suitable for the majority of structural components
such as stringers or spars. However, it must be verified for integral structures such as the regar-
ded box structure. The aim must be to establish aluminum as the standard tool material as this
promises significantly reduced costs compared to invar tools, as the raw material is comparably
cheap and faster machining is possible. Therefore, further experiences must be generated using
the developed tool compensation process. Considering highly integral parts such as a stiffened
panel or even the integrally fabricated upper wing cover, simple tool compensation is not pos-
sible as this would lead to conical shapes of the male cores. This will hinder the alignment of
the cores within the complete tool assembly. Therefore, process-based compensation must be
considered as an alternative solution. Beside the experimental verification, the approach should
be applied to large structures. Tools should be compensated using the approach and finally
fabricated parts should be compared to full field measurements to verify the accuracy of the
prediction. Obtained accuracy for the structures is convincing, in particular when considering
the simple and fast simulation procedure.
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Appendix

A Verification of the Advanced Model Formulation

In this section the advanced model formulation is exemplary applied to one L-profile specimen.
The essential equations of Section are listed in the following.

Jdp/0s,
09/0sg p =D ' M* (A1)
0
-1 1 . . 2
D' =———-adj D with det (Q) = D11 - Dag — Di, (A.2)
det (D)

dp/0s, 1 n2_n2 Dy —Di2 0 Qi Qi 0 Qp
09/0sy p = AT - 3 W —Diz D 0 |- |Qi2 Q2 0| -qayp (A3)

0 = 0 0 b 0 0 Qs), (O

1 1 ~ _ _ _
0p/0sy, = AT'- 3 (hi = hi_1) det(D) (Da2 (Qu1 - v + Q12 - ag) — D12 (Qu2 - v + Q22 - )

(A.4)

Application to an L-profile structure

An L-profile with a [0,90]s laminate is regarded. The nominal ply thickness is t,;, = 0.25 mm
while the initial section angle is 90°. Equation [A.5] gives the ply stiffness matrices for the 0° and
the 90° with respect to the global coordinate system.

[Qu Q2 0 - Q2 Qi 0
@ ]|Qi2 Q22 0 and [Q ]|Q12 Qu 0 (A.5)
L0 0 Qe S0 0 Qes

Equations [A.0] gives the coefficients of the bending stiffness matrix D and its determinant.

1

Dy = T2 (14- Q11 +2- Q22) (A.6)
Doy = % (2- Q1+ 14 Q22) (A7)
Dy = é 16 - Q12 (A.8)
— det (Q) - %22 -2+ (14Q% +100Q11Q22 + 14Q3, — 8Q%,) (A.9)
Inserting the preceding equations in Equation [A 4l gives:

18
192* - det (D)

((2Q11 4 14Q22) - (Qu1 - ap + Q12 - o) — 16Q12 - (Qu2 - v + Qa2 - avy)) . (A.10)

Op/0s, = AT -
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Rearranging and introduction of det(D) gives:

o -18 1922 '
1922 2. (14Q%, + 100Q11Q22 + 14Q3, — 8Q%,)
((2Q% + 14Q11Q22 — 16Q7) - ap + (2Q11Q12 — 2Q22Q12) - ay) . (A.11)

0p/0s, = AT

Integration of the terms A, B and C yields:

Ao, +B-ay)

0¢/0s, = AT - (—9) - ( C

(A.12)

Equation[A.T2]shows that the curvature change in ¢-direction depends on the expansion parame-
ter in ¢ and in 9 direction which is due to the consideration of lateral contraction. An analogous
relation can be find for the ¥- direction Enforcing zero curvature in direction of 99/9sy, as is the
fact for an L-profile, allows the combination of both relations what is given in Equation [A.13l
Therein, B1 represents the interaction coefficient.

_ D11¢:212 - D126:211
D12Q12 — D11Q22

(A+B-B1)-a,

(919/8819 ; 0 — (o)

-, =B1-a, (A.13)

Dp/0s, = AT - (—9) - = (A14)
Integrating along the arc length and solving for «, gives:
o, = C- Pmes
(2 —9'<P0'307¢'AT-(A+B~B1)
A= 20 +14Q11Q2 — 1607,
i B=20Q1Q12 —2Q2Q12
with Bl = DPuQi—Di2Qu (A.15)

D12_Q12—D11Q22 B B B
C=14Q% + 100Q11Q22 + 14Q3%, — 8Q%,

This Equation can approximated by Equation [A.16] as will be demonstrated in the following.

o _ C- Pmes
»,approxr 9. 00 - Ro#y ) AT ) (A)

(A.16)

Application

The model parameters are:

o = 90°
©Omes = 1.5°
AT = —100°C

Ey = 149460 MPa, E5 = 6870 MPa, G132 = 3900 MPa, v15 = 0.268.
The corresponding lamina stiffness matrix is given by:

- 149955.00 1847.26 0O
Q=] 1847.26 6892.76 0 |. (A.17)
o 0 0 3900
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The term A, B, B1 and C are derived to:

A = 0.59390959069 - E11 (A.18)

B = 0.00528542612.4 - E11 (A.19)
B1 = 0.036418556 (A.20)
(BB1 = 0.00001924875 - E11) (A.21)
C =4.11824 - F11 (A.22)

The derived equivalent parameter and the approximated parameter is derived to:

ay = 26.11002 ppm/K = Apmes.ryv = 1.498° (A.23)
O approw = 26.1185 ppm/K = Apmes ren = 1.498°. (A.24)

The comparison of both parameters clearly shows that the approximated solution is suitable as
both results are identical for up to the third decimal place.

B Experimental Study on Interply Slippage

By means of a single experiment it is investigated whether interply slippage occurs during
processing. Therefore, three C-profile strips are fabricated on an aluminum tool in one autoclave
run. As demonstrated for the CFRP box forced-interaction affects this kind of structure. A [0]g
layup is used for all specimens. For the modified configuration I the tool sided ply is cut at the
symmetry line of the C-profile. In configuration II the tool sided ply is cut twice at both ends
of the web area. Both modified configurations and the experimental setup are schematically
depicted in Figure [B1l

| FH

Fig. B1: Experimental setup for the interply-slippage investigation

This simple experiment allows the evaluation whether any slippage between the tool-sided
ply and the rest of the laminate occurs during processing. This is an important information in
context of a process-based spring-in compensation. When slippage occurs, this might be used to
counteract spring-in by modified process cycles. However, in this small study it is investigated
whether slippage occurs during a conventional MRCC.

As discussed in Section [Al high process temperature leads to considerable tool expansion of the
tool during processing. As forced-interaction enforces the specimen curvature, as experimentally
verified in Section [ an additional stress gradient must act inside the part, as a homogeneous
tension would not lead to an additional curvature. Similar to the warpage investigation, the
gradient can be driven by the tool-sided ply or the entire laminate.
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Specimens are fabricated with a 180°C process cycle with an absolute pressure of 0.7 N/mm?.
After manufacturing, the specimen I and the regular specimen are cut and micro section analyses
are performed. Due to the thermal mismatch between the aluminum tool CTE ~ 24 ppm/K and
the CFRP CTE of ~ 0-1 ppm/K frictional forces are expected during processing as the laminate
is forced to stay in contact with the expanding tool what is induced due to the autoclave pressure.
When ply-to-ply interaction is stronger than ply-to-tool interaction no gaps will be observed
areas adjacent to the cut. When ply-to-tool interaction increases ply-to-ply interaction, a gap
will be observed in the micro section analysis of the cut configuration I. Figure shows two
micrographs of configuration I (top) and the regular configuration (bottom).

Fig. B2: Microscopic analysis for the configuration I (top) and the regular configuration (bottom)

The bottom side of each figure represents the tool-sided surface. The bump, located approxi-
mately in the center of both figures, represents one chamfer on the tool surface. A comparison
between both figures shows that no interply slippage occurs as no residual gap is observed af-
ter manufacturing. This is in accordance with Ersoy et al. [63] who measured higher ply-to-ply
friction properties compared to ply-to-tool interfaces. Nevertheless, this experiment needs to be
conducted a number of times in order to gain statistical evidence. Moreover, this setup should
be used for process-cycles variations.

C Spring-in Prediction Tool in MATLAB

The GUI of the developed Matlab-based spring-in prediction tool is given in Figure



C. Spring-in Prediction Tool in MATLAB

177

B spring_In_FVG o e T — L= = |
— Layup — Fiber Properties
[AK (BB L CM].s Ef1 231000
Ef2 21000
A £ v12f 025
45
l . G12f 23000
| c 30 '
l CTE1 -0.63*10(-6)
K 1 =
| CTE2 T.2%04(-6)
L o s
M=K
_ — Resin Properties
I ply thickness 02
' Em 4670
dr -160 i ]
} vm a7
corner angle 20
l Volume shrinkage 005
| FVF 06 i —
CTEm B5*10°(-5)
|
Run!
| Current ply count o
l dPHI_chem + dPHLtherm = DHI
0 % 0 £ 0

Fig. C3: Spring-in prediction tool GUI

The underlying CLT based code is summarized in the following Figure.
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Matlab Code
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D Shrinkage - isotropic, anisotropic

Chemical shrinkage is one major contributor to spring-in distortions. Due to the massive ani-
sotropy of current ply-based composites with their resin dominated properties in thickness di-
rection, this effect needs to be considered as outlined in the preceding. Within Section 1] the
volumetric shrinkage of the resin is transferred to equivalent shrinkage in the ply’s transversal
direction.

This is based on the assumption that a unidirectional ply does not shrink in fiber direction as
the fiber stiffness is significantly larger than the resin stiffness. Thus, it is physically reasonable
that shrinkage occurs almost completely in the un-constrained transverse direction. However,
when using the CLT, homogenized ply parameters are necessary which are derived from the
fiber and the resin properties.

As only the resin shrinks during processing, this must be transferred to an equivalent shrinkage
of the homogenized ply. To account for shrinkage effects within the CLT the resin shrinkage AV



D. Shrinkage - isotropic, anisotropic 179

is transferred to equivalent strains in transverse direction. Figure [D4] shows a homogeneous
continuum in the initial K and the actual configuration.

~

K

b X
>

Fig. D4: A homogeneous continuum in reference configuration K and as-built configuration K.
Volume change due to cure shrinkage

Corresponding parameters are summarized in Table [B1]

v actual-volume [m3]

1% reference-volume [m?]
a,b,& reference-lengths [m]

a,b,c actual-lengths [m]

€ strain in i-direction [%]

i elongation in i-direction [%]

AV volume-shrinkage [%)]

Tab. 8.1: Parameters for the derivation of orthotropic shrinkage

The volume of the reference V and the actual configuration V are given by:

V=ab-c and V=ab-c (D.25)

Therein, the actual length a is derived based on the reference length a multiplied with the
elongation A,.
a=MN-a with N\ =¢+1 (D.26)

The volume change of the continuum is described by :

av= YV YV _, (D.27)
Vv v
Using this equation and introducing Equation [D.26 for each dimension yields:
b AaNpAcabé — abé
AV = 26 g = 2atRe@C T B N odphe — 1 (D.28)
abc abc

This represents the volume change AV as a function of the elongation in each x,y and z direction.
Replacing elongation terms with strain terms gives:

AV = (g + 1)(ep + 1) (e +1) — 1 (D.29)
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Expanding of Equation[D.29gives AV as a function of the strains which is, of course, independent
from the volume.
AV = euepee + €ap + Eale + €pEc + €0 + b + € (D.30)

Regarding an isotropic material which is described by ¢, = &, = €. = € Equation [D.31] simplifies
to:

1
AV253—|—352—|—35:35-(1+e—|—§52). (D.31)

Rearranging and the neglect of higher order terms allows gives the often cited Equation

Ag—v. For sake of comparison to thermal strains this this can be related to a arbitrary

temperature change For regarding chemical shrinkage as a function of temperature the following
transformation is necessary.
AV

AV .
€= 7 — Otherm,equi — m with &= Qtherm,equi * AT (D32)

E =

Transversal Expansion only

Regarding an orthotropic material such as an homogenized prepreg ply for example, Equation
[D.30l must be used. No strains in fiber direction (parallel to x) and homogeneous strains in the
transverse plane are described by:

ee =0 and g, =e.=¢" . (D.33)
Introducing these terms to Equation [D.30] gives:
e*? 4+ 2% = AV (D.34)

Solving for ¢* yields:

£ =-1+V1+AV (D.35)

Assuming that the orthotropic continuum shrinks 3% during processing this is equivalent to

AV = —3%. The corresponding strain in transverse direction is:
e =-14++v0.97 = —0.0151 — —1.51% . (D.36)

Transferring this to a quasi-thermal strain in order to compare thermal contraction with strains
due to chemical shrinkage Equation is divided by the acting AT. Assuming a cool down
from curing temperature to room temperature of -160 K, c¢perm,equi is derived to 94.375 ppm/K.

Note that Equation is derived for homogeneous orthotropic material. Regarding a com-
mon composite this must be adapted as only the resin shrinks. Therefore, the effective volume
change is a function of the fiber volume fraction as Vi.esin = V- (1 — V). Consequently, Equation
[D.35 is extended by this factor.

& =141+ (1 V))- AV (D.37)
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