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In the context of emerging aircraft with boundary layer ingestion and high bypass ratios, fan
broadband noise is expected to increase. On the one hand, broadband noise is excited when
the ingested turbulence interacts with the rotor. On the other hand the distorted mean flow in
the inlet affects the turbulence generated by the rotor, i.e. the rotor wakes and the tip vortex.
In this study turbulence measurements upstream and downstream of the rotor with hot wires
are combined with an in-duct sound power measurement technique in a laboratory fan test
bench. The sound power is calculated based on a broadband radial mode analysis. Based on
the increased turbulence measured downstream of the rotor, the rotor stator interaction is
expected to increase with inflow distortion. The sound power measurements do not confirm this
expectation. The reason for this contradiction are discussed in the paper. It is assumed that
the rotor stator interaction noise is masked by the turbulence rotor interaction noise at high
frequencies and possibly by low frequency stall noise that arises when the rotor blade passes
through the inflow distortion. These assessments are supported by the hot wire measurements.

List of Symbols
Latin Symbols

𝐴±
𝑚𝑛 amplitude of acoustic mode in Pa

𝐵 blade number

𝑐 speed of sound in m/s

𝑓 frequency

𝑓rot rotor shaft frequency

𝑓𝑚𝑛 radial mode shape function

𝐻12 shape factor

𝑘±𝑚𝑛 axial wave number of acoustic mode in 1/m

¤𝑚𝑐 corrected mass flow

𝑀𝑥 axial Mach number

𝑝(𝒙) sound pressure Pa at position 𝒙

𝑟 scaled radius

𝑅 duct radius in m

𝑅ℎ hub radius

𝑆𝑢𝑢, 𝑆𝑣𝑣 velocity power spectral density

𝑺𝑝𝑜 𝑝𝑙 (𝑥 𝑗 ) cross spectral densities between the ring array and the sensor at position 𝑥 𝑗 in the line array.

𝑇𝑢, 𝑇𝑣 , 𝑇𝑤 axial, radial and circumferential component of turbulence intensity
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�̃�2 = [�̃�2, �̃�2, �̃�2], variance of fluctuating velocity vector

𝑼 = [𝑈,𝑉,𝑊], mean velocity vector

𝒖 = [𝑢, 𝑣, 𝑤], velocity vector

𝒖′ = [𝑢′, 𝑣′, 𝑤′], fluctuating velocity vector

𝑈∞ free flow velocity

𝑈tip rotor tip velocity
¤𝑉 volume flow

𝒙 = [𝑥, 𝑟, 𝜃], axial, radial and circumferential coordinate

Greek symbols

𝛼𝑚𝑛 propagation factor of acoustic mode

𝛿1 displacement thickness

𝛿2 momentum thickness

𝛿99 boundary layer thickness

Λ turbulence length scale

Π𝑝 fan pressure ratio

𝜌 density in kg/m3

𝜎𝑚𝑛 eigenvalue

Φ flow coefficient

Acronyms

BLI boundary layer ingestion

BPF blade passing frequency

CRAFT co-/ contra rotating acoustic fan test

HW1, HW2 hot wire probes of type 1 and 2, respectively

RPM revolutions per minute

RSI rotor stator interaction

TKE turbulence kinetic energy

TRI turbulence rotor interaction

Subscripts

()𝑥 , ()𝑟 , ()𝜃 axial, radial and circumferential component

I. Introduction

The increased sound excitation of fans due to disturbed inflow must be given high attention, as this is associated with
future installed flight propulsion systems, such as engine embedding to utilize boundary layer suction. Boundary

layer ingestion (BLI) has the potential to reduce the fuel consumption of emerging aircraft [1, 2]. Hence, BLI may be
a feasible approach to achieve the ambitious goals of the European commission’s FLIGTHPATH-2050 [3]. Besides
the substantial reduction of greenhouse gas emissions, the commission also sets ambitious goals to reduce the noise
emissions of flying aircraft. Thus, reliable fan noise prediction is essential in early design stages of future aircraft with
integrated engines. These predictions require a detailed comprehension of the correlations between the disturbed inflow
an the fan noise sources. The current study supports this goal.
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The inflow of a turbofan with BLI can be characterized by a thick turbulent boundary layer in one segment of the duct
with a spatially non-homogeneous total pressure loss. The related profile of the average velocity and increased turbulent
kinetic energy have a substantial effect on the fan acoustics. The focus of this study is on the broadband noise, although
tonal noise sources are influenced by BLI as well [4–6].

Under clean inflow conditions, the rotor-stator interaction (RSI) noise is typically the strongest fan noise source. This
noise source is in modern fan designs mainly excited by unsteady loading on the stator vanes due to the rotor wakes [7].
As the turbulent length scales are limited by the wakes dimensions, no blade to blade correlations occur. Guérin et al.
[8], Lewis et al. [9] model this noise source with a hybrid approach: Based on a CFD calculation of the rotor wakes, the
acoustic sources are calculated with analytical models. Similarly, hot wire measurements can be used to measure the
wake properties. Then, the same models can be used as if the wake properties were extracted from CFD calculations.

When the fan is ingesting a boundary layer, or a different inflow distortion, the non-homogeneous average velocity at the
fan face leads to locally non-ideal blade incidence flow angles, and subsequently to a modulation of the rotor wakes. As
the rotor blades are locally exposed to higher loading, the boundary layer thickness on the blade suction side is increased
or the flow may even stall. Consequently the turbulent kinetic energy impinging on the stator vanes is increased. As a
result, we expect an increase in the broadband RSI noise [10].

Not only the RSI noise is affected by the inflow distortion, but also an additional noise source is excited. When
exposed to BLI, the interaction between the distorted turbulent inflow and the rotor blades leads to fan noise excitation.
This turbulence-rotor interaction (TRI) noise source is excited by the inflow turbulence that causes random lift force
fluctuations on the rotor blades [11, 12]. However, the physical mechanisms of broadband TRI and tonal inflow-rotor
interaction noise are identical [13]. Therefore, analytical models of this noise source include the description of variable
blade to blade correlations. The two extremes are either fully correlated blade forces, where the model represents a
tonal noise source, or fully uncorrelated blade forces, where the noise source is purely broadband. Between those two
extremes are continuous solutions with different degrees of blade to blade correlations that can lead to haystacks at the
blade passing frequency (BPF) and its harmonics [11–17].

In this context Caldas et al. [18] and Klähn et al. [10] investigated inflow distortions, similar to BLI, by means of
acoustic and aerodynamic measurements in a laboratory fan test rig i.e. the Co-/Contra Rotating Acoustic Fan Test rig
(CRAFT) [19]. Perforated plates, mounted on a flow straightener, were used to vary the mean flow and the turbulence
properties [18]. The acoustic excitation was measured with microphone arrays in the duct up- and downstream of the
fan [6, 10]. The method the authors used to create the inflow distortion profile prevented larger turbulent structures and
blade to blade correlations to emerge. Furthermore, the created flow profile resembled a smoothed step function and
was more of theoretical interest. While in these experiments multiple academic distortion profiles were examined, in the
current study the aim was to create a realistic BLI profile. A more realistic inflow distortion was designed by Kajasa
et al. [20], who designed a distortion fence with the help of CFD calculations. Their distortion fence recreated a BLI
profile from a CFD simulation of a full airplane. Lengyel-Kampmann et al. [21] and Meyer et al. [22] used this fence to
measure the influence of BLI on the aerodynamics and acoustics of a counter-rotating fan in a large scale test rig with
representative Mach numbers. We used the same distortion fence design, in a scaled version, to create a more realistic
mean flow profile. The measurements of the average and turbulent flow conditions up and downstream of the rotor as
well as acoustic in-duct measurements upstream of the fan are presented in this work.

The aim is to experimentally determine the relationships between the disturbed inflow, the disturbed rotor wakes and the
modification of the broadband fan noise sources. For this purpose, the turbulence and average velocities were measured
with and without inflow distortion up- and downstream of the rotor with hot wires [23, 24]. The broadband noise was
measured with flush mounted microphones in the inlet section. The microphones are arranged as a combined axial and
azimuthal sensor array [25]. This should improve the basic understanding and provide verification data for modeling
methods to predict the impact of inflow distortions on the broadband fan noise.

The Structure of the paper is the following. In section II the CRAFT test rig and the inflow distortion are described. In
section III the methods to determine the average flow and turbulence properties from the hot wire measurements are
summarized. Furthermore, in section IV the sound power calculations from the in duct microphone measurements are
summarized. Then, in section V not only the measurements of average flow and turbulence properties upstream of the
fan and downstream of the rotor are shown, but also the determined broadband noise sound power levels are presented.
Finally, in section VII we discuss and summarize the results.
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II. Description of the Co-/ Contra Rotating Acoustic Fan Test rig (CRAFT)
The experiments were conducted at the CRAFT rig, a low speed acoustic fan test rig with a diameter of 453.6 mm. The
used reference fan consists of 18 rotor blades and 21 stator vanes. The rotor speed is 4500 rpm at the design operating
point resulting in a mass flow of 6.9 kg/s.
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Figure 1 Sketch of the measurement setup of the CRAFT rig. The distortion screen is replaced with the one
shown in Fig. 3 right with an increased distance to the honeycomb.

A sketch of the experimental setup is depicted in Fig. 1. Following the stream lines from left to right, the flow is first
conditioned by an inflow control device (Fig. 2, left) that ensures a consistent turbulence distribution of low intensity
and small length scales upstream of the bell mouth inlet [26]. Downstream of the bell mouth a device for the controlled
generation of inflow distortions can be installed. In the current study it consists of a distortion fence, which is inserted
140 mm into the duct (the design of the studied distortion fence differs from the sketch in Fig. 1, see right of Fig. 3
). The mass flow is determined with static pressure holes and a Pitot tube between the distortion device and the bell
mouth inlet. 75 mm downstream of the distortion a flow straightener is mounted. The reason are two counter-rotating
eddies that arise from the edges of the fence and are smoothed out by the honeycomb. The acoustic and aerodynamic
instrumentation is located between the honeycomb and the rotor (see also Fig. 2, right). Behind the stator the outlet
measurement section is located, followed by the primary structures of the test bench and a throttling device, not shown
in Fig. 1. A detailed description of the test rig is given by Tapken et al. [19].

A. Inflow distortion screen design
In Fig. 3 the clean configuration and the inflow distortion fence are depicted. Left a picture of the flow straightener
mounted in the inlet is shown. The rotor casing is open in this picture, hence the rotor is illuminated in the duct.

The distortion on the right is based on a design by Kajasa et al. [20]. The authors used experimental studies and numerical
simulations to design a distortion fence that is able to reproduce the inflow conditions of a boundary layer ingesting
engine embedded into the fuselage of a mid-range civil aircraft [27]. Lengyel-Kampmann et al. [21] successfully used
the design in full scale experiments at the multistage two shaft compressor test facility (M2VP). Meyer et al. [22]
describe the turbulence and aeroacoustic measurements of these tests. In the large scale tests with a diameter of 1 m, the

4



Figure 2 (left) inflow control device; (right) front view of the fan with aerodynamic measurement probes
installed

Figure 3 Tested inlet configurations: (left) flow straightener as clean configuration; (right) distortion fence
designed for reproduction of a realistic BLI profile

fence was not inserted more than 120 mm into the inlet (12.6 % of the duct diameter), to avoid severe blade vibrations.
In the experimental setup at the CRAFT rig, the fence is inserted 140 mm (30.9 % of the duct diameter) and hence the
distortion affects a much bigger portion of the cross sectional area. Based on the setup in the large scale experiments,
the distortion fence is mounted 75 mm upstream of the flow straightener.

B. Measured operating conditions
The measurements are performed at three operating conditions at the maximum rotation speed of 4500 rpm. The
mass flow and rotation speed were normalized with respect to the standard atmospheric conditions at sea level, i. e.
𝑇ref = 288.15 K and 𝑝ref = 101 325 Pa to assure Mach number similarity between measurements. The three operating
conditions are named high loading, working line and high mass flow in this paper. The operating points have the same
maximum rotation speed of 4500 rpm but differ in their mass flow ¤𝑚 and fan pressure ratio Π𝑝. In section V the
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operating points are labeled by means of the flow coefficient Φ:

Φ =
¤𝑉

𝜋𝑅2𝑈tip
=

𝑀𝑥

𝑀tip
, (1)

with ¤𝑉 the volume flow, and 𝑈tip the rotor tip velocity. The specifications of the operating points are summarized in
table 1.

Table 1 Names, flow coefficients, corrected mass flows, axial Mach numbers and fan pressure ratios for the
three operating points in the clean configuration.

Φ ¤𝑚𝑐 in kg/s 𝑀𝑥 Π𝑝

high loading 0.28 5.9 0.09 1.043
working line 0.33 7.0 0.10 1.038

high mass flow 0.40 8.5 0.13 1.029

In the configuration with inflow distortion, the mass flow is measured upstream of the distortion fence. Therefore, the
flow coefficient, the mass flow and the rotation speed are the same for the clean and the distorted case. while the fan
pressure ratio and is expected to be smaller with the inflow distortion. The Mach number is equivalent upstream of the
distortion fence and may differ downstream of it because of the pressure drop that is induced by the fence.

III. Aerodynamic measurements with hot wire anemometry up- and downstream of the rotor

A. Turbulence measurements in the inlet section
Aerodynamic measurements of the inflow conditions are performed by means of hot-wire anemometers 670 mm
upstream of the rotor leading edge in plane E3, see Fig. 1. The hot wire measurements in the inlet are performed with
two x-wire probes at 30 radial positions. The first hot wire probe (HW1) is used to measure the axial and the radial
components of the turbulent velocities 𝑢′ and 𝑣′, whereas the second probe (HW2) is used to measure the axial and the
tangential components of the turbulent velocities 𝑢′ and 𝑤′. The two hot wire probes are staggered azimuthally with
an angle of 17.1◦. The hot wire probes are calibrated by evaluating the Reynolds and Nusselt numbers. As described
by Meyer et al. [24], this procedure reduces the influence of Mach number, Temperature and static pressure on the
measurements. For further details on the measurement procedure the reader is referred to [23].

To calculate the turbulence properties, the velocity Vector is divided into an average and a fluctuating component:

𝒖(𝒙, 𝑡) = 𝑼(𝒙, 𝑡) + 𝒖′ (𝒙, 𝑡) . (2)

From the fluctuating component 𝒖′ the the auto power spectral density (PSD) 𝑆 is calculated via fast fourier transform
(FFT). The variance of the velocity fluctuations is obtained from the auto PSD. For the auto PSD of the axial velocity
component 𝑆𝑢𝑢 the variance �̃�2 is calculated as:

�̃�2 =

∫ ∞

−∞
𝑆𝑢𝑢 ( 𝑓 )𝑑𝑓 , (3)

for the radial component �̃�2 and the circumferential component �̃�2 analogous. The root mean square of the the velocity
is:

𝑢rms =
√︁
�̃�2 (4)

The turbulence intensity is the ratio of the variance of the fluctuating velocity and the average velocity. For the axial
component that is:

𝑇𝑢 =
𝑢rms

𝑈
. (5)
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Note, that we use the local average velocity to define the turbulence intensity. The turbulence kinetic energy is the half
sum of the variances:

TKE =
1
2
(�̃�2 + �̃�2 + �̃�2) . (6)

The three dimensional variance can be determined by combinig the two X-wire probes. In this work however, the TKE
is calculated by assuming an axisymmetric turbulence. For example for HW1:

TKE =
1
2
(�̃�2 + 2�̃�2) . (7)

The calculation of turbulent length scales is based on a hypothesis of homogeneous and isotropic turbulence. As
described in detail by [28], the turbulent length scales Λ can be estimated as:

Λ𝑢 = lim
𝑓→0

𝑆𝑢𝑢 ( 𝑓 )𝑈
4�̃�2 , (8)

Λ𝑣 = lim
𝑓→0

𝑆𝑣𝑣 ( 𝑓 )𝑈
2�̃�2 . (9)

Here the subscripts 𝑢 and 𝑣 denote the axial and radial component of the turbulence and 𝑆𝑢𝑢 and 𝑆𝑣𝑣 are the power
spectral densities of the respective velocity component. The formulation for the circumferential component Λ𝑤 is
analogous to equation (9).

B. Turbulence measurements downstream of the rotor
For the measurements of the rotor wake properties, we understand the velocity downstream of the rotor as a superposition
of two independent processes: First the average velocity profile of the wake that is rotating phase locked with the rotor,
and second the turbulence inside the wake that is fluctuating with an independent phase with respect to the rotor. To
separate these two components, the time series of the velocity fluctuations are adaptively resampled and a cyclostationary
analysis is performed [29]. In the next step the turbulence properties of the wakes are separated from the turbulence
properties in the background flow with the method presented by Caldas and Meyer [30].

To characterize the rotor wakes, hot wire measurements were performed in the interstage section between rotor and
stator at different operating conditions. The two probes are again mounted in the same axial plane with an angle of
17.1◦ which corresponds to the stator vane spacing. A photograph of the two probes behind the rotor is depicted in
Fig. 4. This photograph was taken before the duct was closed for the test. The axial distance of the HW probes to the
rotor trailing edge is 105 mm, see Fig. 9.

In the case with inflow distortion however, the wake properties measured at a single circumferential position cannot
be extrapolated in the circumferential direction. The reason for that is, that the wakes are modulated by the inflow
distortion. Hence, multiple measurements with the inflow distortion device in a rotating duct at 20 positions were
carried out, resulting in a resolution of 18◦.

IV. Acoustic measurements upstream of the fan
Measurements were performed with arrays of wall flushed microphones. A linear array of 30 microphones was used in
combination with an ring array of 59 microphones (Fig. 5). For the broadband noise timelines of 120 s were recorded
with a sampling frequency of 65 536 Hz. The time series of sound pressures are adaptively resampled and separated
into rotor-coherent and rotor-incoherent components. In this work only the rotor-incoherent components are considered.

The measured sound pressure 𝑝 at an arbitrary position 𝒙 at each frequency is understood as a superposition of acoustic
modes:

𝑝(𝒙) =
∞∑︁

𝑚=−∞

∞∑︁
𝑛=0

(
𝐴+
𝑚𝑛𝑒

𝑗𝑘+𝑚𝑛𝑥 + 𝐴−
𝑚𝑛𝑒

𝑗𝑘−𝑚𝑛𝑥
)
𝑓𝑚𝑛 (𝑟)𝑒 𝑗𝑚𝜗 , (10)

with 𝐴±
𝑚𝑛 the amplitude of the acoustic mode of azimuthal order 𝑚 and radial order 𝑛, 𝑘±𝑚𝑛 the axial wave number of

acoustic mode, and 𝑓𝑚𝑛 (𝑟) the radial mode shape function. The superscript ’+’ indicates a downstream propagation of
the mode and the superscript ’-’ upstream propagation.
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Figure 4 Photograph of two hot wire probes, mounted downstream of the rotor

Figure 5 Photography of inlet microphone array

For the broadband sound field, the modes are assumed to be fully uncorrelated and and the expected values of the
squared mode amplitudes are calculated with the combined axial and azimuthal sensor array (CAAS) method method.
A compact description of the method is given by Tapken et al. [31]: „[The CAAS method] evaluates the cross spectral
densities that are calculated for the sensors of the ring individually with each sensor of the axial line [...] and stores them
into the vectors 𝑺𝑝𝑜 𝑝𝑙 (𝑥 𝑗 ) . The radial mode analysis is executed in two steps: First an azimuthal mode decomposition is

performed, in the second step the expected values of the squared mode amplitudes
〈��𝐴±

𝑚𝑛

��2〉 of the downstream and
upstream propagating radial modes are determined by a least-square fit individually for each order m.“ Further details
on the method are found in reference [25]. The high frequency limit of this method is determined by the length of the
microphone array. Modes with the same azimuthal mode order are distinguished by the axial wavenumber. At high
frequencies the axial wave numbers asymptotically tend towards the axial wave number of the plane wave. The more
cut on the mode is, the closer its axial wave number is to this number. Hence, small radial mode orders can not be
distinguished effectively by the method at higher frequencies. The modes with azimuthal order 𝑚 = 0 are the first modes
where this problem occurs. To resolve this, a longer axial array would be required. With the line array in the inlet the
mode decomposition is robust for the modes with order 𝑚 = 0 up to 6 kHz, which is about 4.5 times higher than the BPF

8



at maximum rotor speed. Above that frequency, the modes with small mode orders are systematically overestimated.

The sound power of the acoustic modes is then calculated based on the calculation of the intensity according to Morfey
[32]:

𝑃±
𝑚𝑛 =

𝜋𝑅2

𝜌𝑐

𝛼𝑚𝑛 (1 − 𝑀2
𝑥)2

(1 ∓ 𝛼𝑚𝑛𝑀𝑥)2

��𝐴±
𝑚𝑛

��2 , (11)

where 𝑅 is the duct radius, 𝜌 the densit, 𝑐 the speed of sound and, 𝑀𝑥 the axial Mach number. The propagation factor
𝛼𝑚𝑛 is:

𝛼𝑚𝑛 =

√︄
1 − (1 − 𝑀2

𝑥)
𝜎2
𝑚𝑛

(𝑘𝑅)2 . (12)

The definitions of eigenvalue 𝜎𝑚𝑛 and the corresponding mode shape function 𝑓𝑚𝑛 are found in the literature, see e.g.
Tapken [33].

V. Measurement results of different inflow distortions
In this section, the results of the hot wire measurements are presented. Firstly, the turbulence properties in the inlet are
discussed. These are the defining parameters for the TRI noise source. Secondly, the turbulent rotor wakes are analysed
at three operating conditions: the working line, high pressure ratio and high mass flow. Lastly, the effect of the inflow
distortion on the turbulent rotor wakes is discussed. The results are discussed regarding the broadband noise excitation
in section VII.

A. Turbulence measurements of inflow distortion profile
In the following figures, the inflow distortion profile in the inlet section is compared to the clean configuration and to a
theoretically modelled profile. The distorted profile is evaluated at the circumferential position with the largest boundary
layer thickness, i.e. in the center of the distortion. Because modelling the boundary layer of a full scale fuselage
with a boundary layer ingestion engine inlet would go beyond the scope of this study and no sufficient measurements
of realistic BLI turbulence are known to the authors, a one dimensional analytical model is used to give a reference
profile. Staggat [34] describes the model that uses the boundary layer thickness 𝛿99 and the shape factor 𝐻12 as arbitrary
input parameters to calculate not only the mean flow profile, but also the turbulence intensities and length scales. The
shape factor of a fully developed flow profile with no pressure Gradient is expected to be 1.3. Values with 𝐻12 < 1.3
experience a negative pressure gradient, that means the fluid is accelerated and the profile is stabilized. For larger values
𝐻12 > 1.3 the pressure gradient is positive and the fluid is decelerated and the boundary layer is destabilized and may
even separate. When the shape factor reaches the value 4.0 the boundary layer is separated [34].

The turbulence properties from the model should not be regarded as reference values of a realistic fuselage boundary
layer but as a first approximation. Advanced analytical fan noise prediction models might be able to take the BLI profile
into account. Then the model may be used as a tool to enable parameter studies for different fan noise sources, similar to
Staggats work [34].

In Fig. 6 the average axial velocities of the distorted and clean configuration are shown. The logarithmic profile is
modelled to match the properties of the distorted flow profile.

For a quantitative Comparison of the Profiles, the boundary layer thickness 𝛿99, the displacement thickness 𝛿1, the
momentum thickness 𝛿2 and the shape factor 𝐻12 of the inflow distortion profiles are summarized in Tab. 2 The
boundary layer 𝛿99 of the clean case is calculated to be almost 80 mm, which is 35 % of the duct radius. Because of the
slightly parabolic shape of the free flow in the clean case, the 𝛿99 does not well represent the boundary layer thickness.
The 𝛿95 Value for this profile is 14.2 mm, which is still 6 % of the duct radius.

In Fig. 7 the axial and radial components of the turbulence intensities are shown. The clean configuration develops a
typical turbulent wall boundary layer with turbulence Intensities up to 10 %. Outside the boundary layer, the turbulence
intensities are below 1 %. A continuous increase of the turbulence intensity towards the duct wall is reached with the
distortion. This profile shows similarities with a thick boundary layer. Although the turbulence intensities of up to 30 %
in the axial direction are much higher than for the boundary layer of the clean configuration. The modelled profile
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Figure 6 Mean flow velocity profiles, measured with hot wire probes in measurement plane E3.

Table 2 Boundary layer properties of the different profiles

Profile clean distorted log
𝛿99 in mm 79.4 179.5 180.0
𝛿95 in mm 14.2 162.1 162.2
𝛿1 in mm 4.6 71.9 76.4
𝛿2 in mm 3.7 30.6 30.6

𝐻12 1.23 2.35 2.50

reaches a maximum for the axial component of turbulence intensity of more than 20 % at 𝑟/𝑅 ≈ 0.7, and is reduced to
zero towards the duct wall. Here we have a discrepancy between the modelled boundary layer and the distorted flow
profile. All profiles show anisotropic turbulence, i.e. the axial turbulence intensity is higher than the radial turbulence
intensity.
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Figure 7 Turbulence intensities, measured with HW1 in measurement plane E3. Axial component (left) and
radial components (right)

In the theory of TRI noise, the turbulence kinetic energy (TKE) in the inflow is a commonly used quantity. For example,
in the model formulated by Moreau [35] the excited sound power level scales directly with the TKE. In Fig. 8 on the
left the turbulence kinetic energy is shown. Here the axial and radial components of the turbulence are used and an
axisymmetric turbulence spectrum is assumed, i.e. �̃� = �̃�. The clean configuration features higher values of TKE
only in the boundary layer. The TKE of the distortion reache high values in a relatively large area. Nonetheless, The
predicted TKE of the boundary layer model is even higher.
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Figure 8 TKE (left) and Λ𝑥 (right), measured with HW1 in measurement plane E3

The turbulent length scale is also considered very important for the shape of the excited acoustic spectrum and for the
excited sound power of the TRI noise. The length scale determines whether haystacking is to be expected. For this
effect the ratio between the time an eddy needs to travel through a fixed plane must be larger than the time of a blade
passage [13, 17]. Or, more precisely

Λ 𝑓rot𝐵/𝑈𝑥 ≫ 1 (13)

must hold. Therefore the axial length scale is normalized to resemble this criterion. As is visible in Fig. 8 on the right,
the experimentally determined length scales are two orders of magnitude smaller than the length scale in the boundary
layer model. Nevertheless, the turbulence length scales in the distorted flow are bigger than in the clean flow and the
criterion from equation (13) reaches Values larger 1 near the duct wall and small haystacking might be expected for this
inflow distortion. Even for the clean case the normalized length scale is close to 1 in the boundary layer.

B. Average and turbulence flow properties of the rotor wakes
Hot wire measurements were executed at three axial positions, 25 mm, 65 mm and 105 mm behind the rotor. The
acoustic measurements were analyzed with the medium distance of 92 mm between the rotor trailing edge and the stator
leading edge. The results presented in this section were measured with the long distance, as this case is considered most
representative for the acoustic RSI source at the medium distance configuration. For clarity, the axial spacing of the hot
wire measurements and the acoustic measurements is depicted in Fig. 9.

Figure 9 Rotor stator spacing for hot wire measurements (left) and acoustic measurements (right).

All measurements were performed at 4500 RPM rotation speed. The different operating conditions are described by
means of the flow coefficient

As already mentioned above, the velocity of rotor wakes can be understood as a superposition of the average velocities
that are characterized by the velocity deficit of the wakes, and the turbulence of the wakes. To visualize these two
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processes, the resampled time series of one rotor revolution of the velocity behind the rotor is plotted in Fig. 10 in blue
together with the ensemble average of all rotor revolutions in black. Shown here is only the axial component of the
velocity vector, as measured with HW2. Due to the swirl behind the rotor, the HW2 probe is considered more accurate,
because it can be used to separate the axial and the circumferential velocity component. The operating conditions are
4500 RPM and Φ = 0.33. The turbulent fluctuations stand out in comparison to the mean velocity deficit of the wakes.
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Figure 10 Rotor wakes at 50% relative radial height for different axial distances, left is the mean and right is
the rms axial velocity, measured with HW2.

Noteworthy is the overshooting that is not only present in the turbulent fluctuations, but also in the ensemble averaged
velocities. Hot wire measurements of rotor wakes in the literature do not show this behaviour. Jenkins [36] analyzed hot
wire measurements at three axial positions behind the ACAT-1 fan which is representative in size and Mach number for
an aircraft engine. The wake width of the rotor that Jenkins studied was broadened downstream of the rotor to an extend
that the wakes overlapped and the measured flow profile converged to a single sine profile. In Contrast, the wakes of the
CRAFT remain limited with respect to the width and display an overshooting in the average velocity. At the moment it
is not clear whether this difference in the broadening of the wakes can be explained with the different Reynolds numbers
and chord lengths or whether there is a different explanation.

In Fig. 11 the velocities from HW2 for the axial and circumferential component are combined. Here only the velocity
component in the direction of the mean flow vector is shown. On the left of Fig. 11 the average velocity deficit is
shown for three operating points: High loading (Φ = 0.28), reference working line (Φ = 0.33) and high volume flow
(Φ = 0.40). The velocity profile is subtracted from the free flow velocity 𝑈∞, i.e. the average velocity outside the wake
region.

The velocity deficit is smallest for the high loading case and largest for the high volume flow case. The same trend holds
for the overshooting. On the contrary, the wake width and velocity variances are smallest for the high volume flow
operating condition and largest for the high loading operating condition. The wake width is estimated based on the rms
value of the velocity as described by Caldas and Meyer [30], see also Fig. 11 right. The shape of the rms velocities on
the pressure side, that is for 𝜃 > 0, are similar for Φ = 0.33 and Φ = 0.4. However, on the suction side the boundary
layer appears further reduced with the high volume flow because of the negative incidence. An explanation for this
non-symmetric wake shape is the laminar separation bubble at the transition point on the suction side. The transition
is typical for low Reynolds numbers between 2 · 105 and 2 · 106 [37]. With the blade chord of 62 mm, the Reynolds
number is between 4.5 · 105 at the high loading operating point and 5.2 · 105 at the high volume flow operating point.

In Fig. 12 the free flow velocity, the swirl angle and the turbulence kinetic energy in and outside the wake are shown
over the scaled radius 𝑟 = 𝑟−𝑅ℎ

𝑅−𝑅ℎ
, where 𝑅ℎ is the hub radius.
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Figure 11 Rotor wakes at 4500 RPM at 50 % relative radial height for three different flow coefficients. Left is
the mean and right is the rms velocity in stream wise direction, measured with HW2.
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Figure 12 Rotor wake properties a) average flow velocity in stream wise direction, b) swirl angle, c) turbulence
kinetic energy inside the wake, d) turbulence kinetic energy in background flow.

The free flow velocity 𝑈∞ is the absolute value of the velocity vector outside the wake and reaches its maximum near
the hub for all operating points. For the high loading case a local maximum is reached at about 70 % of the duct height.
The swirl angle is negative. Following our convention of the right hand coordinate system with positive x axis pointing
in flow direction, the rotor is rotating in negative 𝜃-direction. The minima of the swirl are near the duct and hub walls.
Near the hub the flow follows the rotor rotation and near the duct wall, the average flow is strongly affected by the tip
vortex. The turbulence kinetic energies for the operating conditions Φ = 0.4 and Φ = 0.33 are similar up to 𝑟 = 0.7.
The region influenced by the tip vortex is larger for Φ = 0.33. The TKE is highest for Φ = 0.28. The TKE in the
background flow is dominated by the tip vortex. The tip vortex is increased with the loading.

C. influence of inflow distortion on the turbulent rotor wakes
In Fig. 13 the average and rms velocity in stream wise direction are shown. The operating point is the working line
reference (Φ = 0.33) and the coloured lines correspond to different relative angles Δ𝜃 between the hot wire probe
position and the center of the distortion. The velocity deficit ranges from −0.3 m/s to −0.9 m/s, which is more than the
variation of different operating conditions. Due to the negative swirl, the strongest effects are measured at 9◦ ≤ Δ𝜃 ≤ 63◦.
In this region rather large rms velocities are measured on the suction side outside the wake, which indicates a flow
separation because of the distorted inflow.
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Figure 13 Distortion effect on rotor wakes at 50% relative radial height for different relative positions of hot
wire probe and distortion, left is the mean and right is the rms velocity in stream wise direction, measured with
HW2, Φ = 0.33.

In Fig. 14 the free flow velocity, the swirl angle and the turbulence kinetic energy in and outside the wake are shown
over the scaled radius for the different relative angular positions of the inflow distortion. Interestingly, the free flow
velocity is minimal where the blade immerses into the distortion, and is maximal were the blade emerges from the
distortion. A similar behaviour is observed for the swirl angle. The minimal value is reached for small relative angles
(−45◦ ≤ Δ𝜃 ≤ 9◦), where the blade immerses into the distortion. This corresponds to the highest loading. The
largest swirl angles (minimal loading) are measured right after the blade emerges from the distortion into the free flow
(63◦ ≤ Δ𝜃 ≤ 117◦).
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Figure 14 Distortion effect on rotor wake properties a) average flow velocity in stream wise direction, b) swirl
angle, c) turbulence kinetic energy inside the wake, d) turbulence kinetic energy in background flow, Φ = 0.33.

The TKE inside the wake is increased for relative angles 9◦ ≤ Δ𝜃 ≤ 81◦ between 20 % and 80 % of duct height. In the
hub region the TKE is barely affected and in the tip region the tip vortex dominates the turbulence. The separation in
the distorted area, that is visible in the rms velocities in Fig. 13 is also visible in the TKE of the background flow. The
separation seems stronger towards the tip of the blade, where the separation blends into the tip vortex.

VI. Sound power level measurements
In Fig. 15 the modal sound power levels of all upstream propagating modes measured in the inlet are displayed at 4500
RPM and for the flow coefficients Φ = 0.28 on the left and Φ = 0.33 on the right. Where more than one radial mode
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order is cut on, the mode sound powers are summed. Above 4 BPF the used method systematically overestimates the
mode amplitudes of the low mode orders, starting at the 𝑚 = 0 modes.
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Figure 15 Sound power level of azimuthal modes summed over all upstream propagating radial mode orders,
clean configuration. Left: high loading, Φ = 0.28, right: working line, Φ = 0.33.

The results of the high loading case show an asymmetry with higher power levels for modes with 𝑚 < 0. This asymmetry
is especially pronounced below 2 BPF. These modes are co-rotating with the rotor. Our interpretation is, that these
modes originate from a sound source downstream of the rotor, likely RSI. Although all modes are excited by the RSI,
the counter-rotating modes tend to be shielded by the rotor and in the measurement upstream of the rotor the co-rotating
modes predominate the mode spectrum [38].

In Fig. 16 the modal sound power levels of all upstream propagating modes measured in the inlet are shown for the
distorted case. The operating conditions are again at 4500 RPM with the flow coefficients Φ = 0.28 on the left and
Φ = 0.33 on the right. Both figures show a distinct increase in sound sound power, relative to the clean case. The
Increase is the most pronounced around the first BPF. However, the differences between the two operating conditions are
hard to spot with the bare eye.
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Figure 16 Sound power level summed over all upstream propagating radial mode orders, distorted configuration.
Left: high loading, Φ = 0.28, right: working line, Φ = 0.33.

For a quantitative comparison the sound power levels of azimuthal modes PWL(𝑚) are summarized over all propagating
modes, in other words along the y axis of Figs. 15 and 16. The result can be observed in Fig.17. On the left the summed
PWL of all upstream propagating modes are shown for the three operating points for the clean configuration, on the
right for the distorted configuration. For the clean case the PWL similar for all Φ. The PWL for the high loading case
is elevated between BPF and 2 BPF. The clean PWL spectra have a wavy shape. This shape can be attributed to the
boundary layer that interacts with the rotor and is comparatively thick due to the long inlet [39].

In the distorted cases (see Fig 17 right) the spectra have a wide maximum around BPF. Furthermore the trends are
contrary to the clean configuration in the sense, that the high volume flow operating point leads to the highest sound
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power excitation. This leads to the conclusion, that TRI is a strong noise source in this configuration, because the TRI
scales directly with the inflow velocity.
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Figure 17 Sound power level summed over all upstream propagating radial and azimuthal mode orders, clean
(left) and distorted (right) configuration.

In Fig. 18 the sound powers of all modes that are co-rotating with the rotor are summarized for different operating
conditions for the clean and distorted configuration. For the clean configuration, the trend of the RSI source is visible:
Up to 3 BPF the sound power rises with the loading. Only small differences between the high loading and working line
operating points are visible for the distorted configuration. The high mass flow operating point shows an increase of
broadband noise, mostly between the BPF harmonics.
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Figure 18 Sound power level summed over all upstream propagating radial and azimuthal mode orders
co-rotating with the rotor, i.e. 𝑚 < 0, clean (left) and distorted (right) configuration.

The summed sound powers for all modes that are counter-rotating with the rotor are plotted in Fig. 19, again at different
operating conditions for the clean and distorted configuration. For the counter-rotating modes, in the clean case the
deviations between the operating points are small. In the distorted case however, a clear trend is measured. The sound
power level is increased with the flow coefficient. This behavior fits to the source of TRI. Especially between the BPFs
the sound power is increased. As the turbulence length scales are small, we expect a flat sound power spectrum to be
excited from the TRI. The maximum at BPF is much less affected by the flow coefficient. At this frequency component
an additional source mechanism can be expected that is likely related to the flow detachment on the rotor blades, where
the rotor enters the inflow distortion, as observed in section V.C.

The summed sound powers for all modes with mode order 𝑚 = 0 at different operating conditions for the clean and
distorted configuration are shown in Fig. 20. The strong contribution below BPF coincides with the cut on frequency of
the first nonzero radial mode order.
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Figure 19 Sound power level summed over all upstream propagating radial and azimuthal mode orders
counter-rotating with the rotor, i.e. 𝑚 > 0, clean (left) and distorted (right) configuration.
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Figure 20 Sound power level summed over all upstream propagating radial mode orders with azimuthal order
𝑚 = 0, clean (left) and distorted (right) configuration.

VII. Summary, discussion and outlook
In the context of emerging engine designs with relevant inflow distortions we expect a drastic increase of the noise
emission. We used an experimental approach, to learn about the effects of inflow distortion on fan noise at subsonic
conditions. We measured the acoustic modes with flush mounted microphones and captured the fluctuating flow field in
the inlet and the effect on the rotor wakes with hot wire anemometers. The present paper supplies a phenomenological
basis for further research on the effects of inflow distortion on different fan noise sources. In this section the results
are interpreted and a hypothesis on the most relevant noise source mechanisms with and without inflow distortions is
formulated.

Low turbulence intensity and small length scales in the free flow and a distinct boundary layer due to the long inlet
characterize the Inflow conditions in the clean case. The operating point substantially influences the measured rotor
wakes in the clean configuration. The wake width and TKE increase with the blade loading. The RSI is closely related
tor the rotor wakes turbulence and increases with blade loading as well. On the contrary the TRI noise increases with
the inflow turbulence and inflow velocity. With analytical prediction methods, Klähn et al. [40] showed that the RSI
noise is the strongest fan noise source at high loading while at high mass flows the TRI noise is the strongest fan noise
source for subsonic axial fans. This trend was not as clear in the experimental data as in the analytical predictions. The
co-rotating modes upstream the rotor contain most of the sound power from the RSI, because the counter-rotating modes
are shielded by the rotor. In the present acoustic measurements, if only the co-rotating modes are considered, the trend
that RSI noise is reduced with increased flow rate can be identified in the clean configurations, see Fig. 18.

In the case with the inflow distortion, the wakes shape and turbulence properties depend on the relative position of
the wake with respect to the inflow distortion. In the rotating reference frame, the wake properties vary periodically
with each rotation. As the inflow distortion impacts the turbulence in the wakes strongly, one would expect an impact
on broadband RSI noise as well. But the acoustic results do not reflect this. Our hypothesis why no clear effect on
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broadband RSI noise is measured is, that other noise sources mask the RSI noise. Which noise source mechanism is
dominant in the present study is not completely clear to the authors and further research on this question is required,
but some candidates can be identified and discussed. These sources are the TRI, boundary layer interaction noise,
separation noise or stall noise [41] and tip vortex noise.

The TRI is the noise source that is mostly considered in the context of inflow distortion noise. As we have high TKE in
the inflow, it is plausible, that this is a relevant noise source. Also the fact that the sound power level is increased with
the flow coefficient supports this. Because of the small turbulence length scales measured in the inflow distortion, this
noise source should generate a flat spectrum. And in fact the spectrum is flattened in the distorted case above 2 BPF.
Furthermore, no spectral broadening around 3 BPF and 4 BPF are visible for the counter-rotating modes at the highest
flow coefficient. However, the maxima around BPF and 2 BPF, that vary only slightly with the flow coefficient, can not
be explained with TRI noise.

The boundary layer at the rotor plane is considerable because of the long inlet. Ganz et al. [39] attribute the wavy shape
of the spectrum in the clean configuration to the boundary layer interaction noise. The authors explain the shape with
the turbulence length scale, which is small in the boundary layer. This seems to contradict the statement in the previous
paragraph about the TRI noise that the small length scales in the inflow lead to a flat spectrum. Equation (13) might
resolve this contradiction. If the axial velocity in the boundary layer is sufficiently small, blade to blade correlations can
occur, see also Fig. 8. Therefore, in the clean configurations this noise source might be dominant above 2 BPF. In the
distorted case the boundary layer in the free flow is not expected to increase substantially and the interaction of the
turbulent distortion Profile should be regarded as TRI. Therefore the boundary layer interaction noise is no explanation
of the maxima at BPF and 2 BPF as well.

The turbulence measurements downstream of the rotor show large TKE values in the background flow in the area of the
distorted inflow. This strong turbulence could be convected inflow turbulence. It could however, also be the result of
flow detachment due to the large incidence angles. The way the rms velocities in the wake fade into the background
turbulence support the latter hypothesis. This detachment would cause a periodic on and off excitation of stall noise.
Stall noise has a low frequency spectrum, but the periodic on and off switching of this source would create a maximum
around the BPF.

The noise which is related to the tip vortex depends not only on the tip clearance, but also on the operating conditions [42].
Similar to the RSI noise, we expect the tip vortex noise to be increased with higher loading (or smaller inflow velocity)
because the tip vortex is increased with the loading. As is confirmed by our hot wire measurements behind the rotor in
the clean case. In the distorted case, the tip vortex depends on the relative position to the inflow distortion and contains
a large part of the TKE. Hence, an increase of tip vortex noise from the clean case to the distorted case is plausible.
However, the tip vortex noise is still expected to be further increased at small flow rates, but the sound power spectra
show the smallest values at small flow rates. Therefore the tip vortex noise is presumably not the strongest noise source
in the distorted case. Nonetheless, the relationship between tip vortex noise, inflow distortion and operating conditions
may be more complex than outlined in this paragraph and should be investigated further.

The conclusion from the presented experimental study can be summarized with following hypothesis. In the clean
configuration the spectrum is mainly composed of RSI noise at low frequencies and boundary layer noise at high
frequencies, while for the distorted configuration the spectrum is mainly composed of stall noise at low frequencies and
TRI noise at high frequencies.

To support or falsify this hypothesis further experiments and aeroacoustic noise predictions are appropriate. Further
experiments with the same rotor but without the stator would help to separate the RSI noise from the rotor noise sources.
Measurements with a short intake should reduce the boundary layer noise and help to estimate the relation between RSI
and boundary layer noise in the clean case. Additionally, aeroacoustic predictions of the discussed noise sources could
help to confirm or oppose the hypothesis. In this regard the predictions must take into account the non-stationary on and
off excitation of these noise sources. The boundary layer model that was used for comparison in section V.A could
be used for parameter studies of these noise sources. An extension of the known RSI prediction methods to take into
account the modulation of the rotor wakes would be required as well.
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